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Plate 1 


SYNOPSIS 


This paper deals with the development of dynamic position- 
ing systems and their application in connection with the 
offshore and allied industries. 

Details are given of the principles of operation together with 
the relevant features necessary to obtain dynamic positioning 
control of a vessel with a detailed account of the more 
commonly used position reference systems. 

The second part of the paper deals with the classification 
aspects, survey procedures and development of the Society’s 
Rules for dynamic positioning systems. 


ie INTRODUCTION 


Dynamic positioning is a relatively recent innovation in 
maritime terms, having developed over the last two decades as a 
result of the transition from shallow water to deep water oil and 
gas exploration where, in many cases, it is impractical to use 
conventional mooring systems. 

The first ship to be assigned one of the Society’s DP 
classification notations was the ‘‘Shearwater Sapphire’’, which 
was built in 1982 to DP (AA) requirements. 


Shearwater Sapphire 


A dynamic positioning (DP) system is defined, for the 
purposes of this paper, as a computer assisted manoeuvring 
system, including all the equipment necessary to provide means 
of controlling the position and heading of a vessel or mobile 
offshore unit within pre-defined limits, exclusively by active 
thrust. See Figure 1. 

It is not the intention of a dynamic positioning system to keep 
the vessel at any one fixed point above the sea bed, but within an 
area of operation which is determined by the operational mode 
of the vessel. 

A dynamic positioning system controls only three of the six 
modes of motion, i.e. surge, sway and yaw, by controlling the 
pitch or rpm of the thruster units against the wind, sea current 
and wave forces to keep the vessel in its operational area. See 
Figure 2. 

The DP system does not control the effects of heave, pitch and 
roll or lateral vessel motions due to first order wave effects. 

Dynamic positioning was also developed to cater for 
situations where the deployment of anchors to maintain the 
vessel on station could cause a hazard to a sub-sea installation, 
i.e. above well heads or pipe lines close to platforms. 
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Fig. 2 Modes of Motion 


Another major factor which led to the development of 
dynamically positioned vessels is the capability of a vessel to 
take up station in a matter of minutes and if necessary quickly 
re-station itself at various points in close proximity to a 
platform, whereas the time to deploy anchors, retrieve them 
and then redeploy could take many hours or even days. 

Dynamic positioning control systems typically are used on 
vessels employed in the following modes of operation: 


(a) Providing support services for offshore platforms, i.e. inspec- 
tion, maintenance, fire fighting and accommodation. 


(b) Coring and drilling. 

(c) Tracking of submersibles. 
(d) Cable laying. 

(e) Trenching and dredging. 
(f) Single point mooring. 

(g) Submarine rescue. 


Recent years have seen the development of a new generation 
of dynamically positioned vessels namely the emergency or 
multipurpose support vessel (ESV or MSV respectively). These 
vessels often combine several modes of operation such as diving 
support, fire fighting and emergency evacuation and hospital 
facilities. 

Details of typical accuracy requirements for DP systems are 
given in Appendix I. 


2. CONTROL SYSTEM PRINCIPLE OF OPERATION 


The principle of operation of the control system is relatively 
straightforward. In order to maintain a vessel on station in 
relation to a fixed point on the sea bed it is necessary to provide 
input signals from position reference sensors to the controller 
where they are compared with the commmanded position 
signal. Based on the error signal between the commanded 
position and the actual position determined from the reference 
sensors the controller produces an output signal to the thruster 
units to reduce the error to zero. The controller, which is 
normally in the form of a computer or microprocessor, controls 
the X-force (fore and aft), the Y-force (athwartships) and the 
turning moment N to move the vessel back to the desired 
position. 

This simple principle is, however, complicated by the effect of 
the environmental forces acting on the vessel which have to be 
taken into account in order to allocate the correct amount of 
thrust in any given direction. The environmental forces to be 
considered are due to the waves, sea current and wind. 

First order wave forces may be high, often exceeding the 
vessel’s total thruster capacity, and it would not be practical to 
counteract them. These forces have no effect on the resultant 
movement of the vessel in relation to a fixed point on the sea 
bed, since they are of an oscillatory nature. It is therefore 
necessary for the control system to disregard them and this is 
effected by filtering the first order wave frequencies out of the 
control system. 

The oscillatory nature of the first order wave effects do, 
however, have considerable effect on the pitch and roll of the 
vessel and for certain types of position reference systems which 
rely on a stable attitude this can create a major source of error 
and accordingly compensation signals are required from 
vertical reference units to take account of the pitch and roll. 

The vertical reference units operate like an inclinometer and 
should be located as close to the centre line of the vessel as 
practicable. 

Compensating signals are also required to allow for the gusting 
effect of the wind. Wind gusts can impose a more rapid change in 
force on the vessel than say the current force and accordingly the 
control system requires an anticipatory or feed forward signal in 
order to take countermeasures against the wind force before the 
vessel begins to move off station. The wind feed forward signals are 


derived from wind sensors, combined anemometers and vanes, 
which provide output signals of wind speed and direction. The 
high frequency components of the wind gusts are filtered out of the 
control systems. 

Suitable precautions should be taken when siting the wind 
sensors in the proximity of helicopter landing areas. 

To complete the basic control system it is now necessary to 
introduce the relevant circuits to effect the changeover from 
automatic to manual control together with any manual inputs, 
see Figure 3. 

To summarise; the performance of the control system 
depends upon: 


(a) Response to variation in environmental forces acting on 
the vessel. 


(b) Ability to filter out unwanted effects. 


(c) Thruster power available. 
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Fig. 3 Control System Schematic 


a THRUSTERS 


Dynamically positioned vessels usually employ a variety of 
thruster types. The following are available: 


(a) Lateral thrust units, with either fixed or controllable 
pitch propellers. 


(b) Azimuth (rotatable) thrust units, with either fixed or 
controllable pitch propellers, controlling both mag- 
nitude and direction of thrust. 


(c) Gill jet thrust units. 
(d) Cycloidal propellers. 


(e) Fixed or controllable pitch propellers (used also for 
transit purposes). 


As mentioned previously the DP system controls the three 
degrees of manoeuvrability of the vessel, i.e. surge, sway and 
yaw. Typical configurations showing the number and location 
of thrusters are given in Figure 4. 

The vessel shown in Figure 4(a) has a poor dynamic 
positioning capability since it cannot effectively control yaw 
motions without surge movement. 

The assessment of a vessel’s DP performance capability 
involves complex mathematical operations and is outside the 
scope of this paper. It is sufficient here to mention that 
performance capability ratings (PCR) are assigned to indicate 
the percentage of time that a vessel is capable of holding heading 
and position under a standard set of environmental conditions. 
Two ratings are assigned: 
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Fig.4 Typical Thruster Cofigurations 


(i) Toindicate the performance capability with all thrusters 
operational. 

(ii) To indicate the performance capability with the most 
effective thruster out of operation. 


Typical performance capability ratings for the thruster 
configurations shown in Figures 4(d), (e) and (f) could vary 
between 80% and 99% for case (i) and be as low as 50% for case 
(ii) depending on the total installed power. It will be noted that 
for the configurations shown in Figures 4(a), (b) and (c) there 


would be no DP capability with any one thruster out of action 
thus for case (ii) the rating would be given as zero. 

The siting of the thrusters requires careful consideraton. 
Obviously a prime objective is to produce the maximum 
moment possible for the available thrust, which in simple terms 
would require the thrusters to be as far apart as possible. This 
objective cannot always be achieved because account must also 
be taken of: 


(a) the structural siting of the thrusters within the hull; 


(b) the effect of the wash of one thruster upon another (often 
referred to as thruster-thruster interaction); 


(c) the effect of the wash from a thruster on the hull (referred 
to as thruster-hull interaction) and the possible detri- 
mental effects that thrusters could have on the diving 
complex. 


It should be appreciated that different thruster types and 
configurations have differing response times in relation to the 
control signals from the DP computer. The compatability of the 
individual items within the overall system is paramount to the 
effective operation of a DP vessel, in particular the repeatability 
of the thruster control system. 


4. ELECTRICAL POWER 
4.1 General Arrangements 


The reliability of the DP system is dependent to a large extent 
on the electrical power generation and distribution system. 
Whilst thrust units may have their own dedicated diesel prime 
movers most DP ships have electrically driven units with 
centralised electrical generation propulsion and auxiliaries to 
minimise fuel consumption and engine maintenance. 

The number and rating of the installed generating sets and the 
complexity of the distribution arrangements are dependent 
upon the specified operational mode of the vessel and the 
associated redundancy requirements imposed by the Society, 
i.e. more onerous for a diving support vessel than for an 
offshore supply vessel. 


Main Switchboard 
600 volts 


4 Rotatable 
thrusters 


Port Starboard Port 


forward forward aft 


(™) 1250kW motor 


Diesel alternators (1875 kVA rating, each) 


The inter-relationship between the power management 
system and the DP system is important since in environmental 
conditions greater than calm weather the electrical load is 
predominantly propulsive. This is shown in Figure 5 which 
depicts the electrical distribution as fitted to the cable laying 
vessel ‘77M Venturer’’. 

If on-line generation capacity is matched to demanded load 
to minimise fuel consumption then large/sudden changes in 
demanded heading or the loss of a running generator will result 
in a system overload where the preference tripping of 
non-essential load will be insufficient to prevent total system 
failure. Accordingly the control system is arranged to provide 
thrust limitation in the event of increasing load or thrust 
reduction in the event of loss of supply capability. In the event 
of thrust reduction the vessel will gradually drift off station, 
usually with heading priority, giving the operator time to make 
a decision and take corrective action. 

When even a slow drift off station is critical, i.e. in a diving 
mode, the correct margin of spinning reserve should be 
maintained. 

Deteriorating weather conditions cause an increase in 
propulsion demand which is supplied by automatic starting, 
synchronising and load sharing of a non-running generator 
before the power system reaches the high power alarm setting. 

The reliability requirements for diving operations are such 
that no single fault may cause total loss of DP capability leading 
to more complex power distribution arrangements such as fitted 
on ESV ‘‘Jolair’’, shown in Figure 6. 


4.2 Supply To Control System 


The electrical power supply to the DP control and monitoring 
system is normally in the form of a stabilized uninterruptable 
power supply (UPS). See Figure 7. The UPS is often supplied as 
a self-contained unit composed of a charger for the battery and 
d.c. supply to the inverter. The inverter provides the a.c. supply 
to the DP controller and monitoring system and the battery 
provides an emergency standby power source in the event of 
total main electrical power failure. 
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Fig.5 Typical Electrical Distribution Arrangements for Class Notation DP (AM) as fitted on Cable Laying Vessel 
“TTM VENTURE” 
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Fig. 6 Typical Electrical Distribution Arrangements for Class Notation DP (AA) as fitted on ESV “‘IOLAIR”’ 
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An independent a.c. supply, normally derived from the 
emergency switchboard, is led via a static switch which provides 
a change over function (make before break) from the inverter to 
the alternative a.c. supply. 

The UPS therefore provides a ‘‘no-break’’ facility in the 
event of short term interruptions or variations in the vessel’s 
a.c. power supply system and is necessary to protect control 
systems with volatile memories that would otherwise be erased 
in the event of a power failure. It should be appreciated that the 
ship will drift off station in the event of a total power failure 
since the UPS does not provide motive power to the thruster 
units. 


POSITION REFERENCE SYSTEMS 


The position reference systems are required to provide 
accurate and reliable measurement of a vessel’s position at any 
point in time. 

The vessel’s heading reference is obtained by means of a 
gyrocompass. 

Position reference systems are available in many forms and 
this paper deals with the three types of position reference 
systems most commonly installed i.e. hydroacoustic, taut wire 
and radio. 
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HPR systems use, as the name implies, an acoustic link 
between the vessel and a point on the sea bed and are divided 
into three categories, i.e. Long base line, Short base line and 
Super (or Ultra) short base line. 


Hydroacoustic Position Reference System (HPR) 


(a) 


(b) 


(c) 


Long base line HPR (See Figure 8). 

A single transmitter/receiver on the vessel’s hull meas- 
ures the range to a set of sea bed transponder beacons. It 
is necessary to determine the relative positions of the 
transponders on the sea bed and to achieve this a 
minimum of three transponders are required. 

The system determines its position by measuring the 
ranges to the transponders with known relative positions 
to each other and a sea bed reference point. 


Short base line HPR (See Figure 9). 


Short base line systems have an array of transducers 
(hydrophones) on the vessel’s hull and utilise one sea bed 
transponder. 

The relative time of arrival of the acoustic pulses at the 
transducers is used to determine the angle of the beacon 
in two planes and from information of the pitch, roll and 
water depth the vessel’s position can be calculated. 


Ultra short base line HPR (See Figure 10). 


The ultra short base line is the system most commonly in 
use on DP vessels and has the transmitting and receiving 
elements combined in one transducer mounted on the 
vessel’s hull. The transmitter sends an interrogation 
pulse (operating on a frequency range of 20 to 30 kHz) to 
the sea bed transponder and calculates the time to receive 
the response, accordingly giving the slant range. The 
phase difference of the received signal is also measured to 
calculate the slant angle in the X and Y axes. The pitch 
and roll of the vessel must also be included in the 
calculation to offset the tilt of the transducer face. 

By measuring the slant range the location of the 
transponder relative to the transducer can be calculated 
independently of water depth. The system is most 
accurate when the transponder is within the narrow 
beam of +30 degrees. When in wide beam the effective 
spacing of elements is reduced to cope with the larger 
phase difference which results in a reduction in accuracy. 
In addition to the fixed transducer some HPR systems 
utilise tracking transducers which can be rotated 
through 360 degrees on a vertical axis and are fitted with 
narrow beam transmission. 
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Fig.8 Long Base Line HPR. 


The transducer face is inclined at 45 degrees and utilises 
one of seven +15 degree conical beams which may be 
switched in the vertical plane thereby having the 
capability of being trained in any direction. 

As well as ‘‘normal’’ dynamic positioning the tracking 
transducer is used for monitoring submersibles (remote 
operated vehicles) etc, fitted with transponders. A 
typical general arrangement is shown in Figure 11. 
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Fig. 10 Ultra Short Base Line HPR 
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5.2 Taut Wire 


The taut wire position reference system is perhaps the most 
simple system employed on DP vessels and consists of a 
depressor weight which is lowered to the sea bed on a wire, the 
means of lowering the weight is normally by a conventional 
davit. The wire is then maintained in constant tension by means 
of a hydraulically operated winch and the angle of the wire to 
the vertical gives the relative position of the weight to the vessel. 

The wire angles are measured by sensitive inclinometers 
attached to a guide arm following the wire. 

If H is the height of the winch from the weight and © is the 
angle of inclination, then: 


X=H. Tan ©, (fore and aft) 
Y =H. Tan 9, (athwartships). See Figure 12. 


Guide arm with 


Vessel offset 
an inclinometer in constant 


pitch and roll axes | 


' 7) : Constant tension 
winch 
Constant 
: 
‘ 
Variable 
water depth 
input by / 60° \ 
operator | / Cone angle \ 
N maximum \ 
working \ 
U Weight \ 
t mn ; ey : : Sea bed 


Fig. 12 Arrangement of Taut Wire Position Reference 
System 


A variation on the theme is the horizontal (or surface) taut 
wire whereby the wire rope is attached to a fixed reference 
object, i.e. a platform. The wire is then tensioned and 
movements of the vessel in the fore/aft and port/starboard 
direction in relation to the reference object are detected by 
potentiometers in the unit. 


5.3 Radio position reference 


The most common form of radio position reference system 
fitted on DP ships is commonly referred to as the ‘‘Artemis’’, 
which is the registered trade mark of Christiaan Huygens- 
laboratorium B.V. 

‘*Artemis’’ uses an automatic tracking microwave link 
between a fixed station (usually a platform) placed at any 
convenient point above sea level and a mobile station mounted 
on board the vessel and provides measurements of range and 
bearing of the vessel from the fixed station. 

In a measuring situation the microwave automatic tracking 
antennas are locked to each other setting up a microwave link 
between the two stations. This link is maintained when the 
mobile unit moves with respect to the fixed unit. The tracking 
antennas are parallel to each other and perpendicular to the line 
connecting the centres of the antennas. When the vessel moves 
the fixed antenna tracks the mobile antenna and the pointing 
direction of the fixed antenna can be read from the high 
resolution shaft encoder coupled to the antenna axis. The 
reading from this encoder can be electrically adjusted to obtain 
azimuth values which are referred to, for instance map North, 
or any arbitrarily chosen reference direction. 

The digital azimuth information (angle 9), measured at the 
fixed station, is transmitted by frequency modulation of the 
microwave signal to the mobile unit. See Figure 13. 
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Fig. 13. Radio (Microwave) Position Reference System 


To facilitate completion of the position fixing operation the 
distance between the mobile and fixed units is measured, 
characterised by a short coded interruption of the continuous 
microwave transmission at the mobile unit which is detected by 
the fixed unit. The fixed unit replies with a single interruption, 
which in turn is detected by the mobile unit. The time lapse 
between transmitted and received interruption is a measure of 
the distance and in order to enhance the accuracy the final 
distance is obtained by averaging thousand or ten thousand 
time intervals. By determination of distance and azimuth the 
position fixing of the mobile unit with respect to the fixed unit is 
completed. Values of distance and azimuth are displayed at the 
mobile unit. An added advantage is that the microwave link can 
be used for voice communication between the ship and the fixed 
station by means of a handset. 

Signal interruption may be encountered due to passing ships, 
heavy rain or snow showers, or dead zones. The positions of 
these dead zones are very sensitive to the exact height of the 
antennas above the water surface. 

Other line of sight electromagnetic systems are in use on DP 
vessels and for vessels operating in deep water, whilst in more 
remote locations satellite position reference systems are used. 
During the time lapse between orbits of the satellite the vessel’s 
position reference can be maintained by use of a Doppler Log. 

A comparison of position measuring accuracy is given in the 
following table: 
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6. DEVELOPMENT OF CLASSIFICATION 
REQUIREMENTS 


The Society does not associate the classification notations 
with any particular mode of operation of a vessel, but the 
natural progression has been that the notation DP (CM) is 
associated with supply vessels, or vessels with a relatively simple 
DP system employing an automated centralised remote manual 
control system with no redundancy of control system, position 
reference sensors, environmental sensors and thrusters. See 
Figure 14. 

DP (AM) may be assigned to vessels with amore complex DP 
system employing an automatic station keeping system with a 
manual standby system utilising a computer or microprocessor 
thereby giving redundancy of control. The position reference 
sensors, environmental sensors and thruster units are to afforda 
degree of redundancy. The DP (AM) notation was developed to 
suit vessels operating as cable layers, dredgers, or drill ships, 
etc. where there is no diving involvement mentioned and a 
certain amount of latitude in station keeping reliability can be 
tolerated. See Figure 15. 

DP (AA). This class notation may be assigned to vessels with 
a fully redundant automatic control system and with redun- 
dancy of position reference sensors, environmental sensors and 
thrusters. This notation was developed to suit more exacting DP 
operations and consideration was given to the relevant National 
Authority'* requirements which specify redundancy require- 
ments depending upon the operational mode of the vessel. The 
most stringent requirements are of course applicable to modes 
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Fig. 14. Typical Arrangement for DP (CM) Notation 


of operation where, should the vessel inadvertently move off 
station, human life may be endangered, i.e. diving operations. 
See Figure 16. 

The main criteria for a successful DP system is that no single 
fault should cause a catastrophic failure. This principle forms 
the basis of the DoE Guidelines for diving ships”) and drilling 
ships” and is, in general, adopted by the Society for the 
classification notation DP (AA). 

The Guidelines’ propose that, to ensure that the common 
mode failure principle is effective, a Failure Modes and Effects 
Analysis (FMEA) of the main items of the DP system should be 
carried out, thereby providing a risk and reliability assessment 
of the DP system. An example of FMEA format is given in 
Appendix II. 


Te SURVEY REQUIREMENTS 


Details of the survey requirements are given in the following 
sections, namely Factory Testing, On-board testing, Initial 
Survey at sea, Annual Survey and Special Survey. 


7.1 Factory Testing 


It will be appreciated that one cannot survey a complete DP 
installation at the factory and therefore testing is usually limited 
to checking the interface between the controllers (computers or 
microprocessors) and the operator console. Testing should be in 
accordance with an approved test schedule. 

The Surveyor should also verify that the system start up is in 
accordance with the correct start/load procedure, i.e. the 
loading by cassette or floppy disc. 

The following is a typical list of tests that may be readily 
undertaken at the manufacturer’s works. 


*Numbers in parentheses indicate references 
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Fig. 15 Typical Arrangement for DP (AM) Notation 
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(i) Print out of any available special tests. 
(ii) Real time clock. 
(iii) Memory. 
(iv) Floating point arithmetic. 
(v) Cassette drive (or equivalent). 
(vi) Printer. 
(vii) Buttons and lamps on operator’s console. 
(viii) Alpha-numeric display. 
(ix) Colour display on operator’s console. 
(x) Analogue input by simulation of thruster pitch. 
(xi) Analogue output. 
(xii) Digital input. 
(xiii) Digital output. 
(xiv) Synchro input test. 
(xv) Computer alarm indications. 
(xvi) Power failure tests, by withdrawing relevant fuses and 


the corresponding alarms and computer changeover 
verified. 


The above tests are to be repeated for each control 
computer/microprocessor, where applicable. 

A more detailed account of testing Programmable Electronic 
Systems can be found in the Lloyd’s Register Technical 
Association Paper ‘‘Microprocessors in Ships’’,“) by A. W. 
Finney. 


7.2 On Board Testing 


A number of the following tests may be carried out while the 
vessel is undergoing alongside commissioning tests and could be 
included with other engineering surveys. 


(a) Initial thruster checkout. 

(i) For each thruster motor check starting and 
running on zero pitch. 

(ii) Verify operation of alarms and safeguards, 
including emergency stop, for each motor and 
hydraulic power pack. 

(iii) Verify local operation of pitch and azimuth (if 
applicable) controls. 

(iv) Verify pitch and azimuth (if applicable) signals. 


(b) Limitation of maximum thruster command signal. 

(i) Verify that at the maximum command signal 
from the operator console the maximum allowed 
pitch is reached. Adjust pitch setting gains if 
necessary to achieve this. The vessel should be at 
its operational draught. 

(ii) Propulsion thrusters to be set to the lowest value 
of maximum pitch in the ahead and astern 
direction. 

(iii) Verify that at maximum pitch commands the 
current consumptions do not exceed motor 
ratings. 


(c) Rate of thruster pitch change. 
(i) Manually command pitch changes as quickly as 
possible and record elapsed time for: 
Zero to 100% pitch (ahead) 
100% pitch (ahead) to 100% pitch (astern) 
100% pitch (astern) to zero. 
Repeat for each thruster. 


(d) Thruster signal linearity test. 
(i) Increase pitch command signals by 20% incre- 
ments to 100% and reduce similarly to zero. 


(ii) Read and plot curve of command signal versus 
displacement of blades, servo feed back signals, 
and motor power current. 

Repeat for each thruster. 


(e) Rate of change of thruster azimuth angle. 

(i) With thrusters at zero pitch, command azimuth 

changes as quickly as possible for: 

Zero to + 100% (Port) 

+ 100% to — 100% (Starb.) 

— 100% to zero. 

This test should be carried out with the vessel at 
zero speed, a nominal ahead speed and a nominal 
astern speed. 

(ii) With vessel at 1 knot ahead increase azimuth 
angle from zero, by increments of 25% (maintain 
constant pitch) to 100% and back to zero. 

Read and plot curve of command signal versus 
nozzle angle and feed back angles to observe 
linearity and hysteresis. 

Where azimuth thrusters are fitted in lieu of 
rudders these tests may be incorporated in the 
vessel’s trials. 

The normal shipyard practice is to carry out all 
the machinery trials prior to the DP trials, 
accordingly, tests listed above would generally be 
witnessed prior to the official DP survey. 


(f) Check the mechanical alignment of the vertical reference 
sensors and the HPR transducer together with the 
interlock(s) for the transducer i.e. local and/or remote 
control can only be effected when ship’s side valve is in 
the correct position. 


7.3. Survey at Sea 


Due to the design and operation of a DP system it is not 
practical to set up the system in the factory, install it on board 
the vessel and expect it to be immediately operable. It is 
necessary to tune the system during sea trials, prior to the survey 
at sea, thus taking account of any discrepancies in the signals of 
pitch and azimuth from the thruster units together with the 
vessel characteristics that may have been altered since the 
original design concept. 

Details of the DP tests are to be included in the approved Test 
Schedule. 

The following are indicative of a typical DP installation 
initial survey. 


(a) Start up. 
(i) Switch on the UPS in accordance with manufac- 

turers standard procedure. 

(ii) Satisfactory changeover between UPS and alter- 
native power supply. 

(iii) Load the computers and select one as ‘‘on-line’’ 
and the other on ‘‘standby’’. 

(iv) ‘‘Key-in’’ the time and date. 


(b) Pre-operational check. 
(i) Initiate lamp test at operator console(s) to verify 

illumination of all alarm and indicating lights. 

(ii) Operate control station transfer switch to trans- 
fer control to subsidiary control station(s). 
Verify transfer is ‘‘bumpless’’ and that interlocks 
are operational, i.e. control may be effected from 
only one station at a time. 

(iii) Operate ‘‘Abandon Dive”’ switch (if applicable) 
and check that alarm is initiated at the Dive 
Control Station(s). 


, 


(c) 


Manual DP control. 


(i) 


(il) 


(iii) 


Perform various position and heading move- 
ments using the joystick and rotate controller and 
verify vessel moves in the desired direction. 
Repeat from subsidiary control station(s). 

Select combinations of surge, sway and yaw (i.e. 
automatic control) and move the joystick and/or 
the rotate control to verify effect on any modes 
selected for automatic control. 

This mode of control is called ‘‘mixed manual’’. 
Repeat from subsidiary control station(s). 

Select arbitrary limit and enter heading alarm 
limit. Use manual control to change the vessel’s 
heading in order to initiate the heading limit 
alarm. 


(d) Automatic DP control. 


Change of position and heading set point using a 
hydroacoustic position reference system. 


(i) 


(ii) 


(iii) 


(iv) 


(v) 


Demonstrate deployment of transducer to verify 
interlocks and position indication from both 
local and remote control positions. 

Deploy sea bed transponders and activate inter- 
rogation. Check that symbols appear correctly 
on HPR screen and that data is displayed 
correctly at operator console. 


Select HPR reference system and initiate a small 
change in position set point (approx. 20 metres in 
“xX” and ‘‘Y”’ directions and initiate automatic 
change of position. Verify that change in position 
is smooth with overshoot within specific limits for 
positioning and that heading is maintained 
within specified limits. 


Initiate an automatic change of heading and 
verify rotation is without overshoot and that 
position is maintained within specified limits. 
Initiate a simultaneous change of heading and 
position and verify overshoot is within limits for 
positioning and that rotation is without over- 
shoot. 


(e) Change of position and heading set point using a taut 
wire position reference system. 


(f) 


(i) 


(ii) 


(iii) 


Care 


Set up taut wire in accordance with manufac- 
turers standard procedure, lower taut wire and 
verify correct display is given on operator 
console. 

Check the limits of the taut wire excursion by 
moving the vessel forward and aft and then port 
and starboard until the excursion limit is reached 
in each direction and the taut wire ‘‘out of limits’ 
alarm is initiated. 

Initiate an automatic change of position and 
heading within the limits of operation of the taut 
wire and verify that the vessel changes position 
smoothly with overshoot within limits specified 
and rotation without overshoot. 
has to be taken when altering heading and/or 


position to prevent fouling of the taut wire. 


(iv) 


Initiate alarms associated with taut wire hy- 
draulic unit. 


Change of position and heading set point using 
radar/ratio position reference system. 


(1) 


‘*Artemis’’. 


(i) Establish the microwave link in accordance 
with manufacturers standard procedure and 
correlate the range and bearing with fixes 
from three prominent landmarks on a large 


(2) 


scale chart of the trials area at two locations. 

This is usually carried out prior to DP 

acceptance tests, but should be confirmed. 
(ii) Examine variance in range and bearing for 
15 minutes at each location. 
With the ‘‘Artemis’’ as the selected re- 
ference system initiate an automatic change 
of position and heading and verify that the 
vessel moves to the new position and heading 
smoothly and without any significant over- 
shoot. 


(ili) 


Short range radio position reference. 


(i) Establish in accordance with manufacturers 
standard procedure. 

(ii) Measure position using short range radio 
system at various locations from the centre 
of the axis of a fixed station chain correlating 
each with fixes from three prominent land- 
marks ona large scale chart of the trials area. 
This is usually carried out prior to DP 
acceptance tests. 


(iii) Examine variance in range for 15 minutes at 
each location. 
(iv) Initiate a position change and verify that 


vessel moves to the new position smoothly 
and without overshoot. 


(g) Operation without position reference system. 


(i) 


(ii) 


In the event of a complete failure in the signals 
from the position reference systems the control 
system transfers to what is called ‘‘model 
control’’ and positions the vessel based on the 
input information prior to losing the signals. 
With the vessel operating in automatic DP mode 
with two position reference systems on line, 
deselect the two position reference systems thus 
simulating a complete failure of the position 
reference signals to the controller. 

Verify that the vessel can operate for a short 
period of time without position reference data 
and that an alarm is initiated to show that the 
position reference system has failed. 

Note the time lapse to the alarm, should be in the 
order of 30 seconds. 


(h) DP Redundancy tests. 


(1) 


(2) 


(3) 


(4) 


Gyrocompass. 

(i) Fail one gyrocompass and check that there is 
automatic changeover to the standby gyro- 
compasses without any detriment to station 
keeping capabilities and that appropriate 
alarm is initiated. 

Repeat for second gyrocompass. 
Allow sufficient time (about | hour) for gyro 
to stabilise after re-start. 

Vertical reference unit. 

(i) Repeat procedure given in test (h) (1). 

(ii) Tilt one VRU 30 degrees to initiate alarm, 
repeat for second VRU. 

Wind sensor. 


(i) Repeat procedure given in test (h) (1). 

(ii) Turn wind sensor vane to opposite direction 
to initiate ‘‘mis-match’’ alarm; repeat for 
second wind sensor. 


Controller. 


(i) Switch off ‘‘on-line’’ controller and verify 
that system changes over to standby con- 
troller and that vessel maintains station 
keeping capabilities. Repeat for the other 
controller. 


(j) Electrical supply to controller(s). 

(i) Initiate electrical power failure and check that the 
UPS provides electrical supply to control system. 
The system is to operate for a preset time 
(nominally 30 minutes) on UPS batteries. 
Verify correct voltage and current produced are 
within specified limits. 
Upon restoration of power supply UPS returns to 
normal operation. 
Check that batteries are being charged. 


(k) Thrusters. 

(i) Deploy two position reference systems, prefer- 
ably HPR and Artemis. 
Set up with all thrusters running, DP in auto- 
matic mode and with the head of the ship to the 
position of least resistance, relevant to the 
prevailing weather conditions. 
When the ship has stabilised perform a ma- 
noeuvre as shown in Figure 17. 


(ii) 
(iii) 


(ii) 


(iii) 


25m 


25m 


25m 


eae GC. 


Fig. 17 Thruster Redundancy Test 


1 to 2, 2to3, 4to Sand S$ to 6are position changes 
(same heading). 

3 to 4 and 6 to 7 are heading changes (same 
position). 

Hold each position/heading for 5 minutes to 
stabilise. 

When the manceuvre has been completed, i.e. to 
(7), trip one thruster and note reallocation of 
thrust. 

Repeat the complete manoeuvre with new thrust 
configuration and at each point of manceuvre 
note position and heading deviations. Start and 
re-select thruster previously tripped. 

Trip each remaining thruster in turn and repeat 
above manceuvre. 

For class notation DP (AM) and DP (AA) the 
vessel is required to maintain station with the 
most effective thruster out of action. 


(iv) 


(v) 


(vi) 


(vii) 


(1) Power management tests. 


(i) Trip one running generator and show that full 
positioning thrust capability is maintained and 
that the ship maintains station. If an overload 
condition occurs pitch limitation is to be carried 
out and the appropriate alarms initiated. 


(ii) Restart one generator, either manually or auto- 
matically and verify that pitch limitation is 
reduced and the load is rebalanced. 

Simulate a single failure of a switchboard section 


and show that the ship maintains station. 

Fail DP system totally and ascertain vessel’s 
deviation from a given position as the operator 
changes over to conventional manual control. 


(iii) 


(iv) 


(m) Endurance test. 

(i) Deploy at least two position reference systems 
and with the system in automatic control the ship 
should remain within its nominated area of 
operation and heading limits for a period of 
between 4 and 6 hours, or longer if specified by 
Builder or Owner. 


7.4 Annual Survey 


At the time of the Annual Survey the operational and 
maintenance records together with test schedules for the DP 
installation are to be examined to verify that the equipment has 
operated satisfactorily since the last survey. 

A general examination of the DP control system and 
associated machinery items should be carried out. 


7.5 Special Survey 


The requirements of the Special Survey are that the DP 
control system and associated machinery items are to be 
generally examined under operating conditions. 

The following tests would normally be expected to be carried 
out during the Special Survey: 


(a) Initiate lamp test at operator console(s) to verify 
illumination of all alarm and indicating lights. 


(b) Operate control station transfer switch to transfer 
control to subsidiary control station(s) and verify that 
transfer is ‘‘bumpless’’ and that all relevant interlocks 


operate. 


Operate ‘‘Abandon Dive’’ switch, if applicable, and 
check that alarm is initiated at the Dive Control 
Station(s). 


(c) 


(d) Select manual control and move joystick in ahead, 
astern, port and starboard directions to show thrust is in 
accordance with direction selected. Operate turning 
moment control and show that vessel turns in accord- 
ance with the direction selected. Repeat from subsidiary 


control station(s). 


(e) Initiate a mixed manual test by selecting joystick on 
manual control and turning moment on automatic 
control. Repeat by selecting position keeping on auto- 
matic and turning moment on manual. Verify that 
manual control has no effect on selected automatic 


functions. 


(f) Select automatic control, deploy and put on-line at least 
two position reference systems and then command 
offsets in both direction and heading. The deviation is to 
be within acceptable limits specified by Owner/Oper- 
ator. Allow the system to stabilise after each command 
(approximately 10 minutes). 


Redundancy tests while on automatic control (for vessels 
with DP (AM) and DP (AA) notations). 

(i) With all thrusters selected and operational, stop 
the most effective thruster and verify that the ship 
maintains its predetermined area of operation 
and desired heading. Re-start thruster. 


(g) 


(ii) Switch off ‘‘on-line’’ controller; check that there 
is automatic change-over to the standby controll- 
er. The ship is to maintain its station keeping 
capabilities. Repeat for the other controller. 
Initiate an electrical power failure. The UPS 
providing electrical power supply to the control 
station. Verify correct voltage and current 
produced are within specified limits. Upon 
restoration of power supply UPS returns to 
normal operation. 

Switch off one position reference system, gyro- 
compass, vertical reference unit and wind sensor 
and verify that the relevant alarms are given, the 
units changeover to the standby unit and there is 
no change in station keeping capabilities. 


(ili) 


(iv) 


(h) Stop one thruster by means of the independent emer- 
gency stop which should override DP control of the 
thruster. Repeat for each thruster. 


(i) Power management tests. 

(i) Trip one running generator and show that full 
positioning thrust capability is maintained and 
that the ship maintains station. If an overload 
condition occurs pitch limitation is to be carried 
out and the appropriate alarms initiated. 


(ii) Restart one generator, either manually or auto- 
matically and verify that pitch limitation is 
reduced and the load is rebalanced. 

(iii) Simulate a single failure of a switchboard section 
and show that the ship maintains station. 

(iv) Fail DP system totally and ascertain vessel’s 


deviation from a given position as the operator 
changes over to conventional manual control. 


(j) Deploy diving complex (if applicable) and operate on 
automatic control with at least two position reference 
systems deployed for a 30 minute period and verify 
station keeping capability. 


8. CONCLUSION 


The introduction and development of dynamic positioning 
controls on board vessels has proved invaluable to the offshore 
petroleum industry over the last two decades as exploration has 
expanded into more hostile areas. 

This paper has endeavoured to provide the Outport Sur- 
veyors with an understanding of the operation of a DP system 
and an insight into the complexity of systems that may be 
encountered on these highly sophisticated vessels. 


The whole concept of maintaining the position of a vessel 
above a fixed point on the sea bed without the use of 
conventional mooring poses problems, but it has been shown 
that these problems can be overcome using the technology 
available today. 

In the future it is envisaged that even more accurate position 
keeping can be achieved, if this is found to be a requirement of 
the industry, but perhaps more importantly increased reliability 
should be the main goal. This may be achieved by the increased 
use of microprocessors to replace mini-computers and the 
refinement of position reference systems by, perhaps, the use of 
satellites. 

The Society recognises that there is a requirement for 
continuous monitoring of the ‘‘state of the art’’ with respect to 
DP systems in order that the Rules and Regulations keep pace 
with the changes in technology. 
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APPENDIX I 


TYPICAL ACCURACY REQUIREMENTS 


Acceptable limits for station keeping depend on the operating mode of the vessel. Typical accuracy requirements are tabulated 
below together with the worst environmental conditions in which such accuracy would be expected to be maintained. 


OPERATING MODE ENVIRONMENTAL CONDITIONS ACCURACY 
Wind Waves Current 
(knots) * (knots) 
+ - 


Diving Support 30 , +3m 
heading +2° 


Drilling : +7 m or 3% water depth 


whichever is greater 


Fire fighting ; +15m 


Platform support . Heading + 1° 


excursion 1.5 m 
maximum 


*Significant wave height in metres. It should be noted that for these wave heights operations may have ceased since the danger level to personnel may 
have been reached, but the vessel will still operate in a DP mode so that operations can resume quickly when the weather conditions improve. 


APPENDIX II 


DYNAMIC POSITIONING VESSELS 


FAILURE MODES AND EFFECTS ANALYSIS (F.M.E.A.) 
Title: D.P. Control System 
System: Position Reference System 
Sub system: Taut Wire (Forward) Sheet No. 


(Unit) 


Is station 
Is keeping 
operational} capability 
station | maintained 
keeping jat a reduced 
maintained?) level? 


Means of nae - ys. | Instruction 
Effect of | Corrective to DP 


detection of| |: ae 
Folare failure action operator 


Mode of Failure 


operation cause Remarks 


Function 


Y/N Y/N 


Hydraul- | Boom Variable |Highor |Blocked | Alarm Lossof |DP Start up 
ic system |swing & |displace- |low filter, and/or  |taut wire | system and put 
telescope, |ment pressure, | pipe initiation |as on-line |operates /on line an 
depressor | pump high fracture, |of brake | position |on alterna- 
weight running |temp., pump reference |remain- tive 
catcher, low level | failure, system ing position 
cable pump on-line | reference 
winch motor position | system, if 
tension, failure reference | available 
brake systems 


Electrical | Hydraul- | supply Voltage | Electrical | Alarm Lossof |DP Start up 
power icpump_ |from failure fault taut wire |system and put 
supply motor main as on-line |operates jon line an 
440V distrib. position jon alterna- 
3 phase board reference |remain- |tive 
60Hz system ing position 
on-line reference 
position |system, if 
reference | available 
systems 


= =f t 


Electrical | Motor Stabilised |Loss of | Electrical | Alarm Lossof |DP Start up 
power controls, |supply supply fault taut wire | system and put 
supply wire from as on-line |operates jon line an 
220V angle and | UPS. position jon alterna- 

I phase | length reference |remain- | tive 
50/60Hz |monitor- system ing position 
ing on-line reference 
position |system, if 
reference | available 
systems 


LLOYD’S REGISTER TECHNICAL ASSOCIATION 


MINUTES OF THE 1985 ANNUAL GENERAL MEETING 


The Annual General Meeting of the Technical Association was held in the General Committee Room on 
Wednesday, 22nd May, at 1500 hours. Twenty one members attended. 


The President of the Association, Mr. D. Rennie, occupied the chair: 


AGENDA 

1. Apologies for absence. 

2. Approve and sign minutes of the last AGM. 

3. Matters arising from the last AGM. 

4. President’s Review. 

5. Hon. Secretary’s Report. 

6. Hon. Secretary for Corresponding Members’ Report. 
7. Hon. Treasurer’s Report. 

8. Proposed Syllabus for 1985/86 Session. 

9. Election of Committee for the 1985/86 Session. 
10. Newly elected Committee to assume office. 


11. Any other business. 


Each item on the Agenda was dealt with as follows: 


Item 1 


Apologies for absence had been received from Messrs. Marsden, Phillips and Goodwin. 


Item 2 


The Minutes of the last AGM, held on the 23rd May, 1984, were examined by the members present. The 
minutes were unanimously approved without amendment and signed by the Chairman. 


Item 3 


The Chairman asked the Hon. Secretary if there were any matters arising from the minutes. 
The Hon. Secretary replied that there were no matters arising. 


Item 4 


In his review of the past year the President, Mr. D. Rennie, said: 


**Since the last AGM the Association has continued its work in the promotion of technical expertise among 
its members. 


The programme of technical papers was completed satisfactorily. This comprised five papers by members of 
the Association and one paper by Prof. Thompson of Newcastle University. I can only recall one hiccup in the 
programme where it was found necessary, on one occasion, to use the lecture theatre in the Institute of Marine 
Engineers Building. In the event all turned out well and at no additional cost to this Association. 


The papers read during the session were of high technical standard and we owe a vote of thanks to the 
authors who devoted their time and energy in the preparation of the papers. It is unfortunate that certain papers do 
not attract the attention of many Association members and on occasions the attendance figures are less than one 
would desire. There is a ‘hard core’ of members who support the Association and I take this opportunity to thank 
them for their interest and continued support. Next year the Committee will do its best to encourage more members 
to attend paper presentations; after all, the authors deserve a reasonable audience. 

One paper on ‘The Safety Aspects of the 1981 Amendments to SOLAS 1974’ was read to a mixed audience 
of Surveyors and Clients in Newcastle. This, apparently, was quite a success and we will, hopefully, repeat this 
procedure in other Provincial centres during the next session. 

I wish to thank all Officers of this Committee and the Sub-Committees for their hard work. I wish 
particularly to thank John Carlton who has made my own task very much easier. 

Finally, I trust that you will have confidence in Les Beckwith and I to run the affairs of the Association 
during the forthcoming year.”’ 


@ 


Item 5 


The President called upon the Hon. Secretary to report on the Association’s activities during the Session. 
Mr. Carlton advised the meeeting as follows: 


“The L.R.T.A. has had a successful and active year in which a total of six technical papers, one guest lecture 
and one film have been presented.”’ 


PAPER |. Atthe first meeting in October, 1983, Messrs. Kozousek and Jennings of the Technical Investigation 
Department presented their paper entitled ‘‘Pressure Vessel Testing Using Strain Measuring 
Techniques. This paper was read to an audience of 55 members and was held at the Institute of Marine 
Engineers in London. 


PAPER 2. Mr. Smith of the Research Laboratory read his paper on ‘‘Resin Chocks”’ in November to an audience 
of 34 members. 


PAPER 3. Atthe December meeting Messrs. Morris and Williams of the Hull Structures Department presented 
a paper entitled ‘‘The Assessment and Certification of Container Securing Arrangements on Board 
Ships’’. The meeting was attended by 58 members. 


PAPER 4. Mr. R.C. Macdonald of the Offshore Services Department presented his paper ‘‘Positional Mooring 
Offshore’’ to an audience of 48 members at the February meeting. 


PAPER 5. Messrs. Holland and Magill of the International Conventions Department read a paper on the ‘‘Fire 
Safety Aspects of the 1981 Amendments to SOLAS 1974”’ at the March, 1985 meeting to 72 members. 
A request was subsequently received from the Newcastle Surveyors for a reading of this paper at the 
County Hotel in Newcastle. This request was complied with on the 8th May, 1985, and since the paper 
had been reproduced as a Technical Reprint certain guests were invited from the local Shipbuilding 
and Engineering communities. 

PAPER 6. The final paper in the session was presented in April by Mr. Finney of the Control Engineering 
Department. His paper entitled *‘Microprocessors on Ships’’ was attended by 33 people. 


“The L.R.T.A. medal for the 1983/84 Session was presented to Mr. K. Blackburn for his paper entitled 
‘Steel Technology in the 1980s—The Japanese Approach’, at the first meeting of the current session. 


The guest lecture was given in February, 1984. This lecture was given by Professor R. V. Thompson of 
Newcastle University and his subject was ‘Future Aspects of Marine Technology’. This meeting was attended by 62 
members. Since this lecture was similar in content to his Thomas Lowe Gray Lecture to the Institution of 
Mechanical Engineers, the permission of the Institution was sought to reproduce his lecture to them in our 
transactions. 


A film entitled ‘Gateway to Salvage’ featuring the salvage operation of the ‘European Gateway’ at Harwich, 
was shown during the luncheon period on two consecutive days during May. A total of 121 people attended these 
film shows. 


Attendance at technical meetings has caused concern during the last few sessions. The figures quoted earlier 
in my report show that for this session an attendance of only around 9% of the members resident at headquarters 
has been achieved. At the beginning of the next session a memorandum to the membership will be circulated by the 
President inviting greater participation in these L.R.T.A. meetings. 


The microfiching of the Association’s past papers from 1960 until the present time has now been completed. 
A copy of these microfiches is lodged with the Hon. Secretary in London for reference purposes. The possibility of 
supplying copies of these microfiche records to certain regional centres throughout the world will be explored in the 
next few months.”’ 


Item 6 
The President then called upon Mr. McCulloch, the Assistant Secretary for Corresponding Members to give 
his report. The meeting was advised that: 


‘There is not a great deal of Outport activity to report upon. A circular letter was addressed to all (31) Outport 
Corresponding Members, requesting information on their Technical Association activities, and offering 
suggestions such as regular group discussions etc., but only two replies were received, which is not very 
encouraging. 


At the request of the Newcastle Surveyors, Messrs. Holland and Magill presented their paper, ‘Fire Safety 
Aspects of the 1981 Amendments to SOLAS 1974’, and this was well received. 


There are three changes to record this year among the Corresponding Members: 

1. Mr. Hellpap at Diisseldorf, on his transfer to Hamburg. Nominee: Mr. D. Terno. 
2. Mr. Villa, Genoa, on his retirement from the Society. Nominee: Dr. Perrotta. 

3. Mr. Dunbar at Liverpool wishes to step down. Nominee: Mr. D. G. Gaskell.’’ 


Item 7 


The President then asked the Hon. Treasurer to present the statement of the Association’s finances during 
the past year. Mr. Lindsay presented the financial statements reproduced at the end of the AGM Minutes. 


No comment was made by the members present. 
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Item 8 


The President asked Mr. Beckwith the Association’s Vice-President and Chairman of the Sub-Committee 
on Technical Papers to present the proposed syllabus for the 1985-86 Session. Mr. Beckwith advised the meeting 
as follows: 

‘*The Sub-Committee has been very active during the last year, not only at the four committee meetings held 
but also in a continuous review of the authors’ progress on papers to be presented in the coming years. 


A full programme of six papers covering diverse topics in the fields of engineering, ships both large and 
small, offshore and control engineering is proposed for the 1985-86 Session as follows: 


Fracture Mechanics in Engineering 


by D. Cameron and R. V. Pomeroy. (HQ/AES) 
Dynamic Positioning 

by A. Lough. (HQ/Control Eng.) 
Requirements for Small Fast Craft 

by A. McInnes (YSC Southampton) 
Crankshaft Analysis and In-Service Measurements 

by F. Kunz and H. Syed (HQ/TID/MDAPAD) 
Ship Survey Procedures and Certification 

by R. J. C. Dobson and H. Nutter (HQ/Class Surveys) 
Noise and Vibration Prediction and Control 

by A. Rigby (HQ/TID) 


Reserve Paper 

Emergency Shut-Down Systems 

by I. Turner (HQ/Control Eng.) 

In addition to these papers a Guest Lecture will be given in January, 1986 by Professor Sir Hugh Ford on the 
subject of ‘Welding and Design Aspects of Offshore Structures’. Arrangements are also in hand to have a Guest 
Paper by the Society’s legal adviser, Mr. J. W. Hickman the Assistant Secretary, concerning the legal implications 
of Surveyors actions when going about daily duties. The date for this Guest Paper will be announced later. 

Following a disappointing response to the Call for Papers for the 1986-87 Session, the members of the 
Committee actively pursued a number of ideas for papers and it is pleasing to report that the offer of papers now 
exceeds the Session requirements and will thus make it possible to select those which will provide a balanced and 
varied programme in that year.”’ 

The Sub-Committee moved the adoption of the proposed syllabus for the 1985-86 Session. 


There were no comments from the members present and the proposed syllabus for the 1985-86 Session was 
duly ratified. 


Item 9 


The President requested the Hon. Secretary to advise the AGM on the election of Officers to the Committee. 


Mr. Carlton read out the list of names nominated for the Officers, Members of Committee and 
Corresponding Members of Committee. In each case there was only one nomination for each office and the 
nominees were duly elected. The names of those elected are recorded below: 


President : Mr. D. Rennie. 
Vice-President : Mr. L. Beckwith. 
Hon. Secretary : Mr. C.M. Magill. 
Hon. Asst. Secretary : Mr. A. W. Finney. 
Hon. Asst. Secretary for 

Corresponding Members : Mr. W.N.G. McCulloch. 
Hon. Treasurer : Mr. T. Lindsay. 


COMMITTEE MEMBERS: 


Classification Reports (Hull) Mr. D. B. Parkin 
Classification Reports (Machinery) Mr. D. van Dorp 
Electrical Engineering Mr. B. P. Sharman 
Hull Structures Mr. H. A. Ivers 
Industrial Services Mr. O. C. Whiteaker 
International Conventions Mr. F. R. Hales 
Marine Specification Services No nomination received 
MDAPAD Mr. R. Jeffrey 
Offshore Services Mr. D. Harris 
Refrigeration Mr. A. A. Wilson 
Research Laboratory Dr. F. A. Khayatt 
TID/AES Mr. N. A. Hall-Stride 
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CORRESPONDING MEMBERS OF THE COMMITTEE: 
AUSTRALASIA Mr. R. B. Last SYDNEY 


BELGIUM AND FRANCE Ir. W. J. G. de Backer ANTWERP 
CANADA Mr. C. A. C. MacGregor MONTREAL 
CENTRAL AMERICA AND THE 
CARIBBEAN Mr. J. Frize MEXICO CITY 
CENTRAL EUROPE Mr. C. M. Bergmann HAMBURG 
Mr. D. Terno DUSSELDORF 
CENTRAL ORIENT Mr. J. N. Mckay BUSAN 
EASTERN MEDITERRANEAN Mr. J. J. Stansfield PIRAUS 
IBERIAN PENINSULAR Mr. H. Garcia MADRID 
INDIA AND PAKISTAN Mr. S. V. Ramchandani BOMBAY 
ITALY AND MALTA Dott. Ing. G. Perrotta GENOA 
JAPAN Mr. K. Miyoshi OSAKA 
Mr. R. Hashiguchi SHIMONOSEKI 
Mr. K. Seki YOKOHAMA 
MIDDLE EAST AREA Mr. S. M. Miskry BAHRAIN 
NETHERLANDS Ing. A. Schreuder ROTTERDAM 
NORDIC COUNTRIES Mr. J. G. Lassen COPENHAGEN 
Mr. R. S. Malmberg GOTHENBURG 
NORTH AFRICA Mr. S. M. A. Ahmed ALEXANDRIA 
POLAND Mr. A. Barrett GDANSK 
SOUTH AMERICA Mr. R. De. F. Gomes RIO DE JANEIRO 
SOUTHERN AFRICA Mr. C. A. Timms DURBAN 
SOUTHERN ORIENT Mr. B. H. Wong SINGAPORE 
UNITED KINGDOM: 
EAST MIDLANDS Mr. H. Milne HULL 
NORTH ENGLAND Mr. E. Whitehouse NEWCASTLE 
NORTH SCOTLAND Mr. W. F. Rogerson ABERDEEN 
SOUTH EAST Mr. K. J. Fryer LONDON 
SOUTH SCOTLAND Mr. A. R. Morton GLASGOW 
SOUTH WEST AND SOUTH WALES Mr. D. G. Taylor SOUTHAMPTON 
WEST MIDLANDS AND EIRE Mr. D. G. Gaskell LIVERPOOL 
UNITED STATES OF AMERICA Mr. W. E. Tuck NEW YORK 


In keeping with the L.R.T.A. tradition, Mr. Carlton was invited to join the L.R.T.A. Committee in an ex 
officio capacity for the forthcoming year. 

The Hon. Secretary also advised the meeting that the Honorary Auditors, Messrs. Leighton and Mounch, 
were willing to act in this capacity for the 1985-86 Session. The meeting then re-elected Messrs. Leighton and 
Mounch to continue in office for a further year. 


Item 10 


At this point in the meeting the retiring officers stepped down and the new members of committee took up 
their office. 


Mr. Rennie, the L.R.T.A’s President, introduced the Session by expressing the L.R.T.A.’s thanks to those 
Committee Members who had retired and gave a welcome to those who had taken up office. 


Item 11 


Mr. C. D. L. Wright recalled that the President had earlier indicated the desire to raise the profile of the 
Association—to increase the general awareness of its activities. The Vice-President had outlined a varied and 
interesting programme for the coming session. More people now recognized the need to improve the image of the 
Society as a provider of information to the industry. 


Could not all the Association’s papers (suitably edited) be published in /00A/? Mr. Wright had found from 
his own experience that with the computer typesetting now in use, external publications can be produced easily and 
cheaply in parallel with the internal ones, particularly if wider publication is borne in mind from the beginning. It 
would also add the needed weight to /00A1/. 

Some papers are published already as technical reprints, but it seems a pity to hide all this hard work and 
valuable information under almost plain covers. 

The President said that the L.R.T.A. Committee will give consideration to these views during the next 
Session and report at the next AGM. 


J.S. Carlton 
Hon. Secretary. 
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LLOYD’S REGISTER TECHNICAL ASSOCIATION 


Income and Expenditure Account for year ended 31 March, 1985 


Sale of 197 binders 


Less: 


Cost of binders (Re. note 1) 
Cost of binders stolen or mislaid (Re. note 2) 


Deficit 


Grant from Society 


Less: 


Expenditure 
Gratuities 
Entertainment 
Bank charges 
Engraving 


Excess of Expenditure over Income 


66.00 
139.70 
D2 
7.50 


386.99 


502.48 
(115.49) 
300.00 
184.51 


Note: 1. Cost of binders include four for official presentation and four which have been lost in transit to 


Jacksonville. 


2. Thestock count revealed a stock shortage of 55 binders. No explanation can be given for this and it can 


only be assumed that they were stolen or mislaid. 


Cash Budget for 1985-86 is as follows: 


Balance of cash 1.4.85 
Plus Grant 


Less: 


Cost of entertaining, gratuities plus margin for contingencies 
Purchase of binders 


Estimated surplus 


Note: 1. It is assumed that cost of postage will continue to be borne by the Society. 


2. The volume of binder sales is unpredictable, therefore, no account of this has been taken in the above 


figures. 


3. No account has been taken of the repayment due to the Society in respect of the loan of £1,600. 


Arrangements have not yet been finalised. 


D. Leighton, F.C.C.A. 


M. Mounch, F.C.C.A. 


Joint Auditors 


17th May, 1985. 
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LLOYD’S REGISTER TECHNICAL ASSOCIATION 


Balance sheet as at 31st March, 1985 


1985 
ih 
General Fund 
Balance B/F Rew Wares! pean Fie? Gal, © ae DAICAG 
Less excess of expenditure over income 33.94 507.52 
Loan from Lloyd’s Register ia, Meee, ais 1,600.00 
SUNUC Vy @LeGitOls:e, vec seu sees ate une ys 2,173.39 


4,280.91 


1984 


206.13 
9.65 


325.68 
541.46 


N.B. Stock has been valued at lower of cost or net realisable value. 


Report of the Auditors to the Members 


Cash at Bank (Current A/C) 
Sundry Debtors ... 


Stock of ring binders in hand at cost 


1,995.09 
4,280.91 


The above Balance Sheet and attached Income and Expenditure Account has been drawn up from the documents and vouchers of the 
Association and the explanations given by the Officers thereof. We have examined the Income and Expenditure Account and the Balance 
Sheet and are satisfied that they show a true and fair view of the activities of the Association for the year ended 31st March, 1985. 


D. Leighton, F.C.C.A. 


M. Mounch, F.C.C.A. 


| Joint Auditors 


17th May, 1984. 
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on the paper 


DYNAMIC POSITIONING 


by 


A. Lough 


Paper No. 1. Session 1985-86 


FOR PRIVATE CIRCULATION AMONGST THE STAFF ONLY 


Any opinions expressed and statements made in this 
Discussion Paper are those of the individuals. 


Hon. Sec. R. V. Pomeroy 
71 Fenchurch Street, London, EC3M 4BS 


Discussion on the Paper 
DYNAMIC POSITIONING 


by 
A. Lough 
DISCUSSION 


From Mr. J. K. Robinson: 


I would thank the Author for his extensive explanation of DP 
systems and their survey requirements which will be of service to 
our colleagues in the Outports. 

With respect to hydroacoustic position reference systems, it 
should be noted that the transducers are often mounted on 
retractable stalks underneath the hull so as to place them below 
the plane of the propellers and avoid nose, especially aeration 
which will block the acoustic signals. It is also important that 
the signal cables from the hydrophones to the position display 
are protected by separation and screening from electromagnetic 
interference. As the sea bed transponders or beacons are an 
important element of this system, perhaps the Author would 
provide more details of their operation. 

The Author mentions dead zones in connection with the 
‘Artemis’ radio position reference system - would he explain 
the cause and location of these zones. 


From Mr. J. S. C. Bloomfield: 


The paper sets out clearly the amount of machinery and its 
method of operation necessary to obtain one of the Society’s 
DP notations. 

I feel sure the author could have extended the paper to include 
more mechanical details but has wisely kept the paper simple, 
clear and easily comprehended. 

However, the amount of redundancy necessary in the power 
system, be it direct diesel drive or electric motor drive to the 
actuators could be debated especially for the DP(AA) notation. 
Should a fire occur in the machinery room must another power 
unit in another space be capable of providing the minimum load 
to keep station? Are two separate oil fuel service tanks 
essential? 

Looking at the MSB in Figure 5 redundancy appears missing 
with the single bus-bar. 


From Mr. D. W. Robinson: 


The author is to be congratulated on a thoroughly detailed 
and interesting account of dynamically positioned ships and 
their control systems. Although he has concentrated on the 
important practical aspects, he introduces the subject of 
differing capabilities of alternative configurations and the new 
supplementary notation, the Performance Capability Rating, 
which can quantify such capabilities. 

As the author made reference to ‘‘complex mathematical 
operations’’ in the assessment of performance, I would like to 
explain the procedures involved in a simplified way and take the 
opportunity to ask the author whether more should be done to 
quantitatively verify the capability using such theoretical 
methods and sea trials, in view of the optional nature of the 
notation? 

It should first be pointed out that the procedure to be 
described involves a static balance of thruster to environmental 
forces and moments, and as such is non-absolute in terms of 
defining the exact position at any point in time, but is an 
accurate relative assessment of its capability to hold station. 
These forces and moments have to be balanced by the thruster 
force and direction, taking into account any interactions such as 
thruster/thruster, thruster/hull and thruster/current which 
tend to decrease efficiency. It can be appreciated that if there are 


several types and/or positions of thrusters, balance, if it is 
possible at all, may be obtained in an infinite number of ways, 
although there is usually only one optimum solution. The 
purpose of the theoretical procedure is to define that optimum 
solution for each combination of environmental forces and 
moments. 

For a particular system configuration and usable thruster 
power, there are environmental limits beyond which balance 
cannot be achieved and the vessel will move off station. 
Obviously, in deteriorating weather conditions operations must 
be suspended or stopped before limiting conditions are reached, 
not after. This can only be reliably achieved if the limiting 
conditions are known. 

Each component of the environmental forces acting on the 
vessel (wind, waves and current) will, depending on its direction 
relative to the vessel, exert a force and moment tending to bodily 
move and rotate it from its desired location and orientation. 

The procedure developed by the Ship Hydrodynamics Group 
of HNCD has as its starting point some basic assumptions, 
namely: 

(a) That the problem can be solved by a static force balance, 

(b) That the sea current is of a fixed velocity which can be set 

or not coincident with the wind direction, 

(c) That wave conditions, and hence forces, can be 

expressed as a function of wind speed. 


These assumptions are necessary in order that capability 
can be expressed in the normal rosette or capability diagram 
form, typical examples of which are shown in Figures D.1 and 
D2; 

An additional assumption in using the static balance 
approach is that only a certain percentage of the maximum 
continuous rating of the thrusters is available for the balance, 
the remainder being necessary for dynamic fluctuations. A 
figure of 80% is assumed, which corresponds to the normal 
level at which the relevant amber alarm warning signal is 
triggered off in the DP system. 

The following steps are used within program LRPAI1OI1 to 
derive the limiting values to draw the capability plot:- 

1. Calculate sea current forces and moments for a fixed 

current velocity for 15° intervals of current to ship 
heading. 


These are calculated using a conventional approach, 
viz: 


F = 0.5pC.AV? 


where C, is the current force coefficient from model 
tests at the correct Reynolds number. 

2. Calculate wind forces and moments for a wind speed 
of 1 knot for 15° intervals of wind to ship heading 
using a formula of the familiar form: 


F = 0.5p,CwAVy 


Where Cy are the wind force coefficients obtained 
from above waterline model tests in a wind tunnel at 
the correct Reynolds number and representative 
vertical velocity gradient. 


3. Calculate wave forces and moments for an assumed 
ISSC spectrum, with wave height and period defined 
via speed for 15° interval of wave to ship heading. Here 
we are interested only in second order or wave drift 
forces which are obtained via model tests or using a 2-D 
potential flow theory program LRPA103. 

4. Sum wind and wave forces and moments at coincident 
angles of incidence and wind speed. 

5. Sum wind and wave forces and moments at current 
force and moment over the range of angles of incidence 
of current angle for each wind incident angle. 


6. Test to see whether thrusters can generate required 
forces and moments for each current/wind combina- 
tion, taking account of:- 


(a) Thruster/thruster interaction. 

(b) Thruster/hull interaction. 

(c) Thruster/current interaction. 

(d) Dynamic effects allowance (80% MCR). 


This is done for (i) all thrusters in operation and (ii) with 
each thruster out of operation in turn. 

7. Steps 2 to 6 are repeated increasing the wind speed by 1 
knot at a time until there is insufficient thrust available 
to overcome the environmental loads for the two cases 
of Step 6. 


The above procedure will generate two wind speeds for each 
wind to ship heading to enable the capability plot to be drawn. 
The balance is achieved using the program LRPA101, which is 
an optimal thruster allocation program capable of incorporat- 
ing effects due to hydrodynamic interactions between the 
thrusters and the hull, the current and each other. Particular 
features of the thrust allocation such as ‘barred zones’ can also 
be included. Power usage can be calculated as well as total 
thrust, and limiting conditions due to either thrust or power can 
be ascertained. 

The importance of the interactions, which is an essential part 
of the input and is derived either from model experiments or a 
data base of suitable information, is illustrated in Figures D.1 
and D.2. 

The procedure described will obviously give a clear picture of 
capability of the DP system, and will also yield two minimum 
values of wind speed (one with all thrusters operating and one 
with the most effective thruster out of operation). These figures 
can then be used in conjunction with a cumulative probability/ 
wind speed diagram or table to indicate the percentage of time 
that these wind speeds occur in a representative area. These 
percentages also then define the percentage of time that the DP 
can hold station against such wind speeds, and this is the 


Performance Capability Rating (PCR). 
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Figure D.1 Capability plot for example mono-hulled vessel. 
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Figure D.2 Capability plot for example semi-submersible. 


From Mr. J. W. Fisher: 


What are the frequency variations of the ships electrical 
power supply that can be tolerated by the DP system? 


From Mr. J. Raghuram: 


I would like to commend the author on a very informative 
and well presented paper. However, I would be very grateful if 
the author could shed some light on the taut wire position 
reference system used by DP vessels. The author stated that the 
taut wire system is most favoured by U.K. North Sea operators. 
In the case where sea bed installations are present with 
associated risks of diver and diving equipment, would the taut 
wire method be abandoned for the more expensive and 
sophisticated hydroacoustic and radio position reference 
systems? 

I feel the paper did not cover in detail DP vessel economics 
(although this could have been omitted due to space considera- 
tions.) Besides the high initial capital cost, I would be interested 
in the operating cost of a DP vessel in terms of fuel, man power 
and equipment maintenance requirements. 


From Mr. B. P. Sharman: 


It is surprising that, with only a positioning accuracy of 90 
metres, navigation satellites are being considered for DP 
position reference. What is the worst tolerance that can be 
accepted? 

Inertial navigation systems are used with apparent success in 
positioning submarines but no reference is made to this system 
in the paper. Could Mr. Lough discuss the merits and demerits 
of such systems with regard to the use in DP? 


AUTHOR’S REPLY 


To Mr. J. K. Robinson: 


Ina DP operating mode it is quite common practice to utilise 
up to 5 sea bed transponders, because if only one is used, the 
system may be subject to ‘‘shadow”’ effects. 


- 


Each transponder has its own interrogation and reply 
frequency which enables them to be represented by their own 
unique symbol on the HPR display. 

If the operator utilises a wide angle transponder the vessel can 
move away from the operating area and then return at a later 
date and be able to locate the transponder easily. 

Deployment of transponders varies and may be directly from 
the vessel, from a small boat or by a diver. The transponders are 
usually fitted with a marker buoy to facilitate easy retrieval by 
the DP vessel. 

The operating life of the transponder depends upon the type 
of batteries fitted, but is in the order of 30 months. This can be 
extended by fitting lithium batteries. 

See Figure D.3 - Typical HPR Transponder. 
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Figure D3 Typical HPR Transponder. 


The Artemis interference dips or ‘‘dead zones”’ are related to 
the physical heights of the antennae above the water level. 

The microwave signal received by the mobile antenna unit 
will be the sum of the electromagnetic wave via the direct path 
between the fixed and the mobile antennas and the indirect path 
via the reflection from the water surface. 

The same applies to the signal received by the fixed antenna. 

Both signals interfere with each other causing fading dips, i.e. 
decrease of signal, at distinct distances with a depth which 
depends on the roughness of the water surface. 

The position of these dips or ‘‘dead zones’’ can be calculated 
approximately from the following: 


fine 2 hi.h2 
nd 
Where:- 

Dn = Distance of fading dip 
hl = Height above sea level of fixed antennae 
h2 = Height above sea level of mobil antennae 
\ = Wavelength 
mn =J;.2,/3:ete: 


with wavelength = 0.0312m andn = 1, 2, 3 etc., the two most 
important dips can be calculated thus: 


D1 = 62h1.h2 metres and D2 = 31 h1.h2 metres 
(with hl and h2 in metres) 


Therefore the distance where one is confronted with a 
lowered signal strength and hence a possible interruption of the 
measurements depends only on the heights of the antennae. 

This approximate calculation is only for short distances and 
when the spherical effect of the earth is taken into account the 
formula naturally becomes more complex. 

Christiaan Huygenslaboratorium have developed a com- 
puter program to calculate dip positions from which the 
diagram shown in Figure D.4 is obtained. 

One problem is that the position of the dip is not a single 
function of the product h1.h2. Lines are drawn for: 

hl = h2 =.4/h1.h2 andhl = 10m and h2 = u 

As an example, for hl.h2 = 600 it can be shown that 
interference dips will exist at approximately 8650m, 11000m, 
14800m and 22000m. 

For hl! = h2 = 24.5m the furthest dip will be found at 
20800m with a dip width of 700m and for hl = 10m and h2 = 
60m the centre of the dip is at 22500m and the width is 1000m. 

It is apparent that in order to avoid fading dips lower antenna 
heights are preferred. 


To Mr. J. S. C. Bloomfiéld: 


It is really a question of economics and how far do we take 
provision for redundancy. 

The ideal machinery arrangement, is, of course, to provide 
100% redundancy with two separate engine rooms containing 
sufficient generating capacity and/or thruster power to main- 
tain the integrity of the DP system in the event of a machinery 
space fire. 

However, when the DP Rules were revised in 1984 it was 
considered that in the event of a catastrophic common mode 
failure such as fire and flooding it would be impractical to 
impose further requirements above those already stated in the 
Rules and SOLAS, merely because the vessel was operating in a 
DP mode. 

If a vessel with a machinery room that contains all propulsive 
and/or generating units is to be used as a diving support vessel, 
it may be necessary for the machinery space to be continuously 
attended during DP operations. 

The possibility of a complete main switchboard failure is 
considered unlikely and there are sufficient redundancy arr- 
angements on the generating system on the subject vessel to 
comply with the requirements for the class notation DP(AM) 
for the Rule requirements at the date of build. 


To Mr D. W. Robinson: 


The contribution on the station keeping ability and in 
particular the background and development of the Perfor- 
mance Capability Rating (PCR) is considered to be a most 
useful complement to the Paper. 

It is agreed that there will be considerable benefit gained by 
comparing actual data recorded on a vessel operating in a DP 
mode to the theoretical data used in the calculation of the PCR. 
This aspect was appreciated at the time of formulating the Rules 
for DP systems and a requirement was included in Part 7, 
Chapter 4, Section 6 of the Ship Rules, which states ‘‘Records 
and data regarding the performance capability of the dynamic 
positioning system are to be maintained on board the ship and 
are to be made available at the time of the Annual Survey.”’ 


To Mr. J. W. Fisher: 


Many shipboard electrical control systems are prone to 
voltage and frequency variations which may affect the systems 
to different degrees, as shown in Table D.1. 


Figure D.4 
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Table D.1 


Voltage variation | Frequency variation 


Combination No (Permanent) % (Permanent) % 


l +10 +5 

2 +10 -—5 

3 —10 —5 
+ + 

4 -10 +5 


+ apa 


Voltage transient | Frequency transient 
(duration 1.5s) (duration 5s) 


% % 
5 +20 +10 
6 — 20 —10 


Electrical battery supply: with voltage variation + 30% to 
— 20% of the nominal voltage 


However, the DP computer system is not directly connected 
to the ship’s mains since the UPS forms a buffer system and the 
frequency stabilization is taken care of by the control of the 
inverter. 

This provides a stabilized supply within the DP manufac- 
turer’s specification (usually 0.5%). 

The basic UPS shown on Figure 7(a) applies to a non-redun- 
dant system and the alternative a.c. supply shown would only be 
used in an emergency. 


To Mr. J. Raghuram: 


The Taut Wire Position Reference has a relatively large area 
of operation which would facilitate its use close to fixed 
structures without the risk of physical contact with the diver 
and/or diving equipment. 

If the sea bed installation precluded the use of the taut wire 


the HPR, Artemis and, if fitted, a horizontal taut wire, would be 
used. 

The paper omitted DP vessel economics purposely since they 
would vary from one installation to another. 

The vessels that utilise electric propulsion for its thrusters 
have an economic arrangement since the diesel driven genera- 
tors are run at constant speed with limited load changes. This 
should provide, in terms of operating costs, a system com- 
parative to vessels of similar installed capacity, but different 
operational mode. 

The number of ships staff may be increased on a DP vessel to 
allow for the necessary DP Operators which are required by the 
National Authorities to be certified competent, which could be 
2 or 3 ona large installation and possibly an Electronics Officer 
in addition to the normal ships complement. 

It is considered that provided the vessel employs an adequate 
plant maintenance scheme, the fact that it isa DP vessel, should 
not increase the equipment maintenance costs. 


To Mr. B. P. Sharman: 


The use of satellites for position reference is, in general, only 
suitable in applications where navigation of the vessel from A to 
B with a reasonable degree of tolerance can be accepted e.g. 
pipelaying or trenching operations. 

It is claimed that users of global positioning systems (GPS) 
which at present can expect accuracies to within 90 metres, will 
be shartly able to achieve accuracies of 30 metres by employing 
special differential techniques. 

Satellite position reference using custom designed GPS 
precise positioning units are claimed to be capable of defining 
the position of offshore vessels to within a few metres. 

Since some of these systems are still in their infancy it may be 
some time before the accuracies claimed can be proven. 

The principle of operation of an Inertial Navigation system is 
based on ‘‘dead reckoning’’ navigation and although inves- 
tigated as a possible position reference system, it was found that 
it was not sufficiently accurate over a sustained period. 

As far as the author is aware there are no Inertial Navigation 
reference systems in use with installed DP systems on 
commercially operated vessels. 


Printed for Lloyd’s Register of Shipping at LR Printing Services Limited, Manor Royal, Crawley, West Sussex, E ngland, RH10 2QN Ed 


Lloyd’s Register Technical Association 


ENGINEERING FRACTURE 
MECHANICS 
AN INTRODUCTION AND REVIEW 


A. D. Cameron and R. V. Pomeroy 


Paper No. 2. Session 1985-86 


FOR PRIVATE CIRCULATION AMONGST THE STAFF ONLY 


Marine Data Systems 
London 


Date: 
ID?NOlou- 


The authors of this paper retain the right of subsequent 
publication, subject to the sanction of the Committee of 
Lloyd’s Register of Shipping. Any opinions expressed and 
statements made in this paper and in the subsequent 
discussions are those of the individuals. 


Written contributions to the discussion of this paper are invited 

from members of the Lloyd’s Register Technical Association. 

To ensure inclusion in the discussion paper, the contributions 

should be received by the Hon. Secretary in London not later 
than the 17th January, 1986. 


Hon. Sec. C. M. Magill 
71 Fenchurch Street, London, EC3M 4BS 


6. 


10. 


ENGINEERING FRACTURE MECHANICS: 
AN INTRODUCTION AND REVIEW 


by 


A. D. Cameron and R. V. Pomeroy 


TABLE OF CONTENTS 


SUMMARY 


INTRODUCTION 


THEORETICAL BASIS 


2.1 Stress Concentration 

2.2 The Energy Approach to Crack Propagation 
2.3. The Stress Intensity Approach 

2.4 The Stress Intensity as a Fracture Criteria 
2.5 Elastic-Plastic Fracture Mechanics 

CRACK PROPAGATION 

3.1 Fatigue 

3.2. Environmental Effects 


ESTABLISHMENT OF MATERIAL PROPERTIES 
4.1 Fracture Toughness Testing 

4.2 Crack Opening Displacement Testing 

4.3 Charpy Testing 

4.4 Charpy—K,, Correlations 

4.5 Crack Length Measurement 


SOME FURTHER TOPICS 
1 Crack Arrest 

2 Leak Before Break 

3 Mixed Mode Loading 
4 Plastic Collapse 

5 Residual Stresses 

.6 Weldments 

7 Flaw Idealisation 


DEFECT ACCEPTANCE LEVELS 


DEFECT ASSESSMENT ROUTES 

7.1 ASME Boiler and Pressure Vessel Code, Section III 

7.2 ASME Boiler and Pressure Vessel Code, Section XI 

7.3. International Institute of Welding Document 
11W-471-74 

7.4 British Standard PD 6493:1980 

7.5  JWES Standard WES 2805:1980 

7.6 CEGB Two-Criteria Approach 

7.7. J-Design Curve 

7.8 Summary 


PROBABILISTIC METHODS 
NON-METALLIC MATERIALS 


APPLICATIONS 

10.1 ‘‘Fitness for Purpose’’ Assessment 
10.2 Failure Investigations 

10.3 Material Selection 

10.4 Defect Rejection Levels 

10.5 Defect Tolerance 

10.6 Hydrostatic Test Conditions 

10.7 Inspection Intervals 

10.8 Structural Reliability 

10.9 Residual Life Prediction 


11. CLOSURE 
12. ACKNOWLEDGEMENT 


13. REFERENCES 


APPENDIX I Stress Analysis of Cracks 


APPENDIX II Some Stress Intensity Factor Calibrations 


APPENDIX III Data 


APPENDIX IV An Example of the Application of Prob- 
abilistic Fracture Mechanics 
APPENDIX V_ Assessment of the Significance of Welding 
Defects in a LPG Sphere 


APPENDIX VI Estimation of Tolerable Flaw Size in a 
Rotating Torque Tube 


APPENDIX VIL R6 Analysis of a Cylindrical Shell 


SUMMARY 


In recent years there has been a general increase in service 
stress levels following from a reduction in safety factors and the 
development of more accurate stress analysis methods. Modern 
high strength materials are widely used but these often have a 
relatively low resistance to crack growth. In these circumstances 
it is necessary to pay greater attention to the tolerance of a 
structure to defects which may be present. The result has been a 
significant increase in the application of fracture mechanics to a 
wide variety of structural problems. 

This paper aims to provide a general background to the 
theoretical basis of fracture mechanics and a review of some 
assessment routes. Emphasis is on the consideration of 
tolerance to hypothetical defects as part of design substantia- 
tion and of fitness for purpose in the presence of defects 
identified by inspection, both in-service and prior to entry into 
service. 


1. INTRODUCTION 


The integrity of engineering constructions is assured by the 
effort expended on design, material selection, fabrication 
planning and inspection during manufacture, often supported 
by the monitoring of an independent authority. Despite the 
sincere intentions of the engineering profession failures do still 
occur, many of which are the result of the presence of crack-like 
defects in the as-built structure. It is, therefore, apparent that 
some methodology which permits the analysis of cracked 
geometries is required. 

The service history of high quality fusion welded pressure 
vessels has been researched by Smith and Warwick‘. Their 


latest report covers the period 1962-1978 and is based on some 
20,000 items with a total service life of 310,000 vessel years. 
During this service 229 failures occurred of which 13 were 
catastrophic, most of the remainder being detected by periodic 
in-service inspection. The cause of failure is summarised in 
Table 1, and details of the catastrophic events is given in Table 
2. It is suggested that this pattern of failure causes, whilst 
relating to pressure vessels specifically, is probably not totally 
dissimilar to that experienced for other welded fabrications. Of 
the 216 cases of cracking, 161 (74.5%) were related to weld 
metal or heat affected zone material. Two principal conclusions 
can be drawn from this information as follows: 


(i) the predominant modes of failure are crack related. 


(ii) defects existing prior to entry into service are found ina 
high proportion of cases. 


However, although the evidence suggests that design 
methods should take cognizance of the effect of cracks and 
other defects which may be present, the majority of Codes and 
design Rules are based exclusively on the assumption of an 
unflawed geometry. This is even the case where consideration is 
given to fracture and fatigue. Nevertheless, fracture mechanics 
has now developed to the state where routine, practical 
application of the study of cracked geometries is possible. With 


Table 1 Causes of In-Service Failures of Pressure Vessels 


Crack propagation: 


(a) 
(b) 
(c) 


Fatigue 


(d) 
(e) 


Defects existing prior 


to service 
Corrosion 


Mal-operation 


Creep 


Not ascertained 


Corrosion 

Defects existing 
prior to service 
Not ascertained 


Creep, mal- 
operatio 


n, etc. 
TOTAL 


TOTAL 


Table 2 Details of Catastrophic In-Service Failures of Pressure Vessels 


Material 


1% Cr, 
4% Mo 


Superheater outlet header Steam 


nipple 


Pressure 
(bar) 


Steam main Steam | Mild steel 


Age 
(years) 


Description of Failure 


360° fracture of weld at 
junction with header 


Percentage 
of total 


Possible lack of 
fusion defect 


Longitudinal crack over 
3 m length 


—t 


Material laminations 


Feed heater Ethylene | Alloy steel 


Integral feed piping— Med. C. steel 


water tube boiler 


Primary superheater outlet | Steam 4% Mo 


header 


Steampipe Steam | Mild steel 


— 


Steampipe Steam | Mild steel Dia = 432 


+ 


Steampipe Steam | Mild steel 


Longitudinal rupture over 
6m length 


Fatigue from cracks 
in parent plate 


1% Cr, 
1% Mo, 
0.3% V 
1 + 


Mild steel 


Dia = 318, 
t=19 


Reheat piping/turbine Steam 


steam chest 


ID= 254, 
t=35 


. Feed piping triform tee Water 


Pipe fracture 


Corrosion fatigue 


Longitudinal split 2.1 m 
long, 0.58 m wide 


Creep rupture 
following history of 
high steam temp. 


Rupture 1.2 m long 


=| 
| Creep failure in 
wrong material 


Weld seam split over 1 m 
length 


a 
| Fracture from defect 
| formed during 

| manufacture 

- 


Rupture 1.5 m long 


Creep failure in 
| wrong material 
a 


360° fracture of pipe/chest 
weld 


Propagation of 


| existing weld cracks 


250° fracture of pipe 
starting at fillet weld toe 


Inclusion at weld 
toe, poor toughness, 
strain ageing 


+ 


4 
Mild steel 


L=2130, 
| Dia = 1070, 
t=57 


. Flash vessel 


Dished end blew out as 
result of 360° crack 


| Stress corrosion 
| cracking 


4 4 
BS1501-161A L = 12190, 
Dia = 1370, 


t= 190 


. Feed heater 


240° fracture of tube plate 
skirt weld 


+ 


| 1% Cr, 
1% Mo 


. Superheater Steam 


attemperator 


tN 


Explosive failure 


Creep following 
mal-operation 


the publication of formal codified fracture mechanics assess- 
ment routes the use of these techniques has increased in many 
industries. Most of the calculations are concerned with 
demonstrating tolerance to hypothetical defects as part of 
design substantiation. However, an increasing number of cases 
submitted to the Society are related to consideration of defects 
found by inspection and demonstrating that the fabrication is 
“*fit for purpose’’ without resort to repair. 

The authors consider it an appropriate time to prepare a 
paper describing the background to fracture mechanics and 
reviewing the methodologies available for assessing the integ- 
rity of structures containing known or hypothetical defects. The 
theoretical basis, described later in outline, has been established 
for some time and can be found in greater depth in several 
published texts, such as those by Knott” and Broek’. Recent 
developments have resulted in fracture mechanics becoming a 
respectable subject of real, practical value. In the following 
sections this paper aims to present an introductory guide to 
fracture mechanics, high-lighting some points of special 
interest. In addition to the theoretical background the paper 
outlines (for completeness) the methods used for deriving 
relevant material properties. 

The later sections refer to the application of fracture 
mechanics and in particular the various codified routes 
available. The strategies adopted in recognized Codes for 
avoiding failure by fracture and fatigue are also referenced. 
Some examples are given in the appendices together with a 
collection of useful information. 


Precipitates 


Y 
i 


The authors have based the paper on their own experience 
and the contents are therefore biased towards rotating 
machinery and pressure plant. As with most fundamental 
engineering concepts it is possible to envisage widespread 
application and specific reference to limited fields is not 
intended to imply a lack of universal application. 

It is emphasized that this paper is only intended to provide a 
background to a wide range of subjects, any one of which could 
be expanded considerably. A comprehensive reference list is 
included and an attempt has been made to reflect the scope of 
viewpoints held by industry rather than to concentrate on 
specific attitudes. In this respect the authors have tried to avoid 
making too many statements of opinion, theirs or otherwise! 


2. THEORETICAL BASIS 


The theoretical basis of fracture mechanics has taken many 
years to develop and encompasses many disciplines as illus- 
trated by Fig. 1. Consequently it is not possible to cover in detail 
all aspects of the subject. An attempt has been made to present 
the more salient points of the theory and how it has developed to 
its current form. It has also been attempted to show how 
different approaches relate to one another from which it can be 
concluded that no one parameter is going to be applicable for 
every situation encountered. 
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Fig. 1 


2.1 Stress Concentration 


All the phenomena discussed in this paper are related to 
cracks. Since the vast majority of cracks are initiated at some 
form of stress concentration, for example a discontinuity, fillet 
radius or notch, it is important to appreciate the effect which a 
notch has on the local stress distribution. 

A stress concentration can be represented graphically by 
using the analogy of flow lines moving past an obstruction, Fig. 
2. Where the lines are closest together, the stresses are 
highest. The ratio of the local stresses at the notch tip to the 
nominal stresses remote from the notch is termed the stress 
concentration factor, K,, where: 


a ae 
em (1) 


nom 


Much work has been carried out to calculate values of stress 
concentration factors. However one particular solution has 
proved to cover a wide range of notch geometries. Inglis” 
showed that for an elliptical hole in an infinite plate the stress 
concentration factor is given by: 


Kattan [2 (2) 
Q 


stress 


Distance from 
notch tip 


Fig. 2 


where D and @ are defined as shown in Fig. 2. The relationship 
derived by Inglis is later found in the consideration of stresses at 
cracks. Stress concentration factors for other geometries are to 
be found in, for example, Peterson’ and Tada et al. 

Even if the stress concentration factor is relatively low 
materials may yield at the root of the notch. For example, a 
circular hole in an infinite plate results in a stress concentration 
factor of 3 which must be considered as significant when 
compared with normal safety factors on yield strength used in 
engineering calculations. However, the higher the stress 
concentration factor, the steeper the stress gradient. So the 
magnitude of the local stresses falls to more acceptable levels 
within a short distance of the notch. 

Fracture mechanics is concerned with quantifying the 
behaviour of cracks. A crack is generally sharp fronted. Since 
elastic solutions for the stress distribution at a notch tend to 
infinity as the root radius tends to zero parameters other than K, 
have had to be developed. 


2.2 The Energy Approach to Crack Propagation 


2.2.1 The Griffith Crack 

Griffith, whilst working at the R.A.E., Farnborough, became 
concerned that the real strength of materials was very much 
lower than might be expected from consideration of atomic 
forces. Griffith” was the first to recognise that the apparent 
discrepancy could be caused by the presence of small cracks and 
that the energy available for crack extension was the difference 
between the energy released if the crack was extended (potential 
energy) and that needed to form a new surface (surface energy). 

Griffith confined his attention to a brittle solid containing a 
crack of length 2a and considered the energy changes in the 
system associated with an incremental extension of the crack. 
He showed that two conditions must be fulfilled if the crack is to 
extend: 


(i) the stresses ahead of the crack must reach a critical value. 
(ii) the total energy of the system must be reduced by the 
incremental extension of the crack. 


Griffith looked at the energy changes in the whole of the 
system and integrated the stresses and strains over an infinite 
plate. The approach of Griffith can be simplified to demonstrate 
the main principles . 

Consider a plate when the material is uniformly stressed and 
the ends are clamped, Fig. 3(a). The energy per unit volume, for 
this case, is known to be equal to half of the product of stress 


and strain or = (see Dugdale’). If a crack is present, Fig. 3(b), 


there will be a general relaxation of the material above and 
below the crack and the total strain energy will be reduced. In 
order to get an approximate solution, assume that the relaxed 
zone is a triangle of height 8a. Then over the half crack lengtha, 
the relaxed volume is aft, where t is the material thickness. 
Therefore the potential energy released, U, per unit thickness is 
given by: 


_oaB 
SE (3) 
which is the same form as Griffith’s solution: 
ora 
i 
U= SE 4 


~ or : | : (1 — v*)o 
Similarly for plane strain, since ¢ = =o 
ora 
2E 


U= (1 —»v’) (5) 


| 


bat 


Fig. 3 


The variation of U with crack length is illustrated in Fig. 4 and 
since it is an energy release it is shown to be negative. 

The surface energy, S, required to form a new surface is a 
function of the energy required to break atomic bonds. It is 
taken to be directly proportional to crack length. 

By summing the input, S, and the output, U, it is evident that 
for cracks of length less than the critical length, a., an energy 
input is required for growth and consequently these cracks will 
not propagate, as shown in Fig. 4. For cracks of length greater 
than the critical length, a_, the system indicates an energy release 
for an increase in crack length and the cracks will grow. 

To obtain an expression for the critical crack length, a.: 


Let S=ka where k is a material constant, 
-ora 
andU = mellet Sy 
2E 
stress state. 
Hence the total energy, W, is given by: 


W=S+U=ka-aa’ 
and the rate of change of the total energy with crack length by: 


aw 
=———k=—2oa 
da 
where a= a_ then the rate of change of the total energy is equal to 


zero and hence: 


= — aa’ where wis aconstant fora given 


aS (6) 


If the energy release rate and the energy absorption rate are 
compared at the critical crack length then, using equation (6): 


see 2aa,= —k 
da 
and 
9S _ 
da 
dU_ -aS 
—— ata =a 
da da 


where (—k) is usually termed G., which is the critical strain 
energy release rate for crack propagation. Further, G. can be 


Energy 


Crack length, a 


s! 


\w-u+s) 


Fig. 4 


expected to be a material constant since it depends on the energy 
required to break atomic bonds within the material. 

Therefore from equations (4) and (5): 
o°na 
Gr— 


¢ 


for plane stress (7) 


o,’ma(1— 1") 
a 


G for plane strain (8) 


In turn these equations can be re-arranged to give: 
(G.E)' =o.(ma)’ (9) 
(10) 


Note that in the above equations the left hand side contains 
only material properties while the right hand side represents the 
geometrical and loading conditions. 


(G,.E)' = 0.(7a)' (1 — v’)' 


2.2.2 Compliance 

Since Griffith only considered the fixed grip loading condition 
it is important to show that the theory is applicable to other 
loading conditions. This is possible by examining the com- 
pliance of a cracked body. 

If a load, P, is applied to a cracked body, Fig. 5, then the 
associated displacement, V, at the loading point, in the 
direction of the load, is related to P by: 


P =stiffness x displacement, 


or: 


1 
Seay 11 
G Jo 


where C is the reciprocal of the stiffness and is termed the 
compliance. 

In general the compliance will be a function of the geometry 
of the body, which includes the geometry of the crack. 
However, for small extensions of crack length the compliance is 
assumed to be constant so that it remains the same for a and 
(a+ 6a) thus equation (11) can be rewritten as: 


6V =Cé6P (12) 


P (applied load) 


V (displacement) 


P (fixed load) 


Fig. 5 


In order to maintain fixed grip conditions and extend the 
crack by 6a a small reduction in load, 6P, must occur. 
Consequently the strain energy release with fixed grips, Fig. 6, is 
given by: 


U=- lVep 
2 
which using equation (11) gives: 
U=—1.CP6P (13) 


Consider now the case of fixed load conditions, as shown in 
Fig. 7. If the loading points are free to move during crack 
extension the work is done by these loads. In this case the loads 
remain constant but a displacement 6V is produced. The energy 
release associated with this condition is: 


U= — (work done by loads) + (increase in strain energy of 
body). 
U=—-—Pé5V+ | bay = _! psy 
2 y. 
which using equation (12) gives: 
j= —LcPsp (14) 


A comparison of equations (13) and (14) shows that for a 
small crack extension, the reduction of stored elastic energy is 
the same for both fixed grip and fixed load conditions. This 
implies that the basic theory is valid for both cases. 


Load 


Displacement 


Fig. 6 


Load 


Th Area, U= + }P.5V 


Displacement 


2.3 The Stress Intensity Approach 


If a crack is considered as a very sharp notch Inglis’ 
relationship given in equation (2) breaks down as the notch root 
radius tends to zero. 


K,=1 +24 [P-0a5 9~0 
Q 


Consequently the concept of the stress concentration for an 
elliptical notch cannot be employed for a crack. It is necessary 
to consider the stresses around the crack tip. (A more rigorous 
analysis is described in Appendix I but the results are outlined 
here). The stresses close to the crack tip can be expressed as: 


o=K,f(@,r) (15) 


in terms of the stress intensity factor K, where: 


kK, = From V Ta (16) 


and the position (defined in polar co-ordinates). 


The stress intensity factor is only a function of the applied 
nominal stress and of the crack length. Further, since the stress 
intensity factor is a measure of the stresses in the vicinity of the 
crack tip it is not unreasonable to expect that it also 
characterises the phenomena of crack growth. 

It is important at this stage to emphasise the assumptions 
inherent in equation (15). Equation (15) is only applicable at 
locations near the crack tip. It does not apply av the crack tip 
where the theoretical elastic stresses tend to infinity. Further, 
equation (15) only applies up to a distance from the crack tip 
which is small when compared with the crack length. Therefore 
if the distance from the crack tip is termed r, equation (15) only 
holds if: 


O<r<a 


This is one of the conditions that has to be met for the 
application of Linear Elastic Fracture Mechanic (LEFM). In 
practice this limit can be considered to be: 


O<r<0O.la 


The other conditions imposed on LEFM stem from plasticity 
effects. 

A plastic zone will be produced at the crack tip and so an 
estimate of the size of this plastic zone must be obtained before 
proceeding. 

Consider the stress distribution ahead of a crack ina remotely 
loaded sheet in a state of plane stress as shown in Fig. 8. The 
stresses are given by equation (15). The simplest yield criteria 
shows that o, will exceed the yield stress of the material, o,, at 
some distance, r*, ahead of the crack, Fig. 8(a). If r* is used as 
a first estimate of the plastic zone size it is clear that the forces in 
the shaded area will cause some re-distribution of stress and 
consequently extend the plastic zone size to r,, Fig. 8(b). 
Therefore to maintain equilibrium: 


si , (2xr) 
2\! (/K 
and hence, r= (<) (~) ah (17) 
1 0, 
K, 
Now at r=r*, o,= =0, 
~ eate) 
is 2 
and hence, r* -(“) (18) 
27 \o, 


Substituting equation (18) into equation (17) gives: 


te 
r=-|— (19) 
Amo 


(a) 


(b) 


Fig. 8 


This provides an estimate for the extent of the plastic zone. 
However since the situation in practice is more complicated due 
to strain hardening characteristics and material thickness effects 
it is preferrable to leave equation (19) in the more general form 


of: 
Ki\e 
Toc (20) 
og) 


Equation (20) provides an estimate for the size of the plastic 
zone which is embedded in an elastic stress field both of which 
are generated by the presence of the crack. Further, the extent of 
the elastic zone applicable for LEFM is about one tenth of the 
crack length. It is now assumed that if the plastic zone is much 
smaller than the elastic zone then events at the crack tip will be 
controlled or characterised by the surrounding elastic stresses, 
which in turn are quantified by the stress intensity factor. The 
maximum size for the plastic zone is normally taken as one fifth 
of the size of the effective elastic zone. 

Hence, to satisfy the conditions for LEFM: 


This condition, of course, also applies to other dimensions 
such as thickness, width and remaining ligament size, as shown 
in Fig. 9. 

Equations (20) and (21) can be combined to give the thickness 
criteria appropriate to plane strain conditions satisfying the 
requirements for LEFM: 


B22.5(=)_ (22) 
oO 


y 


where B is the material thickness. The constant, 2.5, has been 
derived from experimental results. 
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For linear elastic fracture mechanics to be valid 
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(a) Crack too long 
(b) Crack too short 


(c) Crack surrounded by notch plasticity 


Fig. 9 


2.4 The Stress Intensity as a Fracture Criteria 


As a specimen containing a crack of fixed length is subjected 
to an increasing load the stresses, strains and displacements in 
the vicinity of the crack increase. It is reasonable to expect, ina 
similar way to Griffith, that there will be a critical value of stress 
near the crack tip at which the crack will propagate in an 
unstable manner. Since the stresses are scaled by the stress 
intensity factor it follows that unstable propagation will occur 
at a critical value of the stress intensity factor. This has been 
verified experimentally and the critical value of stress intensity 
factor has been shown to be a material property, given that the 
conditions of LEFM, outlined in Section 2.3, are fulfilled. 

The conditions of LEFM effectively imply plane strain and 
the fracture toughness for this condition is termed K,.. When the 
conditions LEFM are not fulfilled the toughness is termed K.. 
The variation of K, with thickness is illustrated in Fig. 10. 

The experimental measurements of K,. (see section 4) are 
usually performed on either the Single Edge Notched (SEN) 
specimen or on the Compact Tension Specimen (CTS). The 
SEN specimen is easy to load in bending while the CTS allows 
high values of K,. to be obtained for relatively short cracks. The 
two specimens are illustrated in Fig. 11 while the stress intensity 
factor calibrations for each are given in Appendix II. 

Typical values of K,. for various materials are presented in 
Appendix III. It is seen that high yield materials tend to have 
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(a) Single edge notch specimen 
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(b) Compact tension specimen 
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low fracture toughness values. This leads to the situation that 
for high yield strength materials the required specimen 
thickness for valid measurements may only be in the order of a 
few millimetres while low yield strength materials may require a 
specimen which is 0.5 m thick. This makes the fracture tough- 
ness testing of low yield strength materials expensive and 
usually irrelevant since most applications do not require such 
thick components. The need for elastic-plastic fracture mechan- 
ics and for other parameters to characterise the toughness of 
materials becomes apparent. Consequently the Crack Opening 
Displacement and J integral approaches have been developed. 


2.5 Elastic-Plastic Fracture Mechanics 


The main limitation with LEFM is that the conditions 
imposed on thickness and plastic zone sizes often make K,. 
testing invalid for many engineering applications. The problem 
is illustrated in Fig. 12. 

Consider a cracked component of width W subjected to 
uniform tension. A simple estimate for the yield condition of 
the uncracked ligament would be : 

oW 


Gnet = y GO, 
W-a 


This solution follows the straight sloping line in Fig. 12. 

If the specimen is of a material of low fracture toughness then 
the yielding mode of failure will predominate at short crack 
lengths. If however the material is of high fracture toughness 
then the K,. curve will move upwards and the yielding mode may 
predominate over the whole range of crack lengths. Hence the 
need is obvious for a parameter which can quantitatively predict 
fracture behaviour of sections loaded beyond the limits of 
LEFM. 
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2.5.1 Crack Opening Displacement (COD) 

A continued increase of the applied load, beyond the load 
required for net section or general yield produces little increase 
in the stress at the crack tip. It does however result in an increase 
in the local strain and produces a blunting or rounding of the 
crack tip. Wells” suggested that the crack would advance when 
a critical strain level at the crack tip is attained. 

The strain at the crack tip can be characterised by the opening 
of the crack surfaces and this opening is denoted as the crack 
opening displacement. The assumption is then made that this 
same critical value of strain (or crack opening displacement) 
will also be applicable when the same material is subjected to 
lower nominal load conditions. It should be noted that several 
variations of the geometric definition of COD have been 
proposed which differ from that of Wells. 

Equation (19) from Section 2.3 provided an estimate of the 
size of the plastic zone ahead of a crack. If it is assumed that the 
plastic zone is a circle of radius \, then: 


= l K, : 
= (=) (23) 


y 


Irwin” proposed a plastic zone correction factor based on a 


‘‘notional’’ crack or pseudo-elastic crack which extends to the 
centre of the plastic zone. This crack would then be of length 
(a+), Fig. 13. 


Fig. 13 


The displacement in the y direction of the crack surfaces fora 
crack of length a in plane stress can be shown to be: 


=22(a' fe ) (24) 


by a similar analysis to that presented in Appendix I. 
For the pseudo-elastic crack (which has been corrected in 
length for the effects of plasticity at its tip): 


LG 25 
y= 22h (at yx (25) 


and at x = athe crack opening displacement is simply twice the y 
displacement: 


p= 2y=S2fat + 2an+n?—a'] (26) 


or ignoring small terms: 


4o ; 
= Ui 
6 E (20) (27) 


Substituting equation (23) into equation (27), to eliminate \ 
and to obtain an approximate expression in terms of material 
properties: 


4K, 
jas 28 
TEo, (28) 
This is better written in the more general form 
K 2 
oe 29 
Peo, (29) 


The consensus of experimental and theoretical studies gives 8 
ranging from 0.5 in plane strain to 1.0 in plane stress. The 
condition for fracture then becomes: 


Si pa 
ae (30) 


This form retains the attractive qualities of LEFM since all 
the terms on the right hand side of equation (30) are known for 
a given situation. Further if the conditions of LEFM are met 
and therefore K,=K,, at fracture then equation (30) indicates 
that 6, is a constant for the material. 

The COD approach has not proved to be entirely satisfac- 
tory. Measurement of actual COD’s has proved to be difficult 
and most experimental techniques rely on taking measurements 
remote from the crack tip and relating them to conditions at the 
crack tip by some geometric relationship. A second parameter, 
the J integral, has been developed which provides an alternative 
approach but is based on the conditions remote from the crack 
tip. 


2.5.2 The J Integral 

If the plastic zone at the crack tip is no longer small the 
conditions of LEFM are violated. Rice"? proposed a par- 
ameter, termed the J integral, which allows for larger plastic 
zones by characterising the crack tip zone from a safe distance in 
a similar way in which LEFM does for the limited plastic zone 
sizes. The J integral concept is described formally by taking a 
line integral along a contour T’ surrounding the crack tip, Fig. 
14, J is defined as: 


J=\ way-T. “as (1) 
I 6x 


for an unclosed contour where: 
s is the arc length. 

T is the outward traction vector onT’. 

v is the displacement vector. 

W is the strain energy. 

In the case of a closed contour Rice has shown that J is equal 
to zero. Thus for the closed contour ABCDEF, in Fig. 15, J is 
also zero. Further since no contribution arises from CD and AF 
(i.e. T=0 and dy=0) it follows that the integral along ABC 
must be equal and opposite to that along DEF. Consequently 
the J integral taken along an unclosed contour between 
unloaded crack surfaces is path independent. 

This rather unclear definition of J is better understood by 
considering J in engineering terms as a measure of potential 
energy. The J integral can be defined as the difference in 
potential energy between two identically loaded, non-linear 
elastic bodies containing cracks of slightly different lengths, 
Fig. 16. Therefore, for unit thickness: 


_6U 


{= —2e 
éa 


(32) 

As discussed in Section 2.2, potential energy is available as 
the crack driving force. At a prescribed level there is sufficient 
potential energy to overcome the resistance of the material to 
cracking. At fracture, J attains some critical value, identified as 
Nut ot oe 
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Displacement, V 


Two limiting cases are worthy of note, the elastic case and the 
elastic-perfectly-plastic situation. 

At small loads the relationship between load and displace- 
ment is essentially linear and the value of J approaches that of 
G, the elastic strain energy release rate. 

Therefore for elastic conditions: 


J.=G., 
for the critical crack situation. 
For the elastic-perfectly-plastic case consider Fig. 17. 
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The yield load for a specimen containing a crack of lengthais 
given by: 


P (a)=[W—al].o, (34) 
while for a crack of lenght (a + 6a) the yield load is: 
P (a+ 6a) =[W —a-—4a].o, (35) 
Further, for unit thickness: 
Jéa= |P (a)—P (a+éa)}v (36) 


Substituting equation (34) and equation (35) into equation 
(36) yields: 


J=cV 


y 


(37) 


The displacement at the critical fracture value for the elastic- 
perfectly-plastic material is simply the COD. Hence, 


J.= 0,6, (38) 


Therefore for elastic conditions J, has the same value as Gi 
equation (33), while for elastic-perfectly-plastic conditions J is 
related directly to COD. For intermediate cases J can be thought 
of as a measure of the amount of the deformation near the crack 
tip. 
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Relationships between J and displacement are generated 
experimentally by measuring the potential energy changes in a 
series of tests on identical specimens containing cracks of 
different lengths, as shown in Fig. 18. A critical displacement 
and critical crack length can be determined from a fracture test 
and the value of J, obtained by interpolation. This approach is 
time consuming and open to many sources of experimental 
error. However, the potential advantage of J is to produce 
calibrations without the need to resort to experimental 
verification. J values can be obtained numerically by integrating 
around a contour of a finite element mesh, which appeals to 
those familiar with structural mechanics and numerical analy- 
sis. Although the experimental determination of J. is better 
defined than that of 6, it is noted that J assumes that a non-linear 
elastic material after yielding will unload back down the same 
curve. This is obviously not true of most engineering materials 
which unload elastically leaving some permanent damage. 
Consequently this would make J questionable in applications 
involving fatigue. 
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ae CRACK PROPAGATION 


Section 2 discussed parameters employed in the determina- 
tion of the conditions required for catastrophic failure of a 
component containing a crack. However, there is usually a 
period of time during which the crack will grow from some 
initial length to that length which is termed critical and failure is 
imminent. It is with regard to this period of crack growth that 
fracture mechanics is most concerned since it is now accepted 
that many engineering components can function satisfactorily 
even though cracks are present. Fracture mechanics methods 
have therefore been developed to provide the necessary 
analytical tools in order to estimate safe working lives. 

There are three basic mechanisms by which cracks can 
propagate; fatigue, stress corrosion cracking and creep. 


3.1 


Although fatigue is the best understood mechanism for crack 
growth it is also the most common single reason for failures in 
engineering components (see Table 1). Fracture mechanics has 
attempted, and to some degree has succeeded, to quantify 
fatigue crack growth rates although large errors have to be 
accepted due to the inherent scatter in the measured data, which 
is in turn due to material variability and experimental error. 

Fatigue can be defined as the propagation of a crack through 
a component due to a load system which is cyclic in nature. A 
simplified, constant amplitude, load system is shown in Fig. 
19(a) where a crack in an infinite plate is subjected to a 
sinusoidal load sequence ranging fromo, too... Atmaximum 
load the theoretical elastic stress distribution ahead of the crack 
will be as shown in Fig. 19(b). This stress distribution is 
quantified by K,(2zr) ‘ as described in Section 2.3. Due to the 
sharpness of the crack the material will yield at and for some 
distance ahead of the crack tip. On unloading to o. the 


min 


material at the crack tip will unload elastically by the amount: 


Fatigue 


/ K  —-K 
AK = max — (39) 
(2nr) (2zr)’ 
where AK = (0,,4x — Sin) (7A) 
or AK = Ao(zra)! (40) 


Since the material at the crack tip has yielded the value of the 
crack tip stress ato, is now: 
_ AK ) 
*  (2ar)! 


min 
= (« 


If the value of equation (40) is equal to or greater than the 
yield stress in compression, and in general it will be, then 
reversed plasticity will occur at the crack tip: 


(41) 


AK 
(2xr)' 


o=0.- =>- 


y 


9, (42) 


Re-arranging equation (42) to obtain an estimate for the size 
of the reversed plastic zone gives: 


ra(F) 
2x \20, 


It is this reversed plastic zone which controls the fatigue crack 
growth rates and is also responsible for the characteristic 
striations produced on fracture surfaces (see Scholey and 
Lintell-Smith for illustration of fracture patterns'”). 

It is notable that the size of the reversed plastic zone depends 
on the range of the stress intensity and not on the mean value. 
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Fig. 19 


The dependence of crack growth rates on AK has been verified 
for a wide range of materials and can generally be expressed by 
a power law, as shown by Paris and Erdogan'”, of the form: 


da = A(A K I 
dN 


(43) 
where A and m are constants. This growth law is applicable to 
the continuum behaviour (Region B of Fig. 20) where 
microstructure, mean stress and material thickness have little 
influence. For low values of AK (Region A of Fig. 20) the 
amount of damage at the crack tip becomes so small for each 
load cycle that it no longer encompasses grain boundaries and 
continuum mechanics breaks down. Microstructure and mean 
stress have a large influence on growth rates and the growth law 
in equation (43) is no longer applicable. Growth rates tail off so 
that for a value of AK below the threshold, AK,, , no measurable 
crack growth takes place. This concept is of great importance in 
the assessment of engineering structures for if AK can be shown 
to be less than AK,, then the component is assumed to be safe 


'oa(Sn) 


da 
—=A we 
dN (AK) 


(AK,,) 


log (AK) 


Fig. 20 


from significant crack propagation. In parent materials a 
considerable proportion of the component life is expended in 
Region A, basically associated with crack initiation. Much 
attention is being directed at the modelling of the behaviour of 
short cracks in this area. 

In Region C critical conditions are being approached which 
involves either the fracture toughness, K., or net section 
yielding. Due to violations of the LEFM conditions, equation 
(43) is not applicable in this area. Consequently equation (43) 
only describes growth rates in Region B. However this does 
cover a wide range of AK and growth rate values and is 
applicable to most practical situations where detectable cracks 
are present. 

In order to estimate residual life of a component the initial 
and critical crack sizes, the loadings, stress intensity factor 
calibrations and the constants in equation (43) must all be 
known. Equation (43) can then be written as: 


a = A(FAc. |e)" 


which on integration gives: 
rr da 


1 
Nie eae 
f A(Ao,/x)" ae (F./a)” 


where N, = number of cycles to failure. 
a, =initial crack size. 
a, = final crack size. 
F = geometric correction factor included in equation 
(40) to allow for the finite size of the component. 


(44) 


Equation (44) is usually integrated numerically, taking 
account of the various loading ranges predicted for service 
conditions. Fatigue data is often presented by means of 
stress-life (S-N) curves, Fig. 21, and is usually obtained by 
testing plain specimens which are free from defects rather than 
as crack propagation data. In general, steels show a stress limit 
(the plain fatigue limit, Ac.) below which no fatigue failure 
takes place, while for example, aluminium alloys do not. For 
design purposes the plain fatigue limit is taken as a safe design 
stress for steel components subjected to alternating loads and 
the stress corresponding to a safe life, say 10’ cycles, is used for 
aluminium alloys. There is, of course, a direct relationship 


Stress range 
(or amplitude) 
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Fig. 21 


between S-N curves and crack growth curves. Further, it should 
be noted that on any stress-life plot a large amount of scatter can 
be hidden due to the log-log nature of the presentation. Scatter 
bands on fatigue life based on experimental data are often 
found to range from 50% to 150% of the mean value. This 
variation is reflected by the factors applied in establishing 
design curves from experimental results. 


3.1.1 Effect of Mean Stress 

The effects of mean stress are particularly important in the 
region of threshold crack growth. A positive mean stress tends 
to decrease the value of AK,, (and also decrease Ao,). Reasons 
for this are not conclusive but it is generally thought that at low 
AK values the crack surfaces close on unloading. This will tend 
to reduce the effective stress intensity range. If a tensile mean 
stress is present this closing of the crack surfaces will not occur 
to such an extent. Consequently the crack will grow faster and 
apparently reduce the value of AK,,. Many empirical relation- 
ships between AK,, and mean stress have been proposed, see for 
example McEvily''? and Garwood”. The relationship derived 
by Garwood is generally regarded as approximate (being a 
lower bound of a range of data) and is as follows: 


AK, = 190- 144R Nmm_*? (45) 
where: 
R = omnia 
Omnax 


This relationship is recommended in BS PD6493””. 

Some materials, particularly aluminium alloys, exhibit mean 
stress effects at higher values of AK. These again have only been 
considered in an empirical manner (see, for example, Forman 
et al."), 


3.1.2 Fatigue of Notched Components 

Most cracks are initiated at a geometric stress raiser. It is 
therefore necessary to understand how the presence of a notch 
changes the analytical approach to quantifying crack growth 
rates. The situation is complicated by the presence of a global 
stress gradient (in addition to that due to the crack) and usually 
by a stress induced plastic zone generated by the notch. 
Consequently a crack once initiated has to grow through a notch 


plastic zone before progressing further as a crack controlled by 
the general nominal stress field. Once the crack is controlled by 
the nominal stress field fracture mechanics techniques can be 
applied. 

Estimating the number of load cycles required for crack 
initiation has proved difficult. The extensive number of 
variables that play a part in this process result ina high degree of 
experimental scatter and no proposed analytical approach has 
proved entirely successful. For design purposes the approach is 


Ad. . 
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to endeavour to maintain the nominal stress levels below 
T 
order to prevent crack initiation, Fig. 22. 
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Should a crack initiate at a notch root its behaviour will be 
controlled by the surrounding plastic stress field. Although a 
vast amount of research has concentrated in this area, no 
conclusive technique has been forthcoming. One of the basic 
problems is to define at what length a crack is said to have 
initiated. In laboratory conditions cracks as small as 0.001 mm 
(see section 4.5) can be detected while on actual components, 
and particularly where heavy sections are concerned, it is 
perhaps optimistic to expect to accurately measure cracks of the 
order of 0.5 mm. 

Failures of, for instance, gas turbine disks after experiencing 
far less load cycles than predicted has drawn attention to the 
need for methods for quantifying short crack behaviour. 

Crack growth rates through notch plastic zones are, not 
surprisingly, consistently higher than predicted by LEFM 
approaches. Techniques presently proposed usually involve 
some form of ‘‘strain intensity’’. The stress intensity, equation 
(40) can be written in terms of strain as: 


AK = EAe,/7a (46) 


where Ae is the nominal strain range. 


Obviously for elastic loadings equations (40) and (46) yield 
the same values for AK. However, ‘‘strain intensities’? of the 
form of equation (46) have been extended to conditions which 
violate LEFM and where the nominal conditions are elastic- 
plastic (see Haigh and Skelton”). For the notch problem the 
strain distribution ahead of the notch is calculated before the 
crack is present. This distribution then replaces Ae in equation 
(46) in order to calculate the strain intensity. A growth law 
obtained from plain specimens loaded plastically is then 
employed to predict growth rates. Although this technique has 
no fundamental basis it has been proved reasonably successful 
for tests on laboratory specimens subjected to constant 
amplitude loading by El Haddad et al’. 


Once the crack emerges from the notch plastic zone it begins 
to behave as a crack of length (a + D) where D is the depth of the 
notch, and LEFM methods can be employed. It is emphasised 
that a small crack under these circumstances behaves like a 
much longer crack, as was shown by the ‘‘fatigue’’ failure of the 
early Comet airliners. 


3.2 Environmental Effects 


In the previous sections no mention has been made regarding 
the effect of the environment on the fracture and crack 
propagation characteristics of a material. All previously 
discussed fracture modes have been purely mechanical in 
nature. Environmental effects differ in that they are time 
dependent and a long period of service may occur before they 
become apparent. Generally these phenomena are classified as 
corrosion and temperature effects and since they may be present 
to various degrees, can largely only be dealt with in a qualitative 
manner. 

The following discussion is limited to those environmental 
effects most pertinent to fracture mechanics. 


3.2.1 Stress Corrosion Cracking 

Stress corrosion cracking (SCC) may be defined as the 
propagation of a crack due to the combined action of a 
corrosive environment and applied stress. The bonds within a 
structure can be broken either by mechanical forces or chemical 
change or by a combination of these two. At an area subject to 
high strain, such as a crack tip, the material is vulnerable to any 
other bond breaking mechanism, such as corrosion. 

Two chemical processes are important in stress corrosion 
cracking: the anodic dissolution process which removes heavily 
stressed material and the cathodic process producing hydrogen 
which diffuses ahead of the crack and causes fracture by the 
embrittlement of the material. 

Fig. 23 illustrates the effect of SCC on standard fracture 
toughness specimens''””. Some materials exhibit a threshold, 
K,,... below which cracks will not propagate by SCC mechan- 
isms. Consequently for design, it is normal to ensure that no 
cracks longer than a length corresponding to K,... exist in the 
structure. 
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Fig. 23 


3.2.2  SCC/Fatigue Interactions 

Generally a corrosive atmosphere is detrimental to fatigue 
properties both from threshold and crack growth rate aspects. 
Exceptions can be found where the fatigue loading is intermit- 
tant and the corrosive action of the environment blunts the 
crack tip thereby initially reducing growth rates on the next 
application of the fatigue loading. If the fatigue loading is 
always present and at suitably low frequencies (say <1Hz) in 
order to allow the chemical processes to take place, then anodic 
dissolution may increase growth rates by a factor of 4 while 
hydrogen embrittlement can result in increases of as muchas 10 
times. Consequently crack growth rates can vary considerably 
depending on many factors and no quantitative approach can 
be adopted. The problem is tackled in practice by trying to 
protect the component from the environment. This is done by 
painting, by protective coatings, or by electrolytical protection. 

It is necessary to ensure that any crack growth data used in 
fracture mechanics analyses is directly related to the most 
onerous environment that will exist in service. In general it is not 
satisfactory to use environmental factors derived for one 
material to scale the data relating to similar materials. 


3.2.3 Temperature Effects 

Since temperature can change every material property from 
microstructure through to fracture toughness, it is not possible 
here to cover more than some of the more important aspects. 


3.2.0.1) (Creep 
Creep is a slow process of continuous deformation with time. 
The strain, normally only dependent on stress, now varies with 


temperature and time as well: 
e=f(o,t,T) 


Materials start to suffer significant creep deformation when 
thermally activated processes, particularly dislocation mechan- 
isms, become effective. In general, for metals, if the 
temperature is greater than one third of the absolute melting 
point temperature, then creep deformation becomes signifi- 
cant. This would be about 400°C for steel and 200°C for 
aluminium. 

The creep process can be considered as comprising of three 
phases; primary, secondary and tertiary, as shown in Fig. 24. 
Although primary and tertiary creep are important they are 
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short term phenomena and can be treated similarly to the 
approach adopted in allowing for elastic deformation in a 
structure Or component. In design it is the steady-state or 
secondary creep that is of most concern. In this area the 
steady-state creep strain rate is given by: 


(47) 


where n, the creep exponent, normally varies between 3 and 8 
(except at low stresses where n tends to unity). 

Further, the steady-state creep strain rate is also related to the 
absolute temperature, T, by: 


= a exp = =) 
dt RT 


where R is the Universal Gas Constant, 
Q is the activation energy for creep. 


The creep strain rate increases exponentially with tem- 
perature and so a small increase in temperature can result in a 
large increase in strain rate. 

In a plain specimen creep damage results from grain 
boundary activity which ultimately leads to the formation of 
cavities and voids. However, in engineering applications 
pre-existing stress concentrations will be present and interest 
then centres on the analysis of cracked geometries under applied 
tensile stresses and at elevated temperatures. It has been 
established °° *” that the steady-state creep crack growth rate 
can be expressed in terms of the stress intensity factor, K, in the 
form: 

da_cK 


dt (48) 


where C and n are material constants. 

As with fatigue crack growth laws a threshold value below 
which crack growth is effectively zero is found to exist. There is 
some evidence to suggest that the value of nin equation (48) may 
be similar to the creep exponent of equation (47). 

The use of the stress intensity factor, K, in equation (48) 
appears to be valid for small scale crack growth but other 
proposed models such as the C* integrals, which are analagous 
to J-integral methods, appear to offer a more universal solution. 
Although the evidence available to date is far from conclusive 
the use of a fracture mechanics approach in assessing creep 
damage would appear to offer considerable benefits in permit- 
ting the combination of creep hold time effects and low cycle 
fatigue effects when analysing cracked components. 


3.2.3.2 Fracture and Fatigue 

The effects of temperature on the fracture toughness is most 
pronounced for low strength steels. The non-ferrous alloys and 
higher strength steels show little variation in toughness with 
temperature. These effects are also mirrored in the results of 
Charpy impact tests. 

The typical variation of toughness for a steel with tem- 
perature is illustrated in Fig 25. On the ‘‘lower shelf’’ the 
fracture surface appears to be crystalline, corresponding to a 
low energy brittle (cleavage) failure. The high energy mechan- 
ism of ductile tearing corresponds to the ‘‘upper shelf’’ region 
and results in a fibrous appearance on the fractured surface. 

The effect of increased temperature on the fatigue properties 
of steels becomes significant in the creep range where both the 
fatigue life and the fatigue limit will be reduced. However, if 
dwell periods are introduced to the fatigue loading a more 
marked effect can be observed. 

Creep/ fatigue interactions are usually illustrated by strain- 
life curves since the strain levels will be typically between 0.4% 
to 3% and are consequently above yield. Dwell periods are 
particularly important since they allow the creep mechanisms to 
become active. Generally these periods are introduced at 
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constant values of stress and can drastically reduce fatigue lives. 
Dwell periods of up to 16 hours at 500°C-550°C can reduce the 
fatigue life of steels by a factor of ten”. 

Although it is possible to combine low cycle fatigue damage 
and creep damage using the approach referred to in Para. 
3.2.3.1 this approach is not well established. It is more usual to 
combine creep and fatigue damage on the basis of summing the 
individual damage fractions based on creep rupture curves and 
S-N curves, with appropriate factors of safety. 


4. ESTABLISHMENT OF MATERIAL PROPERTIES 


With the emergence of fracture mechanics as a practical 
analysis approach over the last 20 years, the need is obvious for 
standards relating to the techniques of obtaining fracture 
properties of materials. The British Standards Institution have 
therefore issued codes in 1977 and 1979 for K,. and COD testing 
respectively. These are reviewed in the following sections. The 
now traditional Charpy test is also included since this test is still 
commonly used for quality control purposes. Other tests such 
as wide plate tests and drop weight tests are not referenced. It is, 
however, clear that the specifications for fracture mechanics 
testing are generally more relevant to research laboratories than 
to production test houses. 

It should be noted that no standard relating to fracture 
toughness testing methods yet gives specific guidance on the 
form of test specimens to obtain properties for weld metal or 
heat affected zone material. If, for instance, specimens are cut 
from a weld procedure test plate it is not generally possible to 
arrange these so that a normal crack will run through the 
selected material. It is often the practice that specimens are 
made specially so that, for instance, the heat affected zone is 
aligned perpendicular to the surface. (Fig. 26). 


4.1 Fracture Toughness Testing 


The method for fracture toughness testing is standardised in 
BS 5447). Attention is drawn to some of the more specific 
requirements of the standard. 

The test can be split into two; the introduction of a fatigue 
crack and the fracture of the specimen through unstable growth 
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of that crack by applying a slowly increasing load. The purpose 
of the test is to determine the load at which a given amount of 
crack growth has taken place. This is defined in the standard as 
a specified deviation from linearity in the load-displacement 
plot. 

For the fatigue pre-cracking process a number of require- 
ments have to be considered; the ratio of the minimum to 
maximum load has to be in the range of 0 to 0.1; the final crack 
length has to be longer than 1.25 mm and the crack length to 
specimen width ratio between 0.45 and 0.55; the stress intensity 
factor during the growth of the last portion of the crack should 
not exceed 70% of the toughness value calculated at the end of 
the test. All these requirements are designed to ensure that 
LEFM conditions are not violated and therefore effectively 
ensure a state of plane strain at the crack tip. 

For loading to failure BS 5447 states that the loading rate 
should be such that the rate of increase in the stress intensity 
factor prior to crack extension should be between 4.74 MPa,/m 
and 25.3 MPa,/m per second. The standard also details 
requirements for temperature control, accuracy of loading 
point location, recording of results as well as facilities to expect 
on the testing machines. 

The validity of the test can only be ascertained after the test 
has been completed. The procedure is to insert the stress 
intensity factor calculated at the onset of unstable crack 
propagation into the thickness criteria (equation (22)) and 
ensure that this dimension is less than both the specimen 
thickness and the crack length. If this condition is fulfilled and 
the checks on the fatigue pre-cracking are satisfactory and the 
shape of the crack front meets the requirements of the standard 
then a valid K,. value has been obtained. If the test has proved to 
be invalid then the results should either be recorded as K_ or 
should be presented in terms of crack opening displacement. 
Consequently if any doubt exists regarding the possibility of 
obtaining valid fracture toughness results it is prudent to use a 
displacement measuring technique suitable for the calculation 
of COD. This would involve a form of clip gauge located 
between knife edges at the mouth of the notch. Suitable designs 
are shown in the standard. In view of the possibility of 
discovering after test that the results are invalid procedures have 
been developed for calculating pseudo-K,. values from K.*”. 
Standard specimens have been described in Section 2.4 but 
provided all interested parties are in agreement, BS 5447 does 


¢ 
} 


allow for the use of non-standard specimens. Calibrations for 
the stress intensity factors should be provided in such cases and 
duly referenced. Further, the range of validity of such tests 
should also be recorded. The standard, however, does insist 
that an appropriate procedure of determining the deviation 
from linearity in the load-displacement response is available 
and that the validity of the results can be determined in the same 
way as for standard test pieces. 

A similar procedure is contained in ASTM E399-72' 
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4.2 Crack Opening Displacement Testing 


The method of obtaining COD values is exactly the same as 
K,. testing although the compact tension specimen is not 
considered as a standard testpiece. Details of COD testing are 
contained in BS 5762. 

The pre-cracking process should ensure that the final stress 
intensity factor does not exceed o,B' and the crack length meets 
the conditions of BS 5447. 

During the fracture test the loading rate should be within the 
same loading limits as for K,, testing. The displacement at the 
surface of the notch is measured by clip gauges. This 
displacement is then used to derive the apparent COD using the 
geometric relation: 


5_-K'U-) , _0.4(W-a)V, 
20,E — 0.4W+0.6a+Z 


where V_ is the plastic component of the displacement. 
Z is the distance between the clip gauge and the surface 
of the specimen. 


BS 5762 also has a number of conditions for the shape of the 
crack which have to be adhered to before a valid test can be 
confirmed. These are largely to rule out results from severely 
bowed crack fronts and shear failure modes. Control of the 
crack front can be achieved by applying a compressive load, by 
means of platens, across the specimen thickness at the notch tip 
or by side grooving. The resultant compressive stress region 
restricts growth from the corners during fatigue cycling and 
leads to reasonably straight crack fronts. 

Since results of COD tests tend to be employed for 
elastic-plastic situations (i.e., not LEFM) a number of 
load-displacement responses are possible. These are illustrated 
in Fig. 27. Various methods are used for defining the COD 
depending upon which response is applicable. 

If slow crack growth is present then the standard allows the 
use of a multiple specimen procedure to determine the value of 
COD at the onset of crack growth. A number of specimens are 
tested for various values of COD. A plot is then generated of 
COD versus Aa. This can be extrapolated to Aa = 0 to obtain the 
COD at the start of crack growth, Fig. 28. 


4.3 Charpy Testing 


The Charpy test consists of measuring the required energy to 
break a notched specimen in one blow. The test details are 
standardised in BS 131:Part 2°” or the equivalent American 
standard ASTM E23-72”, 

The method is to strike a notched specimen, supported at 
both ends, with a pendulum. The standard specimen is shown in 
Fig. 29. However, if there is insufficient material from which to 
machine the standard specimen the standard allows for the use 
of smaller test pieces, the dimensions of which are also detailed. 
The notch has to be a 45° vee with a depth of 2 mm and a root 
radius of 0.25 mm. The root of the notch has to be smoothly 
blended with the sides of the vee. The striking energy of the 
pendulum is to lie between either 135J to 160J or 270J to 320J. 
At temperatures below 200°C (excepting ambient) the test 
pieces should be immersed in a temperature bath for at least 10 
minutes and tested within at least 6 seconds of removal from the 
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bath. Further those parts of the testing machine which come 
into contact with the test piece should also be at the required test 
temperature. 

In the report of the test, details to be provided are: striking 
energy, type of test piece, test temperature and the energy 
absorbed. If the test piece was not broken, and this is considered 
significant, then this should also be recorded. If the test piece 
absorbs the full energy of the machine without passing through 
the supports then the result is said to be indeterminate. 


4.4 Charpy—K,, Correlations 


The fracture toughness is usually more relevant than the 
Charpy properties of a material when assessing the integrity of 
a component. However, since Charpy testing is very much 
cheaper, a substantial amount of work has concentrated on 
trying to produce correlations with fracture toughness. This has 
resulted in a number of purely empirical equations each of 
which tend to be limited to a particular material. When the 
differences between the two tests are considered it becomes 
apparent that any future analytical correlation is highly 
unlikely. 

The two tests differ on some fundamental aspects; size, notch 
root radius, stress state, strain rate and the type of toughness 
measured. It would therefore be prudent to comment upon 
these differences before examining some proposed correlations. 

The fracture toughness specimen is either sufficiently large to 
produce plane strain conditions or is representative of the 
thickness of the component of interest. The Charpy specimen 
will usually be 10 mm thick or possibly less. The fracture 
toughness specimen will therefore generally test a larger sample 
of material and will tend to produce more representative results. 
This aspect becomes particularly important when small defects 
are expected within the test specimen, for example in welds. 

The fracture toughness specimen contains a sharp fatigue 
crack while the Charpy specimen has a V-notch with a root 
radius of 0.25 mm. The difference in root radii tends to modify 
the transition temperature. 

Since fracture toughness tests are generally carried out in 
plane strain, the state of triaxiality is relatively constant while 
the stress state in the Charpy specimen is dependent on 
temperature. Plane strain conditions are generally only possible 
in Charpy specimens tested at the lower shelf temperature.”” 

The toughness of most steels is sensitive to strain rate. It is 
therefore to be expected that results obtained from an impact 
test will differ from those obtained in a slow loading test. 

The Charpy test gives the amount of energy required to 
initiate a crack and drive it through the specimen until complete 
failure. Further, the amount of energy required to propagate 
the crack becomes a larger portion of the total as the upper shelf 
is approached. The fracture toughness test, by definition, is 
only a measure of the stress state ahead of the crack at the start 
of crack growth. It therefore makes no allowance for 
propagating the crack through the specimen. 

It is clear that the two tests have most in common at the lower 
shelf temperatures. This is where differences in stress state and 
type of ‘‘toughness’’ measured are minimised. Consequently 
most of the correlation attempts have concentrated in this area. 

Some examples of proposed correlations are summarised 
here while others have been collated by Pisarski*”. The units 
used in the original papers have been maintained. 

Marandet and Sanz*" studied a number of carbon- 
manganese and low alloy steels. They observed that the 
transition region started at constant values of K,. and C, in 
fracture toughness and Charpy tests respectively. These two 
values were 100 MPay/m and 28J. The temperatures in degrees 
Celsius corresponding to these values were found to be related 
by: 


(Temperature for K,. = 100MPa,/m) 


= 9+ 1.37 (Temperature for C, = 28J) (49) 
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The general shape of the two curves were found to be similar 
and were described by: 


K,.=19C,)' (50) 


Therefore the K,. curve can be constructed from Charpy data 
by equation (50) while the temperature shift is calculated from 
equation (49). However, equations (49) and (50) appear to be 
only valid for the range in temperature in which the Charpy tests 
show greater than 80% crystallinity, which implies lower shelf 
or lower transition region behaviour. This approach is the basis 
of the French standard relating to the selection of steels in order 
to prevent brittle fracture”. 

Barsom and Rolfe“) divided the transition curve for 
structural steels into two—the transition temperature and the 
upper shelf regions. The correlation proposed for the transition 
region was: 


(kK, y 1.5 
E (C) (51) 
where the units are: K,.—psi \/in 
E—psi 
C.—ft.lbf. 


For the upper shelf temperatures Barsom and Rolfe 


suggested: 
Ka\.4 és 
(=) -5(<:-0.05) (52) 
gy 9%, 


where 9g, is in ksi. It is claimed that equation (52) is applicable 
to steels with yield strengths up to 100 ksi (690 MPa). 

Ito et al proposed a Charpy—K,, correlation for results 
obtained in the fusion line of welded low alloy quenched and 
tempered steels. Since the plate thicknesses were insufficient to 
allow valid K,. results, K, was estimated by means of an 
empirical equation. The proposed K, —C, correlation was: 


K 2 
(iso) =2°(5) 
100 0, 


> 


(53) 


where the units are: K, —kgfmm* 
C,—kgfm 
o,—kgf/mm? 

Equation (53) was suggested to provide an adequate 
correlation for the fusion boundary in weldments as well as 
being able to predict the toughness of plate material. 

It should be emphasized that the correlations between 
fracture toughness and impact test values (generally K,— 
Charpy) are approximate. Their use is discouraged unless there 
is no suitable data available or where material is not available 
for conducting fracture toughness tests. 


4.5 Crack Length Measurement 


This section is intended to provide an outline of the crack 
length measuring techniques commonly employed in test and 
research laboratories. Non-destructive examination techniques 
used in the field are adequately covered elsewhere in the general 
literature and Porter has described the methods adopted within 
the Society”. 

The monitoring of crack length is most important in fatigue 
testing where the area of interest is the growing crack. In 
fracture tests the area of interest is the final crack size and this 
can be obtained after the specimen has broken. The techniques 
for monitoring a growing crack are not standardised. 


4.5.1 Visual Observations 

Visual techniques are the most commonly used method of 
monitoring crack lengths in test specimens. The technique is to 
polish the surface of the specimen, without which the crack 
would be invisible, and use a travelling microscope mounted on 
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a vernier scale or connected to a dial gauge. It is usually 
necessary to illuminate the specimen. A magnification of x 4 is 
normally sufficient for accurate measurement while the use of a 
stroboscope may be necessary for measurements to be taken 
while the test is in progress. The accuracy of this method is 
typically +0.05 mm for long cracks while cracks as small as 
0.2 mm may be detected. 

Should it be necessary to detect very short cracks it is unlikely 
that the above technique will prove successful. One optical 
technique which has been used for short cracks is cellulose 
acetate replicating tape. This method can detect cracks as small 
as 0.001 mm (de Lange’, Cameron”). 

The advantage of replication methods is that they form a 
permanent record of the crack’s progress which can subse- 
quently be studied in reverse sequence. Some expertise is 
required in knowing when to take a replica and how to apply the 
tape to the specimen. A strip of the tape (10 x 30 mm is sufficient 
for CT and bend specimens) is mounted on a glass slide. The test 
is stopped, specimen’s surface is cleaned and the tape is softened 
with acetone. The tape is then pressed onto the specimen’s 
surface and held until the acetone has evaporated. The tape is 
then removed and can be studied under an optical microscope. 
It is usual to work backwards through a series of replications 
from a long crack to a very short crack. 

Optical techniques have two major disadvantages. The first is 
that only visible surface details can be monitored. This is 
obviously particularly important if the defect is buried or if 
substantial bowing of the crack front takes place. The second is 
that the records are discontinuous and rely on the continuous 
presence of an operator to provide a regular flow of data. 


4.5.2 Thed.c. Potential Drop Method 

This method of measuring crack lengths has become 
commonplace over the last ten years. Being continuous and 
semi-automatic it enables long tests to be carried out without the 
full-time presence of an operator. The accuracy can also be 
good and may be better than the use of visual methods. 

The technique is to pass a large constant d.c. current through 
the specimen. As the crack grows the cross-section of the 
specimen reduces thereby increasing the electrical resistance of 
the specimen and resulting in an increase in the voltage drop 
between terminals placed across the crack to the crack length 
(see Fig. 30). Typical current requirements are 14 amps per 
5 mm thickness for steels and 70 amps per 5 mm thickness for 
aluminium (Jack and Yeldham"”). 

The successful application of the technique depends totally 
on being able to produce calibration curves to relate voltage 


Reference 
voltage 


Measurement { Input 


voltage 


Fig. 30 
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drop to crack length and this can prove difficult. For regular 
geometries such as CT and bend specimens the use of 
2-dimensional analogies has been proved satisfactory by 
Smith®”. However, if the geometry is more complicated the 
only method is to obtain a calibration curve by breaking open 
specimens which contain a range of crack lengths. These 
calibration curves are only accurate if the location of crack 
initiation and the subsequent shape of the crack are constant 
from specimen to specimen. Any variation in these two 
parameters will affect the potential drop. In this case the 
technique is best thought of as a measure of the amount of 
fatigue damage or as an indication of the average crack length. 
Problems may also occur if the crack closes thereby producing a 
short circuit. This is usually apparent from the voltage trace 
which would indicate a decrease in crack length. 

The specimen and all electrical equipment should be 
adequately protected from temperature effects. This usually 
involves shielding from draughts and direct sunlight. The 
system’s noise characteristics should be less than +0.1 «V and 
the drift should be less than 0.05 nV over the duration of the test 
(Knott). 

Where spot welded connections are used for joining electrical 
leads to specimens these can themselves form sites for crack 
initiation unless care is taken in procedure selection and 
positioning of leads. 

Since the d.c. potential drop technique provides a continuous 
record of the test it is very useful for testing large batches of 
specimens and for areas where visual techniques would not be 
appropriate, e.g. monitoring of through thickness defects at the 
roots of fillet welds. Areas where d.c. potential drop have not 
proved entirely satisfactory are when considerable plasticity is 
present or a corrosive atmosphere is involved. 


4.5.3 Other Techniques 

The other methods available for monitoring crack lengths in 
laboratory conditions include Back Face Strain (BFS), a.c. 
potential drop and, possibly, Acoustic Emission (AE). 

Back Face Strain measurement is really confined to CT and 
four point bend specimens. A strain gauge is placed on the face 
of the specimen towards which the crack is growing. On this 
face the strain distribution, at maximum load, is constant over 
about 80% of the specimen’s thickness. As the crack grows the 
compliance of the specimen changes thereby providing a 
relationship between the BFS and the crack length. This method 
is particularly useful when the strain is used to control the test. 
Here it is possible to produce a constant crack growth rate 
throughout the test. This is referred to as constant AK testing 
and is useful for studying phenomena such as crack growth 
thresholds, corrosion effects and crack closure. 

Thea.c. potential drop technique is very similar to that of the 
d.c. potential drop. Problems of stability however do not arise. 
The main difference is that the a.c. current travels round the 
surface of the specimen to a depth which is controlled by the 
frequency. This skin effect makes a.c. accurate for long cracks 
while cracks of length less than the skin depth may not even be 
detected. 

Acoustic Emission involves measuring the rate and level of 
noise emissions from a specimen which is under load. This 
technique, as yet, can only indicate levels of damage since it is 
difficult to relate the readings to a particular type of damage 
such as crack growth. Fatigue tests tend to be so noisy (extensive 
damage) that it has proved difficult to employ AE as a 
satisfactory crack length monitoring technique. 


5. SOME FURTHER TOPICS 


The basic theoretical methods discussed in Sections 2 and 3 
can often be used to solve real engineering problems, given a 
knowledge of the applied loading, crack geometry and material 


properties. In other cases it may be necessary to use more 
specialised methods of solution to model adequately the 
behaviour of a real structure in the presence of a crack. The 
fundamental assumption that the crack growth behaviour is 
dependent on the stress field at, or near, the crack tip remains, 
hence permitting material data from regular test specimens to 
be used in the analysis of complex structures. 

In this section some of the more commonly encountered 
applications concepts are discussed. It will be found later that 
some of these topics will form an important part of fracture 
mechanics assessment routes (see Section 7). 


5.1 Crack Arrest 


In the majority of engineering structures, integrity can be 
maintained by avoidance of fracture initiation. As long as the 
material employed has an adequate fracture toughness (K,,, J), 
or COD) flaws shorter than the critical length can be tolerated. 
It follows that this situation must be maintained over the 
operating life of the structure where crack growth may be 
involved. However, failures do occur due to the initiation and 
subsequent growth of cracks and it is then only possible to 
prevent catastrophic damage if the structure is able to arrest the 
running crack. The concepts of crack arrest have been used for 
many years in the design of ships and aircraft structures. There 
is, however, interest in other fields. For instance a leak in an 
LPG tank may be less damaging if the running crack is arrested 
and complete rupture of the shell is avoided. There is also 
concern about the possible length of cracks which can develop 
in long welded pipelines. Running brittle fractures of up to 
12,000 m in length have been recorded on gas pipelines. 

It has been shown that if the elastic energy release rate, G, is 
greater than some critical value then the crack will propagate. 
Under plane strain conditions at onset of crack instability the 
crack resistance, R, is equal to G,. (equation (8)). If, on 
extension of the crack, G remains greater than R_ the 
propagation will continue, with any surplus energy being 
converted into kinetic energy. 

The simplified case of constant stress where the elastic energy 
release rate is independent of crack velocity and R is constant 
(and equal to G,,) is illustrated in Fig. 31. In this example the 
quantity of kinetic energy available after a crack growth of Aais 
represented by the shaded area, the integration of (G — R) over 
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Aa. In many real materials, behaviour is strain rate dependent 
and, as the yield stress increases, at high strain rates so the 
fracture strain decreases. As a result more brittle behaviour 
occurs at high crack velocities and the value of R will therefore 
decay with crack growth. In practice the dependence of Gand R 
on the increment of crack growth is generally complex. 

If the assumptions made previously are amended so that the 
general applied stress decreases with crack extension, as is the 
case in many applications where the surrounding structure 
effectively constrains the material of interest, then it follows 
that G varies with the square of stress and crack length. 

For a given crack length, a,, there is a corresponding critical 
applied stress, o., which satisfies equation (8): 


G, S20 So 
‘ E 


at the onset of fracture instability. As the crack propagates the 
applied stress falls and the value of the elastic energy release 
rate, G, may be of the form indicated in Fig. 32. At some length 
(a, + Aa,), the value of G is again equal to the crack resistance R 
but a quantity of kinetic energy has been supplied. In order to 
arrest the crack this kinetic energy must be absorbed and the 
crack continues to propagate for a further length, Aa,, with 
G<R until the net area representing the kinetic energy becomes 
equal to zero. 
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In a similar way a running crack may be arrested by an 
increase in crack resistance as the crack extends, as shown in 
Fig. 33. This may occur as a result of the plastic zone at the crack 
tip increasing as the crack extends until it is of the same order as 
the plate thickness. A state of plane stress develops with the 
corresponding increase of the critical elastic energy release rate. 
The effect is more pronounced if there is a simultaneous 
reduction of G with crack propagation. In both cases the 
principle of arresting the crack by recovery of the kinetic energy 
supplied to the crack remains. 

A particular case of crack arrest by increasing the crack 
resistance is the use of strips of higher toughness material in 
selected locations. For clarity the case of plane strain, constant 
stress and constant R is used to illustrate this practice. A strip of 
higher toughness material with a critical elastic energy release 
rate equal to G,._ is inserted, as shown in Fig. 34. At a certain 
level of stress a crack of length a, becomes unstable and kinetic 
energy is supplied to the crack. When the crack enters the insert 
the elastic energy release rate, G, is less than the local crack 
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resistance and energy is absorbed from the crack. When the 
kinetic energy of the crack is reduced to zero then arrest occurs 
within the insert. 

However if a shorter crack of length a, becomes unstable 
when subjected to a higher level of applied stress then the crack 
enters the insert with a quantity of kinetic energy that cannot be 
reduced to zero and hence the crack does not arrest. An even 
shorter crack of length a, will only become unstable at a higher 
state of stress and on meeting the insert the elastic energy release 
rate after a growth of Aa is already greater than G,.’ and arrest 
cannot occur. 

Crack arrest is an interesting concept but it is often difficult to 
introduce into structures with confidence. However, research 
work has led to the development of wide plate tests by 
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(40) , 


Robertson” and others with the specific intention of ascertain- 
ing at what operating conditions a running crack will arrest. An 
empirical approach by Pellini and his associates” based on 
dynamic tests of small specimens is described later. More 
recently work has been concentrated on crack growth in welded 
pressure pipes, principally at Batelle, leading to proposals for 
limiting brittle propagation. 


5.2 Leak Before Break 


If it can be demonstrated that, due to the behaviour of the 
structure in the presence of a running crack, arrest would occur 
then to all intents the structure can be considered to be of a 
fail-safe design. In pressure vessels it is often difficult, if not 
impossible, to demonstrate that a crack would arrest. Although 
the design philosophy may be based on avoidance of initiation 
of fast fracture it is prudent to conduct a fracture assessment on 
the assumption that, despite the safeguards, a crack could exist. 
Since crack arrest concepts may not be suitable some other 
approach to fail-safety is required. 

One such concept is that generally referred to as ‘‘leak- 
before-break’’. In essence this can be considered as a 
demonstration that before a crack reaches critical dimensions, 
required for fracture, it will penetrate the shell thickness and, 
hence, the vessel will leak. It is then assumed that the leak will be 
detected by some means before the crack grows further and 
catastrophic failure ensues. So the shell must be capable of 
containing a stable through thickness defect. Since it is 
reasonable to assume that a pressure vessel will not enter service 
containing a through thickness crack, as it is unlikely to satisfy 
the required pressure test, it becomes necessary to demonstrate 
that a sub-critical defect can grow by fatigue, stress corrosion or 
fracture to a stable through thickness defect. The following 
illustration considers the propagation of a semi-elliptical 
surface flaw to form a through thickness defect and shows the 
requirements for satisfying a leak-before-break condition, 
indicated diagrammatically in Fig. 35. 


Fig. 35 


It is assumed, for generality, that the fracture toughness in 
the through thickness direction is (K,.), and in the meridional 
direction is (K,.),,- 

The general hoop stress in a cylindrical shell, ¢,,, is equal to 


. Taking account of the effect of the internal pressure acting 
on the crack surfaces the stress to which the crack is subjected is: 


a= p 


For a semi-elliptical crack: 


K, = 1.12M,°¥ (54) 


where 1.12 and M,“” are the rear and front free surface 
correction factors and ® is an elliptical integral of the second 
kind (see Appendix II). 

At fracture, equation (54) becomes: 


(K,,), = 1.12M,PN 24 (*) (55) 
p t 
If (:) is small then, using the series expansion: 
c 

T a’ 

Saal 3+-— 
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and combining equations (55) and (56): 
(K,),=1.12M,p a(t) (—) (57) 
Loe (3c° + a°) 


Once a through thickness defect has been formed then 
unstable propagation will occur when: 


oe 
(K\, are xc-M, 


where M,, the Folias correlation for bulging”, is: 


M, = (141.612) 
rt 


(K,.), =P fae(1 A 1.61%.) , 
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By rearranging equations (57) and (58): 
p= hieh z() € + =") 
1.12M, a\r+t 8c? 


p'=({K, \nt=(1+ 1.61%) 
: rt 
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For a defect to propagate through the thickness but not to 
cause catastrophic failure it follows that: 


and, hence: 


(58) 


and 


p'>p 
and, hence: 
(K,.) 
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If r>>t and a, and the through thickness and meridional 
properties do not significantly differ the condition for leak- 
before-break becomes: 


T (= + “) (<) 
1>———_ -[- 
8.96M,\ a 
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It is, therefore, possible to demonstrate rigorously that a 
postulated flaw would lead to an identifiable leak before a major 
rupture would result. It has, however, been found that in many 
cases designers consider it adequate to demonstrate that long 
through thickness defects can exist without rupture without a 
detailed consideration of the mechanisms involved in attaining 
this situation. A good discussion of the limitations and benefits 
of leak-before-break considerations is given by Darlaston and 
Harrison. 


5.3 Mixed Mode Loading 


It is apparent that the majority of principles described so far 
relate to Mode I loading but can be extended to the three basic 
modes of loading, individually. Often the stresses in complex 
structures can be reduced to a form that enables a fracture 
mechanics assessment based on a single mode to be conducted. 
This is particularly true where the expected defect plane, 
perhaps in a fusion weld, is perpendicular to the dominant 
tensile stress field. Methods exist for resolving defects if this is 
not the case. 

However, in many cases two or more modes exist con- 
currently. In the worst case this multi-mode loading is 
non-proportional and of variable amplitude (in a fatigue case). 
As an example consider a small circumferential surface crack in 
a rotating shaft. This is clearly subjected to cyclic bending and 
direct shear (ignoring torsional stress variation) giving rise to 
Mode I and Mode III loading (see Fig. 36). Superimposed is the 
effect on mean stress levels of an applied torque, which tends to 
reduce crack growth rates. Under this form of mixed loading it 
is unlikely that the crack would propagate in its original plane 
but would turn and grow in a plane normal to the major 
principal stress. The crack propagates in a plane which 
maximises the energy release rate, G, and this is equivalent to 
the maximum principal stress approach proposed by Erdogan 
and Sih". Some doubt exists when the direction of the major 
principal stress changes over the loading cycle. It is generally 
attempted to calculate an equivalent value for Mode I loading 
and to apply the normal Paris-Erdogan growth law and data for 
Mode I behaviour. 


Fig. 36 


5.4 Plastic Collapse 


In many cases, particularly when high toughness materials 
are used in relatively thin sections, failure results from gross 
section plasticity in the presence of a crack. The crack may 
remain stable when the stress level in the uncracked ligament 
reaches that which causes collapse. Limit load analysis forms an 
important part of the CEGB two-criteria approach to defect 
assessment discussed later’. 

It is usual to consider only the loads that would result in net 
section yield in the presence of the crack. Consequently 
secondary, self-equilibrating stresses are ignored. In most cases 
the formation of asingle plastic section within a structure would 
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be insufficient to convert the structure to a mechanism, which 
would be required for plastic collapse. This approach leads toa 
conservative lower bound solution, noting that in a redundant 
structure, failure may result from yielding associated with a 
defect without a mechanism being created. 

It is possible, although usually expensive, to conduct a three 
dimensional elastic-plastic finite element analysis of the cracked 
geometry of interest to determine the corresponding limit load. 
Alternatively a suitable physical modelling method may be 
used. However, it is usually sufficient to make use of slip-line 
field theory or an established collapse load relationship, 
together with a value of the flow stress, o, that represents the 
elastic-plastic behaviour of the material. It is particularly 
important that the assessment method for assessing the plastic 
collapse load for defects in pressure vessels and other structures 
subjected to complex loading should be truely representative 
and include any effects such as load redistribution. 


5.5. Residual Stresses 


There are well proven methods, both analytical and numeri- 
cal, for establishing the stress levels in a structure subjected toa 
given loading. The question of uncertainty in the values used in 
fracture mechanics assessments is discussed later. However, 
there are many examples where failures have resulted directly 
from the effects of unrelieved residual stresses, even where some 
form of heat treatment has been conducted. 

In weldments it is generally recommended that, in the absence 
of post weld heat treatment, the residual stresses are taken to be 
tensile and equal to the material yield stress. In structures that 
have been subjected to post weld heat treatment it is usual to 
assume that some residual stress will remain. In general this 
residual stress will have a magnitude lower than the yield stress 
of the material at normal temperature, but the precise value is 
difficult to establish. It is desirable to use a realistic distribution 
throughout the section if reasonable results are to be obtained. 
In non-welded structures it is also necessary to take account of 
residual stresses caused by forming processes and machining 
operations. Additionally, some residual stress techniques are 
used for enhancing the life of structures, notably shot peening. 
In each case it is necessary to consider the process used. 
Grinding operations tend to produce tensile surface stresses in 
soft steels and the opposite in harder steels“, although the 
sub-surface effect is similar (Fig. 37). 

Machining using high speed steel tools produces a different 
residual stress pattern to cutting using carbide tipped tools. The 
stress gradient for a carburised and hardened gear tooth” is 
shown in Fig. 38. It is immediately apparent that the variation 
of residual stress with depth is not a simple relationship. 

When conducting a fracture assessment it is often the practice 
to adopt a conservative position and, hence, to assume that the 
maximum expected residual tensile stress acts throughout the 
material. In cases where the stress gradient is steep and when a 
crack would grow rapidly into an area of lower total stress this 
approach can lead to extreme pessimism. The question of stress 
gradients and their treatment, discussed by Kamath’, applies 
equally to thermal stresses. 

Although it can be demonstrated that a conservative 
approach to fracture assessment results from assuming a 
constant through thickness residual stress it is less clear when 
dealing with fatigue evaluations. As has already been stated the 
crack growth rate is dependent on the ratio of minimum stress to 
maximum stress. The mean stress level is amended by the 
residual stress pattern. Although it has been demonstrated that 
cracks do not grow under a compressive stress field there have 
been cases where cracks have propagated under cyclic com- 
pressive loading. For example repaired welds in submarine 
pressure hulls have developed major cracks due to the presence 
of residual stresses. 
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It is emphasised that residual stresses should be considered in 
most defect assessments, even where weldments are not 
involved. In each case the corresponding total stress situation 
should be evaluated. 


5.6 Weldments 


The majority of welding processes are susceptible to the 
formation of defects and a corresponding interest lies in the 
analysis of the results using fracture mechanics methods. The 


basic approach to assessment does not differ from that 
described. However, particular attention should be paid to the 
defect orientation, the material properties and the effects of the 
process. 

Knowledge of the welding process and the material can be 
used to give a reasonable prediction of likely defects and their 
position and orientation. Precise details can only be obtained by 
careful inspection of the fabrication but in many cases crack 
tolerance estimates are made before construction. 

The material properties of a weldment depend on many 
factors and it is important that the data used in an assessment is 
relevant. Any tests must be conducted on fully representative 
samples, which have been subjected to the full process, 
including any heat treatment. The toughness values used should 
relate to the defect location in weld metal, heat affected zone, 
thermally affected zone or parent plate. The typical variation 
through a GTA weld in 18% Ni maraging steel is shown in 
Fig. 39, In general when considering fatigue crack growth it is 
permissible to use generic material data from published sources, 
since specifically related testing is not usually justifiable. 


Thermally affected zone 


Heat affected zone 


Parallel to 
rolling direction 


Perpendicular to 
rolling direction 


Fig. 39 


It is recommended that wherever possible any fracture 
toughness values obtained by tests on particular specimens 
should be compared with similar results on similar materials. 
Although several assessment routes permit the use of the lowest 
value obtained from, say, three test specimens it is reassuring to 
check that the value so obtained is reasonably conservative. In 
the absence of test specimens it may be necessary to resort to 
generic data or to Charpy correlations. In these cases it is 
necessary to use extreme caution. 


5.7 Flaw Idealisation 


The geometric relationships for calculating the stress inten- 
sity factors required for fracture mechanics assessments are 
based on idealised shapes, predominantly ellipses. When 
analysing the significance of a hypothetical defect this does not 
present a problem, since an accurate shape model is not required 
as a real, physical situation is not being investigated. However, 
where real flaws are being analysed the shape is known, within 
the accuracy limitations of the examination technique used, and 
it will not usually be a simple, regular form. The various defect 
assessment routes (see Section 7) contain methods for envelop- 
ing single and interacting multiple defects in order to establish 
an idealised flaw for analysis purposes. The approach frequent- 
ly adopted is to derive an equivalent crack size for a through 


thickness defect using linear elastic solutions taking account of 
actual dimensions, orientation, position, mutual interference 
and free surface effects. The equivalent size is then used in a 
conventional fracture mechanics relationship. 

Although there are detail differences between the methods 
adopted in the various assessment routes the following 
description, based on BS PD6493, is typical of flaw 
idealisation techniques. The notation used in this outline is that 
employed in BS PD6493, as indicated on the associated figures. 
The following examples illustrate the idealisation procedure, 
full details being available in the appropriate document. 

For isolated defects a rectangle is drawn with sides parallel 
and perpendicular to the free surfaces to enclose the flaw, as 
shown in Fig. 40. This rectangle then defines the values of t, I 
and p. 


Fig. 40 


The approach for multiple adjacent defects is illustrated in 
Fig. 41. Other relationships are available for combinations of 
surface and embedded defects and for non-co-planar combina- 
tions. Defects are considered to interact where the effect of one 
defect is to raise the stress intensity at the crack tip of a second 
defect by 20%. If the assessment criteria for interaction are 
satisfied then the rectangle enclosing the combined defects is 
used to define the equivalent flaw. 

For the cases illustrated by Fig. 41(a) and Fig. 41(b)(i), 
interaction is assumed where 


i) 


Once the bounding rectangle for the flaw or flaws has been 
defined the analysis follows on the basis of an elliptical defect 
inscribed in the rectangle with major and minor axes equal to 


o 


J 


{a) Coplanar surface defects 


(b) 


Coplanar embedded defects 


Fig. 41 


the sides of the rectangle. This may be conducted by using 
fracture mechanics relationships for elliptical defects or may 
rely on deriving a single parameter, a, to represent the defect. If 
ais the half crack length of a through-thickness flaw then, using 
the relationships of BS PD6493, it can be shown that the 
following defects (indicated in Fig. 42) are equivalent fora plate 
100 mm thick, to a 20 mm through thickness crack: 


(i) Surface defect t— 7-2 ine 00 
(ii) Elliptical surface defect t=10.8mm |1=45 mm 
(iii) Semi-circular surface defect t=22mm 1=44 mm 
(iv) Centreline embedded defect t=19mm_  |=ce 
(v) Centreline embedded 
elliptical defect t=25.5mm |1=63.8 mm 
(vi) Centreline embedded circular 
defect t=5S0mm 1=50mm 
(vii) Embedded defect, p=10 mm t=15.1 mm |= 00 
(vill) Embedded circular defect, 


p=10mm t=45.5mm 1=45.5 mm 


In practice embedded defects approaching within about 15% 
of the thickness of either surface should, normally, be 
recategorised as surface defects since, in general, the stresses in 
the smaller ligament will lead to net section yielding. Similarly 
defects affecting more than 70% of the thickness will normally 
be considered as through-thickness effects. The recategorisa- 
tion rules of BS PD6493 should be used in such cases. 

It should be observed from Fig. 42 that long embedded 
defects are equivalent to large (in terms of transverse width) 
through-thickness cracks. These long defects are frequently 
found in the form of continuous lack of penetration or lack of 
fusion defects in welds. 

Further idealisation may be required where a defect lies in a 
plane which is not perpendicular to the maximum principal 
stress. 

The flaw idealisation assumptions are intended to give a 
conservative model of a real defect. Most assume that it is 
reasonable to use linear elastic relationships for Mode I loading 
for post yield analysis and, sometimes, for other modes. 

When conducting an analysis where there is no knowledge of 
flaw topography the idealisation depends only on the assumed 
location and type of defect and some criteria, such as rejection 
size for non-destructive examination. 
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Fig. 42 


6. DEFECT ACCEPTANCE LEVELS 

The majority of recognised Codes and Standards include 
some requirements for determining whether the fabrication 
work is of an acceptable quality. In many cases, where total 
inspection of the finished product is either too large a task or not 
economically justifiable, quality is controlled by ensuring that 
the procedure used in fabrication gives satisfactory results and, 
by partial inspection, that this methodology is followed in 
practice. In other cases it is considered necessary to specify total 
inspection to ensure safety. The Codes and Standards tend to 
represent “‘best quality fabrication practice’’, rather than a 
rational statement of the requirement for integrity. In many 
tolerances for misalignment at joints and_ similar 
deviations can be shown to reflect the ease of achievement of 
design shape rather than the effect of mis-shape on the stress 
levels. 

Although some Codes and Standards recognise the use of 
fracture mechanics methods in estimating tolerable defect sizes 
most rely on the specification of acceptance levels based on good 


cases 


fabrication practice. The use of fracture mechanics assessment 
techniques implies that the stresses in the fabrication are known 
with reasonable accuracy and that the probability of detecting 
any defects of near-critical size is high. Where partial inspection 
is invoked it is illogical to attribute defect acceptance levels at 
which repair is instituted unless exceedence of these levels also 
requires full inspection. Hence, this discussion and much of the 
following sections will relate mainly to high quality pressure 
vessels and other fabrication which are subjected to 100% 
inspection. 

Most recognised Pressure Vessel Codes cite defect acceptance 
levels which have their origins in the ASME Boiler and Pressure 
Vessel Codes. These were originally based on the use of 
radiography as the primary non-destructive examination 
technique. Volumetric defects, which can act as stress con- 
centrators and aid crack initiation, are easily detectable and are 
subjected to closely defined limits. The limits generally reflect 
attainable fabrication standards and such considerations as 
obscuration. Planar defects and cracks, which form a direct 
hazard to the structure, are not easily detected by radiography, 
cannot be measured and are simply not permitted. The 
philosophy is illustrated by the requirements of BS 5500, the 
U.K. Unfired Pressure Vessel Code™, in Table 3. 

Harrison®'* has demonstrated that the limits on slag 
inclusions and porosity are unnecessarily onerous, when 
considering the direct effect of such defects on weld strength. 
Consequently the limits of BS 5500 have been relaxed when 
compared with other Codes; the limits of BS 1515°" are 
included in Table 3 for comparison. The fracture mechanics 
assessment route BS PD6493 incorporates limits on porosity 
and slag inclusions for fracture and fatigue analyses, which are 
also shown in Table 3. 


The development of non-destructive examination tech- 
niques, particularly ultrasonic methods, has resulted in the 
more reliable detection of crack like defects and in the ability to 
size them. A ‘‘nocracks’’ restriction is clearly unsatisfactory. In 
practice the Codes do not expect small cracks to be found (based 
on radiographic methods) and unnecessary repairs may be 
required where cracks are identified. BS 5500 permits the use of 
fracture mechanics to determine allowable defect sizes where 
agreed by all parties. It is expected that other Codes will follow 
this route in due course. For information the limits of surface 
crack detectability are given in Table 4. For further guidance on 


detectability see Porter”. 


Table 4 Limits for Surface Crack Detectability 


Crack | Crack 


NDT technique width, | length, Restriction 


Visual 
Liquid penetrant 


Magnetic particle For ferro-magnetic 
materials 

Eddy current 

Potential drop 

Ultrasonic 


Radiography Aligned to the beam 


From Forsten, J. and Sillanpaa, J., ‘‘Reliability of Manual 
NDT Inspections’’, Nuc. Europe, 11/1984. 


Table 3 Defect Acceptance Levels 


Defect BS 5500:1980 


Pianar Derects 

(a) Cracks 

(b) Lack of penetration 
(c) Lack of fusion 


~Not permitted 
(d) Lamellar tears | 


Cavities 

@ <0.2Se and 
@=3mm for e<50 mm 
@=4 mm for 
@=5mm for 75<e 

2% by area fore< 50mm 
pro rata above 

As 2(a) 

1<6mm, w< 1.5mm 

As 2(a) 

As 2(a) 

| Not permitted 


(a) Isolated pores 


(b) Distributed localised porosity 


(c) Linear porosity 
(d) Isolated wormholes 


(e) Aligned wormholes 
(f) Crater pipes 
(g) Surface cavities 


Soup INcLusions 


(a) Slag, individual, parallel to weld axis, I=e< 100mm 
main butt welds worh=0.le<¢4mm 

(b) Slag, individual, parallel to weld axis, | Inner half of cross-section 
attachment and nozzle welds w or h=0.125e 

1=0.125¢ 


w or h=0.125e 
1=0.125c 

As 2(a) 

As 2(b) 

As 2(a) 

As 2(b) 

Not permitted 


(c) Random individual, slag 
(d) Non-linear group, slag 
(ce) Isolated, tungsten 

(f) Grouped, tungsten 

(g) Copper 


50<e<75 mm 


Outer quarters of cross-section 


BS 1515 BS PD6493 


Not permitted 


> <0.25e or 6mm 


1% by area per 25 mm wall 5% by area* 


thickness 


| Any elongated slag inclusion 
with l> 

6mm: e< 18.5 mm 

8.5 mm: 18.5<e< 56mm 

18.5 mm: e> 56mm 

Any group of slag inclusions 
having a length e in 12e 


No limit on length* 


Maximum height 
<3mm 


*Note: For fatigue analysis BS PD6493 cites other limits depending on weld quality. For instance, for butt welds the limit on porosity is 3% and on slag inclusions (for 97.5% 
probability of survival) the maximum length permitted is 2.5 mm in as-welded condition and 19 mm in stress relieved condition 


) 
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is DEFECT ASSESSMENT ROUTES 


With few exceptions, existing Codes and Standards do not 
include explicit defect assessment methods. In general the 
structures considered are assumed to be defect free. Fatigue life 
is considered by using S-N curves derived from small scale 
specimen testing. Even when welded structures are involved 
parent material fatigue data is often used, with empirical values 
of fatigue strength reduction factors to account for geometric 
and metallurgical effects. 

The approaches adopted to guard against brittle fracture 
predominantly aim to ensure that operation does not occur ina 
regime that would result in lower shelf behaviour. Early 
considerations centred on transition temperatures and mini- 
mum impact energies. This resulted in specifying minimum 
design temperatures for particular grades and thicknesses of 
material, an approach still encountered. Later developments, 
notably by Wells and Pellini*”, considered the toughness 
requirements for satisfactory behaviour in the presence of small 
notches. The correlation of Charpy impact values with the 
material qualities found necessary in Wells’ Wide Plate Tests 
was used as the basis of U.K. Pressure Vessel Codes, initially in 
the 1972 amendment to BS 1515. The Pellini work leads to the 
generalised fracture analysis diagram, shown in Fig. 43, which 
defines various conditions, particularly the non-propagating 
regions (equivalent to Robertson’s Crack Arrest Temperature 
(CAT) curve)”. Initiation curves are drawn for a spectrum of 
crack sizes. 
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10) NDT NDT + 60°F NDT + 120°F 


Temperature 


Fig. 43 


The approach of Wells is based on defining operating 
temperatures for material grades and thicknesses (for carbon 
and carbon-manganese steels) at which a small through 
thickness defect which has been subjected to strain age 
embrittlement in a sub-critical heat affected zone will not 
initiate fast fracture. The strategy adopted in the U.S.A. is 
based on defining the transition curve by drop weight testing 
and all points are related to the nil ductility transition 
temperature. The intention is to prevent crack propagation 
rather than to avoid initiation. However, neither of these 
methods corresponds to a defect assessment route that can 
readily be applied in analysing ‘‘fitness for purpose’’ in the 
presence of flaws. 

The following sub-sections describe some of the more 
common fracture mechanics analysis routes that have been 
published in a codified format. The background is related 
together with the theoretical basis and some points of interest. 
In the space available these methods can only be summarised 
and no attempt should be made to conduct an assessment 
without reference to the original source document. 
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7.1 ASME Boiler and Pressure Vessel Code Section III 
eles 


Prior to the inclusion of a fracture mechanics assessment 
procedure for protection against non-ductile failure ASME 
Section II] included toughness requirements implicitly based on 
the procedures of Pellini. A Task Group was established by the 
Pressure Vessels Research Committee in January, 1971, to 
prepare recommendations for the fracture toughness require- 
ments of nuclear components. 

The recommendations were published in August, 1972 and 
formed the basis of the approach included in ASME Section III 
by the Summer 1972 Addenda. Although in Code terms 
Appendix G°° is a non-mandatory part the assessment in 
accordance with this appendix is made mandatory by the U.S. 
Nuclear Regulatory Commission under 1OCFRSO. 

it should be remembered that ASME Section III is a Code 
with design, fabrication and inspection requirements, including 
rigid defect acceptance rules. Appendix G is not intended to be 
used for consideration of defects found by inspection but is used 
to demonstrate defect tolerance and give confidence in the 
component even if significant flaws are present but not 
identified. 


Background 


7.1.2 Approach 

The procedure described in Appendix G includes expressions 
for the calculation of stress intensity factors, a reference curve 
for the fracture toughness (of ferritic materials used in nuclear 
pressure vessel fabrication) and defect assumptions. The 
methodology is based on linear elastic fracture mechanics 
(LEFM). In every case it is necessary to justify that the stress 
intensity factor, K,, calculated for the postulated defect does 
not exceed the reference fracture toughness, K,,. 

The postulated defect is a sharp surface flaw lying in a plane 
normal to the maximum stress. The defect is assumed to be of 
semi-elliptic form with its length equal to six times its depth. For 
material thicknesses between 100 mm and 300 mm it is suggested 
that non-destructive examination methods (as required by the 
Code) are dependent on thickness. The depth of the postulated 
flaw as a function of thickness is shown in Fig. 44. A smaller 
defect size may be used if it is demonstrated that the NDE 
procedures adopted (as opposed to the standard procedure) give 
a similar level of assurance (compared with the standard 
assumption) and, hence, the assumption is no less conservative. 

Only Level A and Level B service limits are assessed, referring 
to normal and upset conditions. The stress intensity factor at the 
tip of the postulated defect is determined for pressure and 
temperature using established procedures. For conservatism 
the values of K, produced by primary stresses are doubled. Due 
to the self limiting nature of secondary stress, the factors 
derived due to thermal effects and discontinuity effects are not 
increased. 
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Fig. 44 


The value derived for K, is then compared with the reference 
critical stress intensity factor at the appropriate temperature, 
Fig. 45. This curve is derived for SA-533B-1 and SA-508-1, -2 
and -3 steels with specified minimum yield strength at room 
temperature not greater than 345MPa. Fracture toughness 
properties are dependent on temperature and the load applica- 
tion rate. Ferritic steels exhibit a sharp increase in fracture 
toughness over a small temperature range, and this temperature 
range can be related to the nil-ductility transition temperature 
(Typ) determined by impact testing. The K,, curve is a lower 
bound curve for the three parameters K,, (static initiation 
fracture toughness), K,, (dynamic initiation fracture toughness) 
and K,, (crack arrest fracture toughness) for the materials of 
interest. In any particular case the value of RT,,,,, (the reference 
nil-density transition temperature) is confirmed by Charpy 
testing. 

The assessment route is very pessimistic but is self-contained 
and straightforward to use. By using a probabilistic approach 
Jouris®” has shown that the probability of failure during the 
lifetime of a nuclear vessel due to various transients is of the 
order of 10°’, although most transients yield values of the order 
ofl0;" to10"7, 


Kg = 29.43 + 1.344expl0.0261(T-RT yo; + 89)] 


Kip MPa\/m 


—120 -60 oO 60 120 


Temperature relative to RT,,.; 
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7.2 ASME Boiler and Pressure Vessels Code Section XI 


7.2.1 Background 

Whereas Section III is concerned with design and construc- 
tion of nuclear components, Section XI*) is related to 
pre-service and in-service inspection. The basis of inspection is 
at variance since before operation free access is available 
whereas once commissioned access is limited due to radiation 
considerations. Ultrasonic examination is the required 
approach. 

Following on from the PVRC recommendations on fracture 
toughness requirements, working groups were appointed to 
establish standards for flaw evaluation and flaw acceptance. 
The proposals put forward in July, 1973 were adopted and 
issued in the 1974 edition of Section XI as Appendix A— 
“*Analysis of Flaw Indications’’. No subsequent major revision 
has been made although the scope of Section XI has been 
extended to cover gas cooled and liquid metal cooled plants in 
addition to light water reactors. 

The aim of the Section XI Appendix A evaluation route is to 
permit further service following identification of a flaw by 
in-service inspection. 


7.2.3. Approach 

The basic methodology adopted by Section XI, Appendix A, 
is similar to that used in Section IIl, Appendix G, being based 
on linear elastic fracture mechanics. The procedure is restricted 
(principally by the generalised materials data) to ferritic 
materials of greater thickness than 100 mm with a specified 
minimum yield strength at room temperature not exceeding 345 
MPa. The evaluation procedure for defects found by in-service 
inspection is indicated in Fig. 46. The following discussion is 
related to Class | components although similar procedures are 
followed for other items. 
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configuration 


Compare with 
acceptance criteria 
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for analysis 
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Fig. 46 


Accept without 
further assessment 


Determine stress 
levels 


Determine material 
properties 


Accept for 
further service 


Each indication is considered to be a defect. The indication is 
characterised (in a similar manner to that described in Section 
5.7) as an equivalent semi-elliptic or elliptic flaw. Adjacency 
criteria are used to recategorise co-planar multiple flaws and 
consideration is given to recategorisation of sub-surface flaws 
as surface flaws. These recategorisation procedures are in- 
tended to restrict the potential of a flaw becoming larger due to 
the free surface or adjacent defect influences, leading to an 
undue elevation in K,. The criterion is that the flaw is 
recategorised where the consequent elevation of K, is greater 
than 5%”. 

The characterised flaw is then compared with established 
limits, which if not exceeded permit acceptance without 
evaluation. These standards are based on the premise of a 
reference flaw one-tenth of the size of that assumed in Section 
Ill, Appendix G. The geometries permitted are derived so that 
the relevant stress intensity factor is equal to that for the 
reference flaw. The factor of 10 on defect size implies a safety 
factor of 10 on K, and, hence, is similar to the safety factor of 
3.0 between design pressure and burst pressure adopted in Code 
design rules. 

If these conservative standards are exceeded then an 
evaluation in accordance with Appendix A is required. 


7.2.3 Evaluation Method 

All flaws are treated as cracks (planar defects) including those 
identified as or suspected of being porosity and slag. The 
characterised defect is considered in its actual location based on 
the stress levels determined for that position in the structure. 
The total stress environment is used including contributions 
from residual and discontinuity effects. The total stress is 
converted into membrane and bending components by lineariz- 
ing across the defect as shown in Fig. 47. The stress intensity 
factor for the flaw is then calculated by using the equation: 


K, -4/2. (o.M, +0,M, ) 


where Q is a flaw shape parameter combining the flaw aspect 
ratio and crack tip plasticity effects and M, and M, are 
membrane and bending stress factors taking into account finite 
thickness effects and flaw location. The maximum value of K, is 
used. The curves for Q, M, and M, were derived in the early 
1960s and could well be superseded by later work but are 
conservative. Alternative methods for estimating K, may be 
used (such as those by Newman and Raju, see Appendix II). 
The fracture toughness data included in the procedure relates 
to SA-533B-1 and SA-508-2 and -3 steels and is presented in a 
similar format to that in Section III, Appendix G. The curves 
are reproduced in Fig. 48. The curve designated K,, is a lower 
bound of dynamic test data (K,, and K,,) and is identical to the 
K,, curve, Fig. 45. The K,. curve is a lower bound of static 
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initiation data. Both are derived from the Task Group 
recommendations published as WRC Bulletin 175°”. Although 
not shown in the Code figure, an upper shelf toughness limit of 
220 MPa,/m is generally adopted. 

Crack growth data is provided for air (sub-surface flaws) and 
water (surface flaws) environments. The latter is specialised for 
use in the analysis of flaws in light water reactors but the former 
is often used in other applications. The air law can be expressed 
as: 


a = 4.77 x 10°'°AK?*6 mm/cycle 


where AK is in MPay/m. 

For normal operational conditions the maximum potential 
crack growth is calculated based on the idealisation of the flaw 
under investigation. Taking account of the predicted transient 
behaviour of the plant an expected end of life flaw size (depth) a, 
is determined. This is then considered against criteria for 
normal and abnormal conditions. 


7.2.4 Evaluation Criteria 

The minimum size of critical flaw for any normal transient, of 
a similar shape to the defect under consideration, is determined 
using the K,, curve, termed a.. If a, is less than 0.1a_ then the 
defect is acceptable for normal conditions. 

Using the same defect form but stress and temperature levels 
relating to emergency and faulted conditions the minimum 
critical crack size, a,, that would initiate a non-arresting fracture 
is calculated. This is a time consuming assessment for severe 
transients since the calculation must be repeated for several 
timescales into the excursion. If a, is less than one half of a, and 
is acceptable for normal operation then the flaw does not impair 
further operation. 

The use of K,, to determine crack initiation in a static 
structure is conservative. The principles used as the basis of 
crack arrest calculations remain substantially unconfirmed. 


7.2.5 Application 

Although intended for limited application the ASME Section 
XI route for defect assessment is often used out of context. It is 
a self-contained method and is relatively easy to use. It is 
conservative and is directly related to the results of inspection. 
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However, in many respects the LEFM approach, apart from 
thick sections, is not ideal and with the introduction of other 
assessment routes, unless it is revised to consider general 
yielding, its use is not likely to be widespread outside the nuclear 
industry. 


7.3 International Institute of Welding Document 
11W-471-74 


7.3.1 Background 

In 1970 Commission X of the International Institute of 
Welding set up a Study Group to consider assessment methods 
for flaws in welded structure. Only brittle fracture was 
considered. The proposed method was published in 1975. 


7.3.2 Approach 

The document describes an embyro version of the approach 
developed at the Welding Institute. It is essentially similar to the 
brittle fracture element of BS PD6493. It makes use of similar 
defect characterisation methods, and permits calculation of 
tolerable (not critical) flaw dimensions, based on K,. values or a 
COD design curve. 

The International Institute of Welding proposals have to all 
intents been superseded by the U.K. and Japanese ‘‘standard 
methods’’, which are developments of the same basic approach. 
Since this International Institute of Welding document is not 
frequently encountered it is considered sufficient to describe in 
detail only the developed methods. 


7.4 British Standard PD6493:1980° 


7.4.1 Background 

The ‘‘fitness for purpose’’ concept was initially proposed for 
welded structures in 1961" and with the development of 
fracture mechanics methods various researchers attempted to 
produce procedures for determining the significance of defects 
on sucha basis. The Welding Institute has been a major force in 
this development and one of the earliest procedures was 
published in 1968. This work formed the starting point for 
the production of BS PD6493. 

Early in 1970 the Welding Industry Standards Committee 
reported that an acceptance standard for welding defects could 
be prepared on a ‘“‘fitness for purpose’’ basis rather thar in 
quality control terms. The WEE/37 Committee, on which the 
Society is represented, was established to draft such a 
document. The ‘‘draft for comment’’ was issued in February, 
1976 and the final document was published in 1980. 

BS PD6493 is not a Standard Specification nor a Code of 
Practice. It isa published document (PD) which gives guidance 
but does not, therefore, limit the approach used in a rigid 
manner. The document is referred to by BS 5500, for instance, 
as giving a suitable procedure for fracture mechanics assess- 
ment. The technology upon which BS PD6493 was based has 
continued to develop and many shortcomings have been 
identified. Consequently the WEE/37 Committee has been 
reconvened and it is likely that an updated document will be 
issued in due course. 

BS PD6493 is a well presented, self-contained document that 
is reasonably easy to use. This has resulted in fairly widespread 
use in many industries. The following sections describe in 
outline the scope, methodology and limitations of the 
approach. 


7.4.2 Scope 

Although the methods can readily be applied in other suitable 
applications, BS PD6493 is intended for use in assessment of 
defects in fusion welded joints for ferritic and austenitic steels 
and aluminium alloys with a material thickness greater than 
10 mm. 

The assessment method covers planar and non-planar 
defects. Cracks and other planar defects are analysed by direct 
application of fracture mechanics techniques. The limits on 
cavities and slag inclusions, whilst based on fracture mechanics 
considerations, are derived from experiments particularly 
relating to their effect on fatigue life®' ~. 

The consideration of some failure modes is limited to a 
comment with little guidance, notably in areas where it was 
considered that a suitably developed method was not available. 
These include gross yielding, leakage, corrosion/erosion, 
corrosion fatigue, stress corrosion, buckling and creep. The 
majority of the document is concerned with the quantitative 
analysis of fracture and fatigue in the presence of defects. 
Methods are provided for estimation of tolerable defect sizes 
and for assessing the effect of defects known to exist. Although 
attention is drawn to the existence of alternative methods of 
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assessment it is unusual to encounter the use of methods other 
than that described in detail under the auspices of BS PD6493. 


7.4.3 Stress Analysis Requirement 

In common with any fracture mechanics analysis BS PD6493 
requires the detailed knowledge of stresses in the vicinity of the 
defect. The stress concentration effect of the defect itself is, of 
course, accounted for in the calculation of the geometrical 
stress intensity factor. The stress of interest, since the analysis is 
based on the crack opening mode (K,), is the total component 
normal to the plane of the defect. In practice this is determined 
by resolving the defect into an equivalent defect lying in a plane 
that is normal to the maximum principal stress (or most 
significant principal stress). 

It is advised that the maximum shear stress acting on the 
uncracked ligament (resolved if necessary) should not exceed 
0.480,. 

The recommended stress representation is that adopted in the 
ASME Boiler and Pressure Vessel Codes (see, for example, “”). 
This practice has, in some cases, tempted potential users not 
associated with the pressure vessel industry to decline to make 
use of BS PD6493. For completeness the stress categories used 
are as follows: 


(a) Primary stresses are normal or shear stresses developed 
by imposed loadings which satisfy the laws of equi- 
librium. Primary stresses are not self-limiting and no 
redistribution is possible, hence if the yield strength is 
exceeded gross distortion will result. The primary 
stresses are then sub-divided into a component averaged 
across the thickness and a component that is propor- 
tional to the distance from the section centroid. These 
components are referred to as general primary mem- 
brane stress (P_,) and primary bending stress (P,). 


(b) Secondary stresses (Q) result from the constraint of 
adjacent material and are self-limiting. Local yielding 
and minor distortion may result from secondary 
stresses. Typically, secondary stresses result from 
structural discontinuities, temperature gradients and 


residual effects. 


(c) Peak stresses (F) are increments of stress as a result of 
stress concentrations. Peak stresses are only objection- 
able as causes of fatigue and fracture. 


The corresponding total stress of interest is (P,, + P, +Q+ F) 
at the defect location. In most cases it is usual to conduct a finite 
element or boundary element stress analysis in order to derive 
the detailed information required for the defect assessment. 

* However, in simple geometries a classical stress analysis may be 
sufficient. 

For situations where the defect is subjected to a total stress 
above the yield strength of the material then the assessment is 
based on the maximum value attained, irrespective of where this 
value is attained within the section. Where the total stress does 
not exceed yield the stresses are decomposed into membrane 
and bending components. It is essential to ensure that the 
linearised representation is such that the real stress in the 
vicinity of the defect is always equalled or exceeded. 


7.4.4 Fracture Assessment (LEFM) 

BS PD6493 makes reference to a large range of assessment 
strategies but only describes two in detail. For stress levels below 
yield a LEFM approach is used whereas for other cases the COD 
design curve is used. 

Where high strength materials or thick sections are used 
LEFM methods have been used successfully but in many 
applications it is difficult to justify their use. In many cases it has 
been demonstrated that use of LEFM assumptions can lead to 
an over estimate of critical defect dimensions and, hence, fail to 
predict safe conditions. This is particularly the case when 
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impact test results are used to infer fracture toughness values. It 
follows that the most utilised section of BS PD6493 is the 
elastic-plastic fracture mechanics route based on the Welding 
Institute design curve. 

The defect idealisation approach has been described in 
Section 5.7. 

The linear elastic fracture mechanics approach is similar to 
that used in ASME Section XI, Appendix A, which has been 
described in Section 7.2. For through thickness defects the 
stress intensity at the defect is calculated as: 

K, = 1.250,/1 
where o is the maximum total stress within the section 
(P,, +P, + Q+F) and Lis the defect length. If this relationship is 


rearranged with | equal to 2a (as is more conventional) then the 
previously cited relationship can be recognised: 


K, =0,/ra 


For partial thickness defects the relationship is defined as 


(60) 


k, Ta Vaan! = o,M,) 


(61) 
Q 
where o 


» and o, are derived from the idealisation of the total 
stress. The characteristic dimension ‘‘a’’ is equal to the whole 
depth for surface defects and one half of the depth for 
sub-surface defects. Q,, M,, and M, are similar in nature to the 
parameters, similarly notated, in equation (59) and are derived 
graphically. The values in BS PD6493 would appear to be 
conservative when compared with the results of Newman and 
Raju (see Appendix I). 

If K, derived by using equations (60) or (61) is less than 0.7K,. 
(derived by valid test, Section 4.1) then the defect is considered 
to be acceptable. The implied safety factor on crack length is 


generally about 2 (i.e. (<4) ). This should be compared with 
the safety factor used in ASME Section XI, Appendix A (see 


Section 7.2.4). 


7.4.5 Fracture Assessment (EPFM) 

Some theoretical relationships for COD have been given in 
Section 2.5.1. The basic model used in deriving the assessment 
method for BS PD6493 is the strip yield model of Dugdale °” 
shown in Fig. 49. With the restraining stress within the plastic 
crack tip zone assumed to be equal to the uniaxial yield stress, 
o,, it can be shown that: 


(62) 


and 
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By the expansion of the (log.sec) term this equation can be 


reduced to: 
= soul 1 +E (2 i: Aroraehad 
m70,E 24\o, 
A non-dimensionalised COD can then be derived as: 
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The original COD design curve was derived theoretically and 


subsequently modified to take cognizance of results from a large 
number of wide plate tests. All the experimental data falls on the 


(63) 
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conservative side of the curve. The curve of ¢ against (€/e,) was 
redrawn to provide a relationship between C and (€/e,) where 
the tolerable defect parameter, a_, is calculated using: 


m? 


= 6 
a. = Cc (*) 
€ 


This curve is shown in Fig. 50. It has been shown that it is 
reasonable to use a pseudo-elastic calculation to determine the 
total strain, «, provided that the non-elastic strains at stress 
concentrations are surrounded by elastic material. It follows 
that (o/o,) and (€/e,) are interchangeable in this case. 
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As drawn the curve can be divided into three sections: 
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Hence, given a known value of the critical COD (6.) for the 
material and the calculated applied strain the design curve 
enables the allowable defect parameter, a,,, to be determined. 
The COD design curve in general yields a safety factor of about 
2 on defect size. 

The allowable defect parameter, a,,, refers to the half length 
of a through thickness crack. For a known defect the idealis- 
ation to a semi-elliptical or elliptical flaw has been described in 
Section 5.7. From these dimensions BS PD6493 provides curves 
for relating the idealised flaw to an equivalent through thickness 
flaw. If the equivalent through thickness flaw, a, is less than the 
allowable value then the defect is acceptable. It is sometimes 
useful to prepare a nomogram for specific cases, similar to that 
shown in Fig. 51, which relates the stress (or strain) ratio directly 
toa, via material yield strength and critical COD, 6.. 
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It should be noted that the allowable defect parameter is 
determined using the maximum applied stress (P_, + P, +Q + F) 
irrespective of where this occurs in relation to the defect 
position. This conservatism will be discussed later. 

A reversed process can, of course, be used to estimate 
inspection criteria, based on the value determined for the 
allowable defect parameter, in a given situation. 


7.4.6 Fatigue Assessment 

For planar defects the procedure includes two approaches for 
determining the number of load cycles which can be permitted. 
The general method makes use of a Paris-Erdogan relationship. 
On the basis of a knowledge of the applied stress field, stress 
cycle ratio, and defect dimensions the limit of crack growth 
before failure (brittle fracture or other mode) is calculated. 
Using the Paris-Erdogan law the load cycle history is used to 
determine if a known defect would grow in service to the critical 
size. Some recommendations on the selection of the growth law 
parameters is given but in many cases it will be necessary to refer 
to published literature as testing to derive specific parameters is 
not usually justifiable. 

A simplified procedure is also provided based on quality of 
fabrication and a knowledge of applied stress range and cyclic 
duty. Graphs are provided for both 97.5% and 99.5% 
probability of survival. The procedure is well documented and 
is, hence, not described here. 


7.4.7 Limitations 

The assessment procedures and guidance given in BS PD6493 
are basically sound and have been used widely. The documenta- 
tion is complete and is presented in such a manner as to provide 
a self-standing methodology for assessing structural integrity in 
the presence of defects. However there have been developments 
in fracture mechanics since the drafting of BS PD6493 and some 
aspects could now be amended. The brittle fracture assessment 
route, in particular, contains a number of simplifications which 
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are very conservative although the inferred safety factor is often 
indeterminate. Many users of BS PD6493 have expressed 
concern at the inability to quantify safety factors since this 
reduces the value of engineering judgement. The following 
paragraphs discuss some of the proposals for amending the 
procedure. 

The use of the COD design curve is based on the estimation 
of tolerable flaw sizes on the assumption that the defects lie in 
a uniform stress field equal to the maximum value of 
(P, +P, +Q-+F) for the section. This is pessimistic when the 
stress field is noi uniform and particularly when localised effects 
such as residual stresses or thermal stress are considered. It has 
been proposed” that a factor, Y_, should be introduced which 
is the ratio of the linear elastic stress intensity factors for 
combined bending and tension to that based on a uniform stress 
equal in magnitude to the total value. The linearisation method 
illustrated in Fig. 47 can be used together with the values for M_, 
and M, from BS PD6493 to give: 


_6,,M,,+0,M, 
"  (¢,,+0,)M,, 
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The COD design curve, drawn two standard deviations below 
mean, has an inbuilt safety factor in the range of 2-2.5. For the 
calculation of critical defect sizes as opposed to tolerable defect 
sizes it could be argued that this safety factor should be 
removed. It should be remembered, however, that most 
fracture assessment methods are based on lower bound material 
data (see reference to ASME III, Appendix G and ASME XI, 
Appendix A derivation). Care should therefore be exercised in 
the removal of this implicit safety factor. 

The derivation of equivalent allowable flaw size, a,,, assumes 


that 
a is Ne 6 
-e(8) <() 
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As shown in equation (29) it is usual to find that 


6 Raa 
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y y 
where 3 ranges from 0.5 in plane strain to 1.0 in plane stress. The 
factor, 8, therefore represents the effect of constraint. 

By combining these various considerations Burdekin 


proposes that the critical (rather than tolerable) flaw parameter 
should be determined from 


(66) 


where « is the factor of safety between tolerable and critical 
defect sizes implicit in the design curve (say 2.0), C is the value 
obtained from the design curve and m is equal to (1/8). In 
practice for SA-533B-1 steels in relatively thick sections it has 
been reported that values of m in the range 2.2-2.5 are 
typical”. 


7.5  JWES Standard WES 2808:1980°" 


7.5.1. Background 

The Japan Welding Engineering Society set up a committee 
to prepare an acceptance standard for welding defects in July, 
1976. The resulting document, WES 2805, was published in 
1980. It is similar in many aspects to BS PD6493 and to 
11W-4741-74. The approach is principally concerned with 
brittle fracture initiation but consideration is also given to 
fatigue crack growth which may lead to brittle fracture. 


7.5.2 Approach 
All flaw images found by non-destructive examination are 
idealised into equivalent semi-elliptic or elliptic shapes in a 


Ww 
w 


similar manner to that described in Section 5.7. Each equivalent 
defect is then converted into an equivalent two-dimensional 
through thickness crack, characterised by a single parameter, a, 
in a manner similar to that used in BS PD6493. 

Any potential for crack propagation as a consequence of 
cyclic loading is considered to determine the value of a for use in 
the brittle fracture assessment. The form of the Paris-Erdogan 
growth law adopted for all structural steels is: 


a 5.46 x 
dN 


10°? AK* mm/cycle 
where AK is expressed in kgf/mm *? or 
da 


5.6 x 10°'°AK* mm/cycle 

where AK is expressed in MPay/1m. The crack growth behaviour 
is calculated using an effective stress range, to account for the 
combined effects of tension and bending. 

The analysis of brittle fracture is based on the applied strain, 
€, comprising three components—the “‘primary”’ strain, e€,, the 
*‘secondary”’ strain due to residual stress, e,, and the local strain 
concentration effect of the weld geometry, €,. The total strain is 
the algebraic sum of the three components. 

The stress induced by applied loads, thermal gradients, 
pre-stressing and gross structural strain concentrations is 
divided into a membrane (0,) and bending (o,) component. 
Where the applied stress does not exceed the yield strength: 


ku 9 Ar 4% 
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where «, is a coefficient dependent on flaw geometry, given in 


Table 5. Otherwise ¢, must be determined by some suitable 
method of analysis. 
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Table 5 Strain Coefficients for WES 2805 


Flaw type 


Fillet weld 
(a) | (b) 


Butt weld 
(a) (b) 


Through thickness flaw 
Sub-surface flaw 


Sub-surface flaw in 
tensile bending field 


Sub-service flaw in 
compressive bending 
field 


(a) Flaw parallel to weld line 
(b) Flaw perpendicular to weld line 


Where the flaw is located in a welded joint the value of €, is 
calculated as 


€,= A € 


2 ry 


y 


‘ : : n 0 ‘ 5 
where ¢, is the material yield strain (2) and « is a coefficient 


given in Table 5. The value of €, is taken to be zero in material 
subjected to post weld heat treatment (see Section 5.5). The 
values of « have been determined using the Dugdale strip yield 
model assuming a slit of length 2a within a zone of length 2w, 


where there is a residual stress of yield strength magnitude. With 
residual stress present it has been determined that the effect, for 


, w ; Aae - : 
a wide range of values of (“) , is a shift in the relationship 
a 


between COD and applied strain of the order of 0.6(<) 7a 


€ 
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shown in Fig. 52. The treatment of residual stresses is, 
therefore, based on a pragmatic analysis of the phenomena 
associated with welding rather than the more superficial 
assumptions of BS PD6493. 


Without 
residual 
stress 


With 
residual 
stress 


Pa 


Fig. 52 


For flaws parallel to the weld line (and, hence, most lack of 
fusion or lack of penetration defects), it is assumed that the 
residual stress will be small compared to the applied strain 
except for surface flaws. 

The third strain component relates to the local concentration 
effect of the weld geometry. A strain concentration factor K,, is 
tabulated in the procedure for various standard construction 
forms (including misalignment effects) and 


€,=(K,—De, 


Account should be taken of any effects of welding distortion. 
The total strain is calculated from: 


e=e, tae +(K,—De, 


Using this value of strain and the defect characterising 
parameter a the fracture parameter is determined as: 


6=3.5ea (65) 


If 
5<6, 


where 6, is the COD value determined by test then the flaw is 
acceptable. A formula is provided for determining COD values 
from Charpy V-notch test results. 

Some comparative work has been reported” between the 
results obtained using BS PD6493 and WES 2805S. In general the 
Japanese document is less conservative than the BS PD6493 
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approach, principally due to the COD design curve. If 
equations (64) and (65) are compared it is clear that the constant 
C used in BS PD6493 is equivalent to a factor C* in WES 2805 
where 


1 


These factors are compared directly in Fig. 53. This infers 
that, ceteris paribus, WES 2805 will be more conservative in 
linear elastic applications. In post yield regimes the WES 2805 
curve effectively removes the safety factor implicit in the COD 
design curve. 

The guidance given on the treatment of the effects of welding 
is very clear, particularly in relation to residual stresses and local 
distortion effects. 
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7.6 CEGB Two-Criteria Approach 


7.6.1 Background 

The CEGB two-criteria approach to the fracture assessment 
of structures containing defects is generally known as the *‘R6 
Method”’ referring to the internal report designation of the 
procedure™’, Dowling and Townley” suggested that a struc- 
ture fails when the load applied to it reaches the lower of either 
the load required to cause brittle fracture or the load required to 
cause plastic collapse. From this conception a failure analysis 
diagram was evolved and this forms the basis of the R6 Method. 

The document does not include all the information required 
by the assessment route, but, when taken with its various 


appendices, does give guidance on an evaluation strategy. The 
R6 Method has been developed with pressure vessels in mind 
and is not generally encountered outside this field. Although 
widely used the R6 Method is an internal CEGB procedure. It is 
based on the work and opinions of that organisation and this 
must be recognised. 


7.6.2 Failure Assessment Diagram 

The failure assessment diagram represents the two limiting 
states (brittle fracture and plastic collapse) and an interpolation 
to cover the transition from one to the other. The transition is 
described by a derivation of the model proposed by Bilby, 
Cottrell and Swinden'™”. The basic strip yield model was 
modified by Heald, Spink and Worthington'”) to the form: 


Sey ee (at) 
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where og, is the fracture stress, 0, is the material ultimate tensile 
strength and Y is the linear elastic shape factor. 
This was rearranged by Dowling and Townley to: 


Lip renee = 6, | : ()] 
—!=—cos!| exp— : 
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where L, is a failure parameter, L, is the limit load for collapse 
and L, is the limit load for brittle fracture. The theoretical basis 
relates to simple specimens but the approach is empirical for 
structures. Harrison et al” proposed that equation (66) should 
be rearranged to form a closed diagram by algebraic transpos- 
ing to the following: 
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_ applied stress intensity factor K, 
fracture toughness K 


(66) 


where 


K 


t 


le 
Sal applied load 
collapse load’ 


The resulting diagram is shown in Fig. 54. This assessment 
diagram identifies a ‘‘safe’’ region but considers separately 
crack tip events from net section phenomena. 

In principle any situation for which the plotted values of K, 
and S_ fall within the safe region is acceptable. A considerable 
quantity of experimental data derived from compact tension 
specimens, single edge notched specimens and test pressure 
vessels has been used to validate the approach. Of more than 
150 failures only two fell within the safe region, in both cases 
where failure was collapse controlled’. 

The failure assessment diagram shown in Fig. 54, is 


essentially a normalised J-curve with a/$ plotted against a 


. . : oO Fi 
non-dimensionalised load equal to — where g, is the collapse 
0 


stress. Since it has been shown that slow ductile crack growth is 
J-controlled it has been possible to develop the use of the failure 
assessment diagram to consider this mechanism. 


7.6.3 Procedure 

The R6 document is not comprehensive and the procedure 
requires reference to other sources of information, such as 
ASME Section XI or BS PD6493"” for flaw idealisation. 
Using the stresses for the flaw location for all operating 
conditions the stress intensities are calculated using the idealised 
flaw dimensions. It should be noted that the flaw idealisations 
are based on K, (crack opening) considerations and it should be 
established that these routines are conservative when other 
modes are assessed. 
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The collapse load of the flawed structure is calculated. It is 
assumed that collapse is controlled by a flow stress, 6, which is 
higher than the material yield stress due to work hardening 
effects and generally this is determined to be 


LA (2: 7 *s) 
o= 
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The value of K,. is required for the assessment. If possible a 
valid K, test should be conducted on relevant material. In 
other cases a full section specimen can be tested and ‘‘non 
valid’’ result converted to an ‘‘equivalent K,.”’ value. As a last 
resort some other data, for instance impact test values, can be 
used to derive a value for ‘‘K,.’’, although the potential pitfalls 
in this approach are well known. 

The values of K. amd S, are then determined and plotted on 
the assessment diagram. The various parameters can then be 
varied to check sensitivity and to establish the margin of safety. 
The acceptability of the defect is then judged. The assessment 
curve does not incorporate any intentional factor of safety. 


7.6.4 Evaluation of Stresses 

A full stress analysis of the structure taking into account 
applied loads, thermal effects, discontinuities and fabrication 
processes is required. The maximum principal stress at the flaw 
location is used in the assessment, with the flaw resolved onto a 
normal plane if necessary. The stress values calculated are 
divided into a component that is not self-equilibrating and a 
component that is self-equilibrating. The latter do not result in 
a net moment or force on the section and, hence, do not 
contribute to plastic collapse. Both stress components effect the 
value of K,. 

The analysis is based on a ‘‘real’’ stress profile where 
sufficient information is available and on a conservative 
idealisation where it is not. The methods of evaluation are under 
constant review as the procedure is developed, principally by 
CEGB. No specific mention is made of fatigue crack growth 
since the procedure is aimed at establishing whether a particular 
cracked structure is safe. 


7.7 J-Design Curve 


7.7.1 Background 

The J-integral approach to fracture mechanics has been 
outlined in Section 2.5.2. There have been various attempts to 
construct a J-design curve, notably by Turner‘. This work has 
not been developed, as yet, into a format that could be used asa 
production tool but it is, nevertheless, sometimes encountered. 
The J-design curve is based on theoretical analysis rather than 
experimental considerations. 


7.7.2 Design Curve 
The design curve is plotted as a relationship between (2) 


and () where G, is the nominal value of Gat yield, i.e. 
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where Y is the linear elastic shape factor. 
The published form of the curve is defined by three zones 
follows: 
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(a) Linear elastic zone for (<) <0.85 


(b) Contained (small scale) yielding for 0.85 Palo iy, 
€ 
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G, €& 
(c) Uncontained (large scale) yielding for ES ie 
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The J-design curve shows reasonable agreement with the 
COD design curve and predicts similar critical defect sizes to 
other assessment procedures. There would appear to be no 
reason why the J-integral could not be used as a fracture 
parameter in an integrity assessment route but at present it is 
limited to a design curve which has not been widely used or, 
apparently, validated experimentally. 

For illustrative purposes the J and COD design curves have 


been compared in Fig. 55. The ordinate is not = but 
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For comparative purposes it is assumed the Y’ is equal to 7, 
and the J-design curve presented accordingly. The COD design 
curve takes the form (from BS PD6493): 


c(t) 


and substituting J =mo,6, and rearranging 


This design curve is plotted for m=1 and m=2, which 
correspond to plane stress and plane strain conditions 
respectively. 


ie} 1,0 (e/e,) 2,0 3,0 


7.8 Summary 


In the preceding sections several assessment methods have 
been described in outline. It is evident that there are differences 
of approach and of complexity. In some cases the assessment 
route is clearly defined and is simple to follow (ASME Section 
Ill, ASME Section XI, 11W-471-74, WES 2805, BS PD6493) 
whereas others require access to other procedural information 
and a deeper understanding of the theoretical concepts. It is 
emphasised that the use of any one of the approaches described 
can involve the use of other sources of information or data (for 
instance material information or stress intensity factor calibra- 
tions) although to a large extent BS PD6493 is a free standing 
document. 

All of the approaches have their own adherents and their own 
good and bad points. The ASME Section III and Section XI 
routes are simple and are conservative for non-ductile failure. 
However, in the absence of consideration of plastic collapse 
these two methods may not be conservative for ductile (upper 
shelf) conditions. The COD, R6 and J-integral methods are 
more suitable for post-yield conditions but arguments persist on 
the benefits of simple relationships as opposed to more accurate 
solutions and on the use of unquantifiable safety factors. 

In concluding the section it is suggested that the various 
methods described can be used to cover most of the foreseeable 
applications and that the most suitable should be used in any 
particular case. It is suggested that the differences between 
solutions obtained by alternative methods is more greatly 
affected by the aspects requiring engineering judgement than by 
the differing theoretical bases. Care should always be exercised 
to ensure conservatism and wherever possible a check of the 
sensitivity of the analysis to particular assumptions should be 
made. 


8. PROBABILISTIC METHODS 


The behaviour of all engineering structures is essentially 
probabilistic although most analysis is conducted in a deter- 
ministic manner. Probabilistic methods can be applied to the 
analysis of fracture and crack growth and in this section the use 
of some techniques is discussed. The emphasis in this section is 


on the brittle fracture situation since this is the most commonly 
encountered and is the most straightforward for illustrative 
purposes. 

Most parameters used in a fracture mechanics assessment are 
probabilistic in nature. Some are inherently probabilistic since 
they represent facets where uncertainty is clearly inevitable. 
Others are probabilistic because the approximations and 
simplifications introduced to create a practical analysis method 
have given rise to uncertainties, although the parameter 
concerned may be deterministic. 

The following areas of uncertainty, inter alia, are involved: 


(a) In defect detection and sizing there are uncertainties 
relating to the limits of the NDE method used, the 
resolution of the NDE method and the interpretation of 
the results. Some of these will be systematic errors and 


others will be random (see”). 


The flaw idealisation routines involve simplifications 
and, hence, uncertainties. 


(b) 
(c) The stress analysis of the unflawed geometry involves 


uncertainties related to the analysis technique used and 
also uncertainties related to assumptions on loading. 


(d) In many cases the stress values used in the analysis will be 
subject to uncertainties in residual stress estimates and 


stress concentration factors. 


(e) Material properties are derived from experimentation 
and the values used will reflect the uncertainties of the 
test method. The material properties assumed to exist at 
the point of interest in a structure will usually be derived 
from small specimens of related material and it is 
uncertain if these values are directly relevant. 

(f) Where design curves are used there is uncertainty related 
to the construction of the curve. 


The usual approach is to make assumptions that are intended 
to be pessimistic and to employ artificial safety factors in order 
to predict conservative limits on defect size. This does not infer 
that a failure will not occur but that the likelihood of failure is 
sufficiently remote as to be acceptable”. 

The probabilistic approach related to the prediction of 
reliability has been described previously in the proceedings of 
the LRTA””. The essential principle is illustrated in Fig. 56. The 
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defect fracture parameter, typically 6 or K,, is calculated as a 
probability density function taking account of uncertainties. 
The material fracture resistance, 6, or K,_, is similarly modelled. 
The probability of fracture is then the probability that 


6>6, 
or 
K,>k,, 


and this can be calculated mathematically using the properties 
of the statistical models. An example is given in Appendix IV to 
demonstrate the principles involved. 

It is emphasized that probabilistic methods are not generally 
encountered in real applications. These methods are more often 
used in determining failure rates for pressure vessels and for 
assessing the likely performance, in reliability terms, of Codes 
and Standards. There are, however, good reasons for using 
Statistical methods for deriving material values rather than 
merely using lower bounds. It has been shown that a reasonable 
Statistical estimate for, say, a 95% confidence limit can be 
derived from a small number of test values, maybe only 4 or 5. 

It does follow that where probabilistic methods are not 
employed that all uncertainties should be considered, and a 
conservative analysis performed. 


3: NON-METALLIC MATERIALS 


Non-metallic materials are encountered regularly in modern 
engineering practice. Recent developments have resulted in an 
increased use of non-metallic materials in applications which 
demand high structural integrity—flexible joints, in pipelines, 
employing rubber, for instance. The range of materials is large, 
including fibre reinforced resins, rubbers, thermoplastics, 
adhesives and ceramics. 

It is often assumed that the analytical methods used in 
connection with conventional structures may not be appro- 
priate for non-metallics. In the case of fracture mechanics it 
should be remembered that the fundamental energy approach 
proposed by Griffith” was based on the observation of a brittle, 
non-metallic material-silica glass (which is not even a true 
solid). The range of properties of non-metallic materials is vast 
and it is difficult to generalise. The structure of non-metallics is 
very different to metals with in many cases an amorphous form 
without any real grain construction. It follows that the fracture 
mechanisms will also differ but in many cases it has been found 
that the same characterising methods for predicting the 
environment at the crack tip can be useful for analysing the 
behaviour of cracks. 

Ceramics are inherently brittle but have other endearing 
properties. Their defect tolerance is very low with typical 
fracture toughness values more than an order of magnitude 
lower than for most metals. The microstructural form offers 
only limited potential for slip deformation and, hence, there is 
practically no slow crack growth until the applied stress 
intensity is near to the critical value. It is difficult to predict with 
any real confidence sub-critical crack growth. With the absence 
of any real capacity for plastic effects it follows that linear 
elastic methods can be reasonably employed in the analysis of 
ceramics. 

Many non-metallic materials, such as polymers, are charac- 
terised by possessing time dependent (visco-elastic) responses. 
However, many materials of this type also contain inherent 
flaws as a result of the production processes, often in the form 
of small voids. Typically the inherent flaw size is of the order of 
100 microns. The use of fracture mechanics is probably most 
advanced in connection with rubbers where data on tearing 
energy (which is essentially equivalent to the strain energy 
release rate) has been derived. The tearing energy is independent 
of crack length and is related to crack growth rate. One 


particular area of interest concerns the integrity of pneumatic 
tyres. Crack growth rates have been determined by monitoring 
the development of slits cut into tyres. 

Although rubbers continue to be important the principal field 
of development has become the use of plastic pipes, particularly 
for natural gas distribution. Fracture mechanics methods can 
be used to determine whether cracks will grow and at what 
speed. It has been found that the plastic zone size is important. 
Crack growth takes place in a similar time dependent way to 
that for creep situations in metals, although rapid load cycling 
can lead to material softening due to the accompanying 
temperature rise. The fracture mechanics relationship for 
polymers takes the form 


where 8 and m are constants for the material. 


Composite materials are, generally, anistropic with material 
properties effected by the fibre arrangement. When the matrix 
cracks the fibres may intersect the path and cause arrest. Fibre 
reinforced composite patches have been used to repair areas of 
aircraft primary structure where fatigue cracking has occurred. 
In such materials, typically glass, boron, carbon or Kevlar fibre 
reinforced plastic, the parameters available to the designer are 
large. The fibre lay-up can be varied to optimise the structure. 
Some attempts have been made to analyse the behaviour of 
defects in composite structures but most are empirical. It may 
be that the increased use of structural composites in, particu- 
larly, civil aircraft will lead to the development of better 
analytical methods comparable to those used for the metallic 
structure being replaced. 

The use of fracture mechanics in connection with non-metal- 
lic structures is not impracticable but is limited by the 
understanding of material behaviour and by the lack of material 
data. At this time practical use is limited to visco-elastic 
materials, principally rubbers and polymers, and to ceramics. 


10. APPLICATIONS 


In the paper so far the authors have attempted to describe the 
basic principles of fracture mechanics and the various ways that 
these can be employed in practical situations. In this section 
some of the most frequently encountered applications are 
discussed. Further examples can be found in the general 
literature (see, for instance, ‘*”*”), and some particular cases 
are illustrated in the Appendices to this paper. 


10.1 


From an economic point of view the repair of defects is 
expensive. In fusion welds the presence of defects in the finished 
structure is almost inevitable and in many cases it is argued that 
repair work is most likely to replace an identified flaw by other 
defects which are not detected by non-destructive examination. 
The ‘‘fitness for purpose’’ concept*” is based on the premise 
that small defects may not impair the integrity of the structure 
and, hence, repair work is undesirable on economic and 
engineering grounds. 

Traditional structural analysis methods are not suitable for 
assessing integrity in the presence of defects. The adoption of a 
“fitness for purpose’’ approach requires the use of analytical 
methods to ensure that integrity in the presence of defects is not 
impaired and fracture mechanics methods are invaluable. The 
development of BS PD6493"” and similar assessment routes has 
meant that suitable analytical methods are available. 


‘Fitness for Purpose’’ Assessment 
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It is necessary to take account of the full operating life of the 
structure, allowing for cyclic duty and abnormal conditions. In 
most cases a structure is designed for a given life on the basis of 
postulated operational cycles, with safety factors incorporated 
in the calculations. In cases where no periodic inspection is 
required it is necessary to show that a defect will not grow to 
critical dimensions during the anticipated life with a margin 
similar to that used in the normal design approach. It may often 
be difficult to determine the effective safety factor since it is 
usual to use lower bound material data and other ‘‘conserva- 
tisms’’. However, it should be shown that the structural 
integrity in the flawed state is not less than that implicit in the 
unflawed design approach. 

In addition to application with respect to new fabrications it 
is not uncommon to apply a ‘‘fitness for purpose’’ assessment to 
defects found by in-service inspection. In many cases repair is 
effectively impossible, for instance in nuclear reactor pressure 
circuits, and continued service, possibly with duty limitations, 
can be permitted on a critical assessment of the structural 
integrity. 


10.2 Failure Investigations 


Where failures have incurred in service it is desirable to 
establish with confidence the probable failure mechanism. The 
majority of structural failures result from the growth of cracks 
and the subsequent fracture or collapse of the load path. Indeed 
the development of fracture mechanics theory into a workable 
engineering tool has resulted from various instances of 
catastrophic failures including: 


(a) Welded war-construction ships (Liberty and T-2 tanker 
types, for instance). 


(b) 


(c) Bridges (King’s Bridge, Melbourne and Vierendeel 
trusses in Belgium). 


Pressurized jet aircraft (Comet airliners). 


(d) 
(e) Pressure vessels (low alloy steel vessels). 


Storage tanks (Fawley refinery). 


The empirical approaches to brittle fracture prevention 
developed by Wells amd Pellini®" originated in failure 
investigation studies. 

Where a defect is present and this leads to an immediate 
failure, possibly on hydrostatic test, by fast fracture it is 
relatively straightforward to conduct a fracture mechanics 
evaluation. The defect size can be established by observation of 
the failed components and material properties can be deter- 
mined by test. It often transpires that the real load has been 
under-estimated, due to the presence of residual stresses or 
stress concentrations and the fracture mechanics analysis can 
identify the requirements for failure. In other cases large defects 
have evaded detection (in the case of the boiler drum for 
Cockenzie power station the flaw which initiated failure was” 
375 mm long and 60 mm deep in 150 mm thick low alloy steel). 

Catastrophic in-service failures will generally result from 
either a severe change in loading or, more likely, crack 
propagation by fatigue, creep or stress corrosion until critical 
dimensions are attained. In these cases it is necessary to be in 
possession of realistic loading history before conducting the 
crack growth calculations. Despite uncertainties relating to the 
operating history, fracture mechanics calculations can often be 
of assistance in confirming that the real cause of failure has been 
identified and that appropriate steps have been taken to avoid 
recurrence. 

Failure investigations are real situations and it is necessary to 
base any analysis on data that relates, as specifically as possible, 
to the case in hand. Undue conservatism or optimism can be 
misleading and should be avoided. 


10.3. Material Selection 


The elastic and plastic properties considered in the selection 
of materials can be used directly in the calculation of structural 
integrity. There is an increased interest in using fracture 
toughness testing in order to generate material fracture 
properties that can be similarly used for calculation purposes. 
However, the testing is relatively costly and it is unlikely that 
impact testing will be replaced except where high integrity is 
required. 

Based on an assumption of the largest defect that could 
remain in the structure and a knowledge of the stresses in the 
location a fracture mechanics analysis can be used to determine 
the fracture toughness requirement. The material specification 
can then be based on this requirement. 


10.4 


In Section 6 it has already been suggested that fracture 
mechanics methods can be used to establish defect rejection 
levels for inspection purposes. These can apply to pre-service 
and in-service inspections. In essence the process is a reversal of 
that used in establishing whether a structure is ‘‘fit for purpose”’ 
in a defect-containing state. 

It is generally impractical to consider all locations within a 
structure and consequently the defect rejection levels are 
determined by analysis of a few highly stressed regions. In each 
case the critical flaw size for failure is determined. By 
consideration of the mechanisms of crack propagation the 
corresponding initial flaw size is calculated. Once the tolerable 
start of life defect has been determined, taking into account 
possible variations in the form of the flaw, the criteria for 
rejection can be established. It is usual to apply a safety factor to 
the calculated value, which has been obtained using conser- 
vative data. 

When establishing defect acceptance levels in this way it is 
necessary to be confident that the specified non-destructive 
examination technique would be capable of detecting all 
unacceptable flaws. 


Defect Rejection Levels 


10.5 


In many applications additional confidence can be gained by 
demonstrating by calculation that, although unlikely to exist, a 
defect would not cause failure. In some cases the argument can 
be taken further by inferring some degree of fail-safety, perhaps 
in a leak-before-break mode or by redundant load paths. 

The analysis is essentially a ‘‘fitness for purpose’’ assessment 
but is based ona postulated flaw. If the flaw that can be tolerated 
is sufficiently large then it can be concluded that the structure is 
unlikely to fail in service. The argument is used in structures 
where crack propagation is expected and where small cracks 
would probably escape detection. In large aircraft the practice is 
to demonstrate that long cracks can be tolerated and to identify 
areas where small cracks could cause failure (where more 
detailed inspection is then required). 


Defect Tolerance 


10.6 Hydrostatic Test Conditions 


A periodic or as-new overload test is required for many 
structures. One particular case is the hydrostatic (or pneumo- 
static) test for pressurized systems. The intention is that this isa 
critical event that will cause failure under ‘‘safe’’ conditions if 
the structural integrity is inadequate. Since an overload is 
implied, typically by, say, 25%, then it is reasonable to consider 
the hydrotest critical. However in several cases it has been found 
otherwise, from fracture mechanics considerations. 

Two cases can be cited to demonstrate this. Firstly if a 
pressure vessel can reach sub-zero temperatures in service then 
in Operation the fracture toughness may be considerably 
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reduced compared with that pertaining to the hydrostatic test 
conditions. To obtain a similar relationship between applied 
stress as that between material fracture toughness would resolve 
the situation except that the general elastic behaviour may then 
be unacceptable. 

Secondly if the service conditions result in severe stress 
gradients, particularly thermal stresses, a fracture mechanics 
assessment may show that the hydrotest is not a critical event. 

The use of fracture mechanics can establish whether a proof 
load test is of value, from a defect propagation view. There 
may, of course, be other good reasons for conducting sucha test 
even if the fracture mechanics assessment shows that the test is 
unlikely to identify defects that would be critical in service. In 
addition there is evidence which suggests that overload testing 
produces beneficial effects as a result of crack tip blunting. 


10.7 


Inspection intervals are frequently established by engineering 
judgement or for reasons of expediency. Since in many cases the 
aim of periodic inspection is to find cracks before they develop 
to near-critical dimensions it is possible to determine optimised 
inspection intervals using fracture mechanics methods. 

The development of a crack is illustrated in Fig. 57. In this 
case the initial defect size is smaller than the limit of detection, 
a,. Crack growth occurs until at time T, the instantaneous crack 
size exceeds the limit of detection. At a later time, T, the crack 
size becomes equal to the critical crack size, a.. The inspection 
interval must then be less than (T,—T,) to ensure that an 
examination will take place when the defect is detectable but 
sub-critical. 

If the defect is initially larger than the limit of detection it 
follows that the inspection interval should be less than the 
predicted time to failure. 

A fatigue assessment based on S-N data cannot give direct 
prediction of crack growth whereas a fracture mechanics 
analysis can be used to establish the information necessary for 
the rational selection of inspection intervals. Once a crack can 
be detected it is possible to update the prediction by monitoring 
the crack propagation. 


Inspection Intervals 


Crack length 


.— Maximum inspection | 
interval 


10.8 Structural Reliability 


Probabilistic fracture mechanics can be used to determine 
theoretically the probability of failure of high integrity 
structures. This has been performed particularly with reference 
to nuclear primary components. Similar approaches have been 
produced for crack growth calculations. 


10.9 Residual Life Prediction 


Where defects have been found then it may be necessary for 
reasons of safety to restrict the operating life. In these cases the 
structure is clearly not ‘‘fit for purpose’’ but it may be 
preferable to adopt either a reduced life at design load or a 
reduced load. 

Fracture mechanics analysis can be used to assess the effects 
on life of various operating assumptions. 

The preceeding paragraphs have outlined some applications. 
In each case the solution to the questions posed takes the form 
of a fracture mechanics assessment using the techniques 
described elsewhere in the paper. 


11. CLOSURE 


It is inappropriate to finish this paper with a traditional 
conclusion. The authors have attempted to bring together some 
concepts and ideas related to the subject of fracture mechanics 
and present them in summary. If further information is 
required then use can be made of the references quoted or other 


published work. The Society has, through the notable efforts of 
several individuals, contributed to the development of empiri- 
cal methods for fracture avoidance®' **” and will no doubt 
continue to so do. 

No attempt has been made, intentionally, to discuss the 
metallurgical aspects of fracture and fatigue which have been 
presented before in the transactions “?, Fracture mechanics is 
very much a tool for engineers, although some materials 
understanding is, of course, required. 

It is expected that the use for fracture mechanics will increase, 
particularly in connection with ‘‘fitness for purpose’’ 
assessments. 

During the 1951-52 session of the LRTA a paper was 
produced referring to fracture by Boyd“. In the discussion 
reference was made to the results of Griffith which were 
included in a standard engineering textbook and the author of 
the paper was asked if the method could be applied to steel 
plate. The author replied that many efforts had been made to 
adapt the theory of Griffith to ductile materials without 
conspicuous success. It is now apparent that this has been 
achieved and a practical tool has been developed, albeit 
incomplete in some aspects. 

One of the most powerful descriptions of a structure is 
“‘unbreakable’’. Fracture mechanics can be a valuable ap- 
proach for demonstrating that a structure is unlikely to fail even 
in the presence of a defect. 


iz. ACKNOWLEDGEMENT 


The authors wish to thank all of their colleagues who, 
knowingly or unknowingly, have helped with the preparation of 
this paper. Particular thanks are extended to the members of the 
Fracture Mechanics Working Group. 


132 
. T.A. Smith and R. G. Warwick: ‘‘A Survey of Defects in 


10. 


18. 


REFERENCES 


Pressure Vessels in the U.K. for the Period 1962-78 and its 
Relevance to Nuclear Primary Circuits’’. SRD R 203 
UKAEA, 1981. 


J. F. Knott: ‘‘Fundamentals of Fracture Mechanics’’. 
Butterworths, 1973. 


D. Broek: ‘‘Elementary Engineering Fracture Mech- 
anics’’. Martinus Nijhoff, 1982. 


C. E. Inglis: ‘‘Stresses in a Plate Due to the Presence of 
Cracks and Sharp Corners’’. Trans. INA, Vol. 55, 1913. 
R. E. Peterson: ‘‘Stress Concentration Design Factors’’. 
Wiley, 1974. 


H. Tada, P. C. Paris and G. R. Irwin: ‘‘The Stress Analysis 
of Cracks Handbook’’. Del. Research Corp., 1973. 


A. A. Griffith: ‘The Phenomena of Rupture and Flow in 
Solids’’. Phil. Trans. Roy. Soc., A221, 1921. 


D.S. Dugdale: ‘‘Elements of Elasticity’’. Pergamon, 1968. 


. A. A. Wells: ‘‘Unstable Crack Propagation in Metals: 


Cleavage and Fast Fracture’’. Crack Propagation Sym- 
posium, Cranfield, 1961. 

G. R. Irwin: ‘‘Fracture’’ in ‘‘Handbuch der Physik VI’’. 
Springer Verlag, 1954. 


. J. R. Rice: ‘‘A Path Independent Integral and the 


Approximate Analysis of Strain Concentrations by Notch- 
es and Cracks’’. Trans. ASME, J. of App. Mech., Vol. 35, 
1968. 


. C. Scholey and R. R. Lintell-Smith: ‘‘A Review of Crack 


and Fracture Mechanisms’’. LRTA Paper No. 3, 1975-76. 


P.C. Paris and F. Erdogan: ‘‘A Critical Analysis of Crack 
Propagation Laws’’. Trans. ASME, J. Bas. Eng., Vol. 85, 
1963. 


. A. J. McEvily: ‘‘Current Aspects of Fatigue’’. Fatigue, 


Cambridge, 1977. 


. S. J. Garwood: ‘‘Fatigue Crack Growth Threshold 


Determination’’. Weld. Inst. Res. Bull., Vol. 20, 1979. 


R. G. Forman, V. E. Kearney and R. M. Engle: 
‘“‘Numerical Analysis of Crack Propagation in Cylic- 
Loaded Structures’’. Trans. ASME, J. Bas. Eng., Vol. 89, 
1967. 


. J. R. Haigh and R. P. Skelton: ‘‘A Strain Intensity 


Approach to High Temperature Fatigue Crack Growth 
and Failure’’. Mats. Sci. Eng., Vol. 36, 1978. 

M. H. El Haddad, K. N. Smith and T. H. Topper: 
“Fatigue Crack Propagation of Short Cracks’’. ASME/ 
CSME Conf. Press. Ves. and Piping, 1977. 

B. F. Brown: ‘‘The Application of Fracture Mechanics to 
Stress Corrosion Cracking’’. Met. Rev., Vol. 129, 1968. 


. C. M. Branco and J. C. Radon: ‘*Analysis of Creep 


Cracking by the J-Integral Concept’’. Int. Conf. on 
Engineering Aspects of Creep, I.Mech.E., 1980. 

V. Lupine: ‘‘Creep: Introduction and Phenomenology”’ in 
““Creep and Fatigue in High Temperature Alloys’’. App. 
Sci. Pub., 1981. 


2. G. Thomas and A. T. Dawson: ‘‘The Effect of Dwell 


Period and Crack Type on High Strain Fatigue Properties 
of a 1Cr Mo V Rotor Forging at 500-550°C"’. ibid. 20. 
BS 5447: ‘‘Methods of Test for Plane Strain Fracture 
Toughness (K,.) of Metallic Materials’’. BSI, 1977. 


R. P. Harrison, K. Loosemore, |. Milne and A. R. 
Dowling: ‘‘Assessment of the Integrity of Structures 
Containing Defects’’. R/H/R6 Revision 2, CEGB, 1980. 
E399-72: ‘‘Standard Methods of Tests for Plane Strain 


Fracture Toughness of Metallic Materials’’. ASTM, 1972. 


Sit 


a2 


33% 


34. 


35. 


36. 


aT. 


38. 


ohth 


40. 


41. 


42. 


43. 


44, 


48. 


BS 5762: ‘‘Methods for Crack Opening Displacement 
(COD) Testing’’. BSI, 1979. 


. BS 131:Part 2: ‘‘Methods for Notched Bar Tests: the 


Charpy V-Notch Impact Test on Metals’’. BSI, 1972. 


. E23-72: ‘‘Notched Bar Impact Testing of Metallic Ma- 


terials’’. ASTM, 1972. 


. J.H. Gross: ‘Effect of Strength and Thickness on Notches 


Ductility’’. STP 466, ASTM, 1970. 


H. G. Pisarski: ‘‘A Review of Correlations Relating 
Charpy Energy to K,.’’. Weld. Inst. Res. Bull., Vol. 19, 
1978. 


B. Marandet and G. Sanz: ‘‘Evaluation of the Toughness 
of Thick Medium Strength Steels by LEFM and Correla- 
tions Between K,. and CVN”’. STP 631, ASTM, 1977. 


NF A36-010: ‘‘Choix des Qualités d’aciers pour Construc- 
tion Metallique ou Chaudronée vis-a-vis du Risque de 
Rupture Fragile’. AFNOR, 1980. 


J. M. Barsom and S. T. Rolfe: ‘Correlations Between K,. 
and Charpy V-Notch Test Results in the Transition 
Temperature Range’’. STP 466, ASTM, 1970. 


T. Ito, K. Tanaka and M. Sato: *‘Study of Brittle Fracture 
Initiation from Surface Notch in Welded Fusion Line’’. 
Doc-X-704-73, IIW, 1973. 


R. Porter, ‘‘Non-Destructive Examination in the Society’’. 
LRTA Paper No. 1, 1982-83. 


R. G. De Lange: ‘‘Plastic Replica Methods Applied to a 
Study of Fatigue Crack Propagation in Steel 35CD4 and 
26St Aluminium Alloy’’. Trans. Met. Soc. of AIME, Vol. 
230, 1964. 


A. D. Cameron: ‘‘’Initiation and Early Fatigue Crack 
Growth from Notches’’. Ph.D. Thesis, University of 
Cambridge, 1981. 


A.R. Jack and D. E. Yeldham: ‘‘Measurements of Crack 
Length by an Electrical Potential Method’’. CEGB Report 
SSD/MID/R/215/70, 1970. 


R. A. Smith: ‘‘Calibrations for the Electrical Potential 
Method of Crack Growth Measurement by a Direct 
Electrical Analogy’’. Strain, 1974. 


T. S. Robertson: ‘‘Propagation of Brittle Fracture in 
Steel’. JISI, Vol. 175, 1953. 


W. S. Pellini and P. P. Puzak: ‘‘Fracture Analysis 
Diagram Procedures for the Fracture-Safe Engineering 
Design of Steel Structures’’. WRC Bull. 88, 1963. 


A. S. Kobayashi, M. Zii and L. R. Hall: ‘‘Approximate 
Stress Intensity Factor for an Embedded Elliptical Crack 
Near Two Parallel Free Surfaces’’. Int. J. Fract. Mech., 
Vol. 1, 1965. 


E. S. Folias: ‘‘A Finite Line Crack in a Pressurized 
Cylindrical Shell’’. ibid. 42. 


B. J. L. Darlaston and R. P. Harrison: ‘*The Concept of 
Leak-Before-Break and Associated Safety Arguments for 
Pressure Vessels’’ in ‘‘Fracture Mechanics in Engineering 
Practice’’. App. Sci. Pub., 1977. 


. F. Erdogan and G. C. Sih: ‘‘On the Crack Extension in 


Plates Under Plane Loading and Transverse Shear’’. 
Trans. ASME, J. Bas. Eng., Vol. 85, 1963. 


. R.A. Collacott: ‘‘Residual Stressess’’. CME, 1979. 
. T. H. Richards and A. W. Robertson: ‘‘The Determina- 


tion of Single and Mixed Mode Stress Intensity Factors for 
Engineering Components of Practical Interest’’. ibid. 44. 
M.S. Kamath: ‘‘The CTOD Design Curve: Some Simple 
Proposals for Incorporating Stress Gradient Effects’’. 
Weld. Inst. Res. Rpt. 147, 1981. 


41 


49. 


50. 


ole 


ays 


Beh 


54. 


55. 


56. 


af, 


58. 


oh}, 


60. 


6l. 
62. 


63. 


64. 


65. 


66. 


67. 


68. 


69. 


70. 


BS PD6493: ‘‘Guidance on Some Methods for the 
Derivation of Acceptable Levels for Defects in Fusion 
Welded Joints’’. BSI, 1980. 


BS 5500: ‘‘Unfired Fusion Welded Pressure Vessels’’. BSI, 
1980. 


J. D. Harrison: ‘‘The Basis for a Proposed Acceptance 
Standard for Weld Defects: Part 1—Porosity’’. Metal 
Construction, 1972. 


J. D. Harrison: ‘‘The Basis for a Proposed Acceptance 
Standard for Weld Defects: Part 2—Slag Inclusions’’. 
Metal Construction, 1972. 


BS 1515: ‘‘Fusion Welded Pressure Vessels (Advanced 
Design and Construction) for Use in the Chemical, 
Petroleum and Allied Industries: Part 1—Carbon and 
Ferritic Low Alloy Steels’’. BSI, 1965. 


C. C. Woodley, F. M. Burdekin and A. A. Wells: ‘‘Mild 
Steel for Pressure Equipment at Sub-Zero Temperatures’’. 
Brit. Weld. J., 1964. 


““PVRC Recommendations on Toughness Requirements 
for Ferritic Materials’’. WRC Bull. 175, 1972. 


‘“‘ASME Boiler and Pressure Vessel Code, Section III, 
Nuclear Components’’. ASME, 1983. 


G. M. Jouris: ‘‘Probabilistic Evaluation of Conservatisms 
Used in Section Ill, Appendix G, of the ASME Code’’. 
STP 798, ASTM, 1983. 


““ASME Boiler and Pressure Vessel Code, Section XI, 
Rules for In-Service Inspection of Nuclear Power Plant 
Components’’. ASME, 1983. 


R. R. Maccary: ‘‘A Technical Basis for Characterising 
Flaws Detected by Pre-Service and In-Service Examination 
of Nuclear Power Plant Components’’. Trans. ASME, 
J. Press. Vess. Tech., 1975. 


“*Proposed Assessment Methods for Flaws with Respect to 
Failure by Brittle Fracture’’. Welding in the World, 1975. 


E. Fuchs: ‘‘Quality in Welding’’. Brit. Weld. J., 1961. 


J. D. Harrison, F. M. Burdekin and J. G. Young: “‘A 
Proposed Acceptance Standard for Weld Defects Based 
upon Suitability for Service’’. 2nd Conf. on Significance of 
Defects in Welds, Weld. Inst., 1969. 


M. G. Dawes, E. M. Remzi and N. K. Tio: ‘‘An Assess- 
ment of Pseudo-Linear Elastic Fracture Mechanics 
(LEFM) Analyses Based on Charpy V-Notch Properties’’. 
Weld. Inst. Res. Rpt. 217, 1983. 

F. M. Burdekin and M. G. Dawes: ‘‘Practical Use of 
Linear Elastic and Yielding Fracture Mechanics with Par- 
ticular Reference to Pressure Vessels’’. Conf. on Practical 
Applications of Fracture Mechanics to Pressure Vessel 
Technology, I.Mech.E., 1971. 


D. S. Dugdale: ‘Yielding of Steel Sheets Containing 
Slits’’. J. of Mech. Phys. Solids, 1960. 


F. M. Burdekin: ‘‘The PD6493 Approach to Significance 
of Defects’’. Int. Conf. on Fitness for Purpose Validation 
for Welded Structures, Weld. Inst., 1981. 


W. Marshall: ‘‘An Assessment of the Integrity of PWR 
Pressure Vessels’’. UKAEA, 1982. 


WES 2805: ‘‘Method of Assessment for Defects in 
Fusion-Welded Joints with Respect to Brittle Fracture’’. 
Japan. Weld. Eng. Soc., 1980. 


T. Kanazawa, H. Nagaki, S. Machida and T. Miyata: 
“Outline of JWES Standard for Critical Assessment of 
Defects with Regard to Brittle Fracture and Some Case 
Studies’’. Coll. on Practical Applications of Fracture 
Mechanics, IIW, 1979. 

A. R. Dowling and C. H, A. Townley: ‘‘The Effect of 
Defects on Structural Failure: a Two-Criteria Approach’’. 
Int. J. of Press. Ves. and Piping, 1975. 


71. 


et 


pee 


74. 


75. 


76. 


ith 


78. 


79, 


80. 


81. 


B. A. Bilby, A. H. Cottrell and K. H. Swinden: ‘‘The 
Spread of Plastic Yield from a Notch’’. Proc. Roy. Soc., 
1963. 
B. A. Bilby, A. H. Cottrell, E. Smith and K. H. Swinden: 
“Plastic Yielding from Sharp Notches’’. Proc. Roy. Soc., 
1964. 


P. T. Heald, G. M. Spink and P. J. Worthington: ‘*Post 
Yield Fracture Mechanics’’. Mats. Sci. & Eng., 1972. 


“Assessment of the Integrity of Structures Containing 
Defects—Supplement 2: Validation’’. R/H/R6 Supp. 2, 
CEGB, 1979. 


C. E. Turner: ‘‘A J-Based Design Curve’ in ‘*Advances in 
Elastic-Plastic Fracture Mechanics’’. App. Sci. Pub., 
1980. 


F. M. Burdekin, A. Cowan, I. Milne and C. E. Turner: 
“Comparison of COD, R6 and J-Contour Integral 
Methods of Defect Assessment, Modified to Give Critical 
Flaw Sizes’’. ibid. 66. 


D. S. Aldwinckle and R. V. Pomeroy: ‘‘Reliability and 
Safety Assessment Methods of Ships and Other Installa- 
tions’’. LRTA Paper No. 4, 1982-83. 


R. W. Nichols: ‘‘The Status of the Application of Fracture 
Mechanics to Pressure Vessels’’. ibid. 64. 


L. P. Pook: ‘‘Fracture Mechanics—How It Can Help 
Engineers’’. Trans. NEC Inst. Eng. & Shipbuilders, 1973. 


F. M. Burdekin: ‘‘The Role of Fracture Mechanics in the 
Safety Analysis of Pressure Vessels’’. Int. J. of Mech. Sci., 
1982. 


J. Hodgson and G. M. Boyd: ‘‘Brittle Fracture in Welded 
Ships’’. Trans. INA, 1958. 


42 


82. 


83. 


84. 


85. 


86. 
87. 


88. 


89. 


90. 


91. 


Ooe 


G. Buchanan, C. J. G. Jensen and R. J. C. Dobson: 
‘‘Lloyd’s Register of Shipping’s Approach to the Control 
of the Incidence of Brittle Fracture in Ships Structures’’. 
Coll. on The Properties and Testing of Weld Metal in 
Relation to Structural Failure from Brittle Fracture, I[W, 
1969. 

G. P. Smedley and B. K. Batten: ‘‘Fatigue Strength of 
Marine Shafting’’. Trans. NEC Inst. Eng. & Shipbuilders, 
1961. 

J. Naysmith: ‘‘The Effect of Metallurgical Variables on the 
Brittle Fracture of Mild and Medium Carbon Steels’’. 
LRTA Paper No. 6, 1965-66. 

G. M. Boyd: ‘Lessons to be Learned from the Appearance 
of Fractures’’. LRTA Paper No. 5, 1951-52. 

G. B. Airy. Brit. Assoc. Adv. Sci. Rpt., 1862. 

H. M. Westergaard: ‘‘Bearing Pressures and Cracks’’. J. 
App. Mech., 1939. 

T.G. F. Gray and J. Spence: ‘Rational Welding Design’’. 
Butterworths, 1982. 

P. C. Paris and G. C. Sih: ‘Stress Analysis of Cracks’’. 
STP 381, ASTM, 1965S. 


J.C. Newman and 1. S. Raju: ‘‘Analysis of Surface Cracks 
in Finite Plates Under Tension or Bending Loads’’. TP 
1570, NASA, 1979. 


F. M. Burdekin: ‘‘The Effects of Deviations from Intended 
Shape on Fracture and Fatigue’’. Conf. on Significance of 
Deviations from Design Shape, I.Mech.E., 1979. 


. D. P. Rooke and D. J. Cartwright: ‘‘Compendium of 


Stress Intensity Factors’’. HMSO, 1976. 
L. P. Pook: ‘‘The Fatigue Crack Direction and Threshold 
Behaviour of Mild Steel Under Mixed Mode I and III 
Loading’’. Int. J. Fatigue, Vol. 7, 1985. 


APPENDIX I 
STRESS ANALYSIS OF CRACKS 


Airy “ first demonstrated that any two-dimensional elastic- 
ity problem can be solved by finding a suitable function, ¢ (x, y), 
which solves the biharmonic equation: 


+ ae F &\ (Xo *2) 
4 y= V%4v? _ ~ + : = =| | 0 I.1 
Vv “(¢) (v “(¢)) (= 2) (= ay? (1.1) 


Further, Airy also showed that the stresses can be obtained 
from equation I.1 as: 


ao 
o.=— 3 %W=— 3 7,=— 12 
3 » ~ xay (1.2) 


Provided the resulting stresses satisfy the necessary boundary 
conditions equations I.1 and 1.2 satisfy the conditions of 
equilibrium and compatibility. 

For the particular problem of stresses around a crack 
Westergaard®” examined the function: 


@=Re{W} +y Im{w} (1.3) 


where W, W and W' (the second and first integrals and first 


derivative) are defined by: 


WwW w r 
le CL 
dz dz dz 
and W = W(z) is an analytic function of the complex variable 
z=x+iy. 


(1.4) 


Now the Cauchy-Riemann conditions provide the rules for 
the differentiation of complex variables: 


ai) (Ww) i 
ORe| Ws dIm| W} =RefW"} 
Ox oy 
alm|W}__ Re{ W} oe) 
and, 2 OE) =m iw") 
Ox dy 
By differentiating each equation by x and y in turn: 
v*Re|W} = v7Im{W} =0 (1.6) 


Therefore the function @ in equation 1.3 satisfies the Airy 
stress functions of equation I.1. Now using equations I.5 to 
differentiate equation |.3 the stresses are obtained as follows: 


o,, = Re| W} — yIm|W’} 
o.. =Re{[W} + yIlm{W’} 
—yRe{W’} 


(1.7) 


ek 


It is now necessary to show that equations 1.7 satisfy the 
boundary conditions. The problem is to consider a crack in an 
infinite plate loaded in tension, Fig. 58. 


The function W is chosen where: 


OZ 


W = ——__. 
(z?—a’)!? 


(1.8) 
then at y=0,-a<x<+a ; ReW=0 because (z—a’)'’ isa 


pure imaginary quantity and oz is real. Therefore from 
equations I.7,0,,,¢,, and7, are all zero along the crack surface. 


For y= +00 o,, =o which is the applied stress. Hence the 
function given by equation I.8 describes a stress free crack of 
length 2a lying along the x-axis. 
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Fig. 58 


By defining a new co-orindate, ¢ , based on the crack tip, as 
¢=zZ—a, gives: 


; a(f +a) 
balegery. ey aster (1.9) 
¢°°(¢ + 2a) 
which as ¢>0 results in: 
We (1.10) 


@ 2(2a)! 2 


Now changing to polar co-ordinates, equation I.10 becomes 
(putting ¢=re"): 


exp(— 4i0) 


(1.11) 


Substituting I.11 into 1.7 yields: 


o(xa)'? 6 ( re ee *) 
= cos—: { 1 — sin—-sin— 
2 2 ea 7. 


1/2 
a A a os ( + singin) 
: = 2 2 


1/2 
o(7a 6 0 
- ( : ;Sin=- cos * cos 
(Qar)y2 22 2 


(1.12) 


It is apparent that all the stress components go to infinity as 
the crack tip is approached and also that they are scaled by the 
term o,/7a. This is a simple expression in terms of the nominal 
stress and the crack length and is termed the stress intensity 
factor, K. Equations I.12 can then be written in the more 


general form: 
o=K,.f(r, @) (1.13) 


where 0<r< <a isa restriction imposed by the assumption in 
equation 1.10. 


Equations I.12 have been obtained for a crack loaded normal 
to its surface. This is termed as Mode I loading and the stress 
intensity is therefore subscripted. Similar equations can be 
developed or Mode II (sliding) and Mode III (shear) crack 
deformations, Fig. 59. 
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APPENDIX II 
SOME STRESS INTENSITY FACTOR CALIBRATIONS 


Case 1. 


ASTM Bend Specimen, Single Edge Notch (SEN) 
Fig. 60 (a). 


i) 
2 er 
P/2 P/2 
Fig. 60 (a) 


Case 2. 


ASTM Compact Tension Specimen (CTS) Fig. 60 (b). ‘’. 


f 369.9() } 
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SEN 
K, = r1/2 
BW 


RENCE: 1/2 
16.7 <) -104.7(2) 
W W 
-573.8() “+360 
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Fig. 60 (b) 


Case 3. 


Plate under tension with central internal crack ‘**. 
Length>4W Fig. 60 (c). 


1.8 0.54 
= — a . a 
K, = 04/72 lL [— f (S) <0. 
,=%/ma | (<) | fe) Ww 


Length = 2W Fig. 60 (d) 


11 0.45 
: — a - a 
K, =0,/72 [| (ee for {—} <0.91 
1 On, Ta | (<) | (=) 


we 
in 
aca 
Z| 
Re! 
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ie eet 


2a 


Lea 


2W 


vey 


Fig. 60 (c) 


pad 


2W Cree 


Fig. 60 (d) 


Case 4. 
Infinite length beam with single edge crack “"), 
Tension loading Fig. 60 (e) 


ES es 3.25 . 
K,=1.120,/ra | 1-0.7(2) | for (=) <0.65 


Length =2W Fig. 60 (f) 


Fig. 60 (e) 


Fig. 60 (f) 


Case 5. Case 7. 
Long cylindrical bar under tension with circumferential crack Cylindrical bar under torsion with a partial radial crack Fig. a 
Fig. 60 (2). 60 (i). 


> 


1.47] 1-2 : K,=K, =0 
k,= 1120/0 [1- (2) | for (©) <0. ne 


K a t+ay7(1- a) [2 —a)+a' (mJ, + J )h/a-T 


a of (22? — [211 —a)?A? +a(A + BY ]}a” 


0 where 
A A A A a=(b-—a)/b 
ae m=0.5[a+a '] 
J, =4 arctan (a)! 
a J, = —[(l -@)/4a]-[4a"* — (1 —a)J,] 


> heal ) onal ersen (a)' | 
Lary *. [) [2 31 ci) 
rit ees 


Fig. 60 (g) 
¢ 
Case 6. 
Semi infinite solid containing a semi elliptical crack Fig. 60 
(hy, Fig. 60 (i) 


max 


n/2 a ee 1/2 
where ¢ = ! _ ( = sin’) | dé 
J0 Cr 


(i.e. a complete elliptical integral of the second kind) 


1.120,/ 
(K,) -—— ee 


7 Pots Rd a” Case 8. 
Fig SN 2 Cylindrical bar under torsion and shear with a radial crack 
Fig. 60 (j)”. 
for small values of (°) K.=K.=0 
c i i 
5 Noy 
K,,, = 0.969 a (* + “ee V : 
an l+yp ay e 
ie 
yy 
ry ’ 
Fig. 60 (h) Fig. 60 (j) 


46 


Case 9. 
Finite flat plate under tension and/or bending with a 
semi-elliptical surface flaw Fig. 61 


K,=F(c,,+Ho,). /*2 
QO 


(90) 


Tensile stress in z-direction equal to o 


Bending stress in z-direction due to bending about x-axis 
equal to o, 


Fig. 61 
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where 


and 


F= [™ + m, (®) 4 m,(2 
gd: t 


H=H, +(H,—H,)sin"9 
1.65 
Q=1+1-464(2) 


c 


M, =1.13-0.09(2) 
Cc 


M,= —0.54+0.89 (0.24 *) 
Cc 


4 
) | Abe fe . 


4, 24 
WES (Ss eat a | aeons 
: (aes) c 


H,=1-0.34(2) -0.11(£) 

t Cl 

H,=1+6,(2) 6,(*) 
“Xt 


G,=-1.22-0.12(2) 
Cc 


a 
a Z 0.2 
(:) cos’6 + sin] 
c 


f= [ see(% *) | 
W t 
(i 2 


APPENDIX III 


DATA © 


Table Il1.1. Fracture Toughness Table II.2. Fatigue 


Material Material 


Yield Stress) Toughness (K,.)| Thickness 
MP. 2 
(MPa) (MPaym) 5. (“) fam 


0. 


y 


AK for da/dN = 10° 
mm/cycle. (AK,,) 


(MPay/m) 


R = Onin 


oO 
max 


— — 


Mild Steel | 0.06-0.74 : 6.2 
Low Alloy Steel 0-0.75 : oP 
; Maraging Steel 0.67 sh She 


18/8 Austenitic 
Steel 0.33-0.43 | 3. 6.3 


Aluminium 0.14-0.87 : 2.9 
Copper 0.07-0.82 | 3. 4,3 
60/40 Brass 0-0.33 6.3 
Titanium 0.08-0.94 | 4, S71 


| Steels 


Medium 260 54 108 
Carbon 


ASTM A533B 
Q+T 470 208 489 


Maraging Steel 1800 76 4.4 


AFC 77 
Stainless 1530 83 7.36 


Aluminium + 
Alloys 


Aluminium 40 10 156 
2024 T8 
7075 T6 
7178 T6 


A useful list of sources of fracture data is: 


Hudson, C.M. and Seward, S.K ‘‘A Compendium of Sources 
of Fracture Toughness and Fatigue Crack Growth Data for 
Metallic Alloys”’ 


Int. J. Fract., 14, pp R1S1-R184, (1978) and Int. J. Fract., 20, 
pp R57-R117 (1982). 


Others 


Titanium + Al- 
loys 180-1320 55-114 4.3-1000 


Cast irons 220-1030 6-20 0.085-20.7 
Ice 85 0.2 0.014 
GFRP - 32-45 - 
PMMA 60-110 0.9-1.4 0.17-1.4 
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APPENDIX IV 


An Example of the Application of Probabilistic Fracture Mechanics 


This example is based on the analysis of a hypothetical flaw 
remaining after inspection in a main shell seam of a high quality 
pressure vessel. A simplified approach is used where only 
uncertainty in defect size and fracture toughness is considered. 
The statistical models for each are described and these are then 
used to calculate the margin of safety, with the results compared 
with those determined by a deterministic analysis. 


Material Properties 

Data relating to a range of similar MnNiMo low alloy steels is 
used. Ata test temperature of — 20°C there are 31 values for K,. 
ranging from 68 MPa,/m to 200 MPa,/m. The distribution of 
the data is shown in the histogram in Fig. 62. 


Normal distribution 


) 


0,02 


—— Log—normal 
distribution 


0,01 


Probability density function, f (K 


60 80 100 120 140 160 180 200 


Fracture toughness, K_ 


Fig. 62 


Two statistical models have been fitted to the experimental 
values and the corresponding distributions are shown in Fig. 62. 
In this case both meet the criteria of normal goodness of fit tests 
and the distributions are not dissimilar in form. However, 
attention should be paid to the lower tail region since this is the 
area which has most impact on the calculation of structural 
reliability. There are good reasons for expecting that the 
distribution of fracture toughness values will be skewed 
principally due to the effect of quality control and the 
log-normal distribution is often adopted. This will be used in 
this example. 

From the data it can be shown that the relevant log-normal 
distribution of K,. is governed by 

w=4.87 
o=0.236 
where the probability density function is defined as 


- | log. x —.2\ | 
f(x) = —— exp < 
\/27. Ox Le 


with the mean value defined by 
o a 
mean = exp (1 + <) = 134 MPa,/m 


Nie 


If it is assumed that the relationship between critical COD 


and K,. 
6. FF i 
Poe (=) 


is valid then assuming that 0, = 400 MPa and E = 210 GPa, 


—— mm 
“ 400.210 
where o, = Ee, at the yield point. 
The corresponding log-normal distribution of 6, has 
parameters 
p= —1.601 
o =0.472 
implying a mean value of 0.22 mm. 


Defect Size 


Several efforts have been made to estimate the likely pattern 
of defects that would remain in a structure after inspection. In 
essence this is a model of the efficiency of inspection since most 
construction Codes require the elimination of crack-like 
defects. 

The Marshall studies” suggested that the mean size of defect 
that would not be detected would be about 0.25” (6.25 mm) and 
this value is adopted here. 

Two statistical models are shown in Fig. 63, both with a mean 
of 6.25 mm. There are obvious good reasons for assuming that 
the distribution of crack sizes will be exponential with: 

Ftay= exp(—a/,) 
uC — exp(— t/p)) 
where t is the material thickness and » is the mean value. The 
log-normal example is based on a mean value of 6.25 mm anda 
standard deviation of 6.25 mm giving parameters: 


pb, = 1.486 
o, = 0.833 


0,15 


Probability density 
function, f(a) 


Exponentiai model 


Log normal model 


Crack depth, mm 


Fig. 63 


The two functions are not significantly different in the tail 
region, and for convenience the log-normal model is used, 
thereby avoiding the need for numerical integration in this 
example. 


Analysis 
The probability density function of the critical flaw size can 


be obtained from the probability density function of the 
material toughness. 


It is assumed in a pressure vessel shell seam that the total 
stress, 0, will not exceed the normal Code primary limits. Hence 
the membrane plus bending stress, 0, is assumed to be: 

0=0 

By using the COD design curve of BS PD6493 and employing 
a factor of 2 to obtain a critical defect size 

2E 


a. =———_—_——. 6 
; 2n(0, —0.250,) : 


_ 210 000.2 § =222 
27.0.75.400 ° : 


Hence for the log-normal distribution of 6. the corresponding 
distribution for a, has parameters: 
wu. = 3.802 
o,=0.472 


Where, to account for the constant in the relationship between 
a. and 6.: 
bh, = (log.222 + p) = (5.403 — 1.601) 
The safety margin can then be calculated as 


Shia =o 
0. Ao a 
=2.42 


and from normal probability tables the probability of fracture 
can be determined to be 
P =0.0078 
This value of less than 1% is small but is significantly higher 
than that generally assumed for high quality pressure vessels. 
By comparison a deterministic analysis could be based on the 


lower bound value of K,. which would suggest a critical defect 


size of 
ed E Age 
* m(o,—0-250,) oF 
68° 


Se | X10 = 12.2: 
7 .0.75.400° 


It may well then be assumed that a defect characterised by a 
defect parameter equal to 12.2 mm would be found and, hence, 
failure would not be considered to be credible. 

This example is intended to be illustrative but does indicate 
the degree of variability that must be expected in material 
properties and other parameters used in fracture mechanics 
assessments. 


APPENDIX V 


Assessment of the Significance of Welding Defects in a L.P.G. Sphere 


Consider a 3000m°* spherical storage tank for liquefied 
petroleum gas fabricated from a modified carbon-manganese 
steel. A weld seam is known to contain a long indication which 
is suspected to be a crack. In addition there is concern about the 
structural integrity in the presence of surface defects in the weld 
zone. The weld is located in an area where the fabricated shape 
deviates from the ideal spherical form. The local form with 
respect to a template of length, 2L, is shown in Fig. 64. 


Fig. 64 


The sphere diameter is 18 m and the shell thickness, e, is 
50 mm. Two operating conditions are considered: 


(i) hydrostatic test, internal pressure = 24 bar g 
temperature =i(iHe 
(ii) normal operation, internal pressure 
(max) = 19.2 bar g 
temperature (min) = —20°C 


The following dimensions characterise the vessel shape at the 
weld: 


(i) gauge length, 2L, = 1800 mm 


(ii) maximum deviation from template, h, =15mm 
(iii) maximum radial offset of adjacent 
plates, d, =3mm 


The presence of misalignment at the weld introduces local 
bending stresses which are secondary (i.e. self limiting) in 
nature. 

The bending stress due to the offset of adjacent plates can be 
calculated from the general membrane stress, P.,, as follows: 


3d 
Q,= ga 


e 


m 


The bending stress due to angular misalignment can be 
determined “"’ by the following expression: 


Q,=61-»)!- K- P, 
e 


a 


where 


K ~tanha 


Q@ 


.P - a we 
a? = 12(1 — re(t) +2[ 20 -¥)] ~ 
E \e AS 


The total secondary stress due to deviation from design 
shape, Q, is the sum of Q, and Q.. 


with 


The residual stress, Q’, is assumed to be equal to the uniaxial 
yield strength at the heat treatment temperature, 580°C, i.e. 140 
MPa 

For hydrostatic test conditions: 


P, =216MPa 


Q=133 MPa 


K,. =104 MPa,/m 
For normal operating limiting conditions: 


P, =173 MPa 
Q=108 MPa 
K,.=76 MPa\/m 


The material uniaxial yield strength at room temperature is 
used throughout (o, = 418 MPa). Fracture toughness values are 


based on the lower bound for generically similar material. 


Embedded Defect 


The location of the embedded defect is shown in Fig. 65. The 
defect is 5 mm deep and some 2.5 m long. In effect this can be 
considered to be infinitely long, since 


Any residual stress due to welding is likely to be compressive 
near to the weld root and, hence, it is conservative to neglect the 
effect of such stresses. 

The total stress, o, is equal to (P,, + P, +Q+F). 

Since P, and F are equal to zero. 


oe (Pe T Q) 


For hydrostatic test conditions the total stress is equal to 349 
MPa which is less than the material uniaxial yield stress of 418 
MPa. 

Hence, the linear elastic approach of BS PD6493 can be used 
if a valid K,. value is available. 


Embedded defect 


e=50mm 


Postulated surface 
flaw 


Fig. 65 


Based on: 


t=Smm. 
e=50 mm. 
]|=oo 

p=20mm 


then the following values can be derived from the relevant 
figures in BS PD6493 


Q, = 0.565 (Fig. 7) 
M,, = 1.0 (Fig. 8) 
M, =0.14 (Fig. 10) 


and hence, 


K, Pe ale (0,,M,,, a o,M,) 


K, = 20.8 MPa/m 


Since K,<0.7 K,, at the relevant temperature the defect is 
acceptable from fast fracture considerations. 
Similarly for normal operating conditions 


K, = 16.6 MPa,/m 


which is less than 0.7K,. at the relevant minimum temperature. 

Hence the defect does not render the vessel unfit for service 
and repair is not required, unless cyclic duty demands lead to 
sufficient crack propagation as to cause failure. 


Surface Defect 


The location of a postulated long surface defect is shown in 
Fig. 65. Residual tensile stresses would be expected in this 
location and are, hence, included as if membrane in nature. 

The total stress, 0, exceeds yield in both conditions under 
consideration and, hence, the COD design curve is employed. 


The tolerable defect parameter, a 
For hydrostatic test conditions:, 


is calculated as follews: 


m? 


o=P,+P,+Q+Q'+F (P,, F=0) 
@ _216+133+140_, 1 
0, 418 
Fron: BS PD6493 Fig. 14 (COD design curve) for ferritic steel 
C= Os 


= 0.0108 m 


For limiting normal operating conditions: 


=P reo S00 PF —0) 
Oa 173 + 108 + 140 _ 1.01 
0, 418 
From Fig. 14 
C= 0.21 
and 
_ ee 
a,, =0.21 (“) 
oO, 
= 0.0070 m 


The defect parameter for each operating case is, therefore, 


(i) hydrostatic test a= 10.8 mm. 
(ii) operation a=7.0mm 


It is clear that, in this case, hydrostatic test would not be the 
critical event since under operating conditions smaller defects 
would be unacceptable. 

This tolerable defect parameter can then be converted to an 
equivalent flaw. For a long surface defect, using Fig. 12 (BS 
PD6493) a tolerable defect parameter of 7.0 mm is equivalent to 
a long surface flaw 5.0 mm deep. It is reasonable to assume that 
a defect of this size would be found by inspection using 
magnetic particle techniques. 


APPENDIX VI 


Estimation of Tolerable Flaw Size in a Rotating Torque Tube 


\ rotor shaft is arranged as indicated in Fig. 66. It runs intwo 
bearings with an overhung prime mover (a wind turbine) on one 
end. The transmitted power is 3MW at a rotational speed of 34 
rev/min. 


2460 | 
i 


27kN 


600 kN 


831 kN/m 


Fig. 66 


It is necessary to demonstrate that the structure is tolerant to 
small defects associated with the weld between the outboard end 
forging and the torque tube. This requires the estimation of the 
tolerable flaw size associated with this location. 

The design life of the structure is 25 years, which for an 
operational utilisation of 80 per cent infers about 3.5E8 cycles. 
It is evident that the anticipated number of load cycles exceeds 
thevalueat whicha fatigue limit would normally be expected fora 
steel. The assessment is therefore based on the concept of no 
perceptible crack extension and so, forthe tolerable defect size: 

AK<AK,, 


It is conservatively assumed that all load cycles are at full 
power (since cyclic crack tip stresses are predominantly 
dependent on selfweight effects this is not a severe conservatism) 
and that the defect of interest is a long circumferential surface 
breaking crack. 

On the basis of the distribution of weights and moments 
shown in Fig. 66 the bending moments and shear forces for the 
“‘beam’’ can be determined, as shown in Fig. 67. As the tube 
rotates so the stress field at the weld position due to these 
bending moments and shear forces reverses. This effect of 
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Fig. 67 


a 
w 


rotation is superimposed on a stress field, considered to be 
constant, due to a residual tensile stress transverse to the weld 
and a torque-induced shear stress. 

Consider first the applied mean stresses, in terms of the 
notation shown in Fig. 68. The residual stress is assumed to be: 


o,=90 MPa 


The shear stress is calculated from the applied torque as: 


where r, is the outer radius of the tube, T is the applied full load 
torque and J is the polar moment of inertia, in appropriate 
units. Using the dimensions in Fig. 66 and the assumptions 
above: 
r,=0.765 m 
(ee) (0: 765* - 0.715") 
2 2 
=0;2107.m°" 
_ Power 3E6 
ew 29.34 
= 843 kNm 
Hence the mean value of applied shear stress is: 
: _ 843.0.765 _ 5.1 MPa 
a 0.127 
As indicated in the lower diagram in Fig. 68 it is clear that the 
direct axial stress (o,) relates to Mode I loading and the 


Ape 5 


ih 60 


Fig. 68 


circumferential shear stress (7,,) gives rise to Mode III loading 
(See Fig. 59). The cyclic variant component of these stresses due 
to rotation can be determined from the bending moment and 
shear forces indicated in Fig. 67. 

At the weld location the bending moment due to selfweight 
effects, M, is equal to: 


M= —660 kNm 
and the shear force, F, is equal to: 
F= — 367 kN. 


The cyclic stress range due to the bending moment, Aq,, is 


determined as: 
2.660E3.0.765 2 
N/m 


Ao, = ee 
m(1.53° — 1.43°)/64 
=15.8 MPa 
Direct stress 
9, 
100 MPa 
90 
80 
i] 
n/2 T 32/2 2a 
Shear stress 
Tw ’ 
10 MPa 


37/2 2n 


n/2 7 


Fig. 69 


The maximum shear stress in a thin walled tube of section 
area, A, due to an applied shear force, V, is approximately: 
V 


Tmax 2 
: A 


Hence the cyclic shear stress range, with the maxima 
occurring at 6 = 90° and 270°, is determined as: 


2.2.367E3 
m(1.537 — 1.437)/4 
=6.3 MPa 


N/m 


To 


The pattern of cyclic variation is shown in Fig. 69. It is clear 
that the residual stress dominates the stress field and it is 
reasonable to ignore the small swing of the direction of the 
principal stresses during rotation. 


The solutions for K, and K,,, are obtained for a circumferen- 
tial crack in the external surface of a tube from Rooke and 
Cartwright” Figs. 154 and 155. The form of the graphical 
solutions is as follows: 


kunt (7) (2)} 


a is the crack depth, 

t is the wall thickness, 
r, is the inner radius, 
r, is the outer radius. 


To obtain AK, and AK,,, the values of Ao, and Az,, are used. 
The following values are found: 


where 


AK, + AK,,, 
AK 


th 


The effect of mean stress on threshold values has been 
discussed in Section 3.1.1. Garwood" indicates that for ratios 
of minimum stress to maximum stress greater than 0.7 a 
reasonable lower bound value for the threshold for mild steel is: 


AK,, =2 MPa\/m. 


In this case: 


and, hence, the Garwood lower bound value is used. In the 


-absence of any better information it is assumed that this value is 


also relevant to Mode III loading. 

This example is complicated by the fact that the peak values 
of AK, and AK,,, are out of phase. Considered singly it is clear 
that AK, is the limiting case and to satisfy the condition 


AK,<AK,, 


then 


a<4mm 


However if the phasing is not considered then it is necessary 
to relate the combined effects of AK, and AK,,, to AK,,. Pook” 
has suggested that a lower bound failure envelope is defined by 

Ein + SS =1.0 
AK, AK,, 

In this case the corresponding crack depth is estimated to be 
2.25 mm. 

In view of the conservative assumptions made this value is 
considered to indicate that the structure is tolerant to the form 
of defect assessed and that any defects which would grow in 
service have a high probability of detection using a suitable 
surface crack detection method. 


APPENDIX VII 
R6 Analysis of a Cylindrical Shell 


For the demonstration of the application of the R6 Method 
consideration will be given to a long cylindrical shell which is 
illustrated in Fig. 70. 


Longitudinal crack of 
_- length, |, and depth a 


Fig. 70 


The basic parameters are: 
p=6.3 MPa 
D, = 1070 mm. 


internal pressure, 
external diameter , 
wall thickness ; t=35mm 


The tube is assumed to contain a longitudinal defect 
associated with a longitudinal weld. This postulated defect is 
assumed to be a semi-elliptical surface crack of length, 1, and 
depth, a, with an aspect ratio equal to 


=0.1 


—| 2 


The tube is fabricated from a carbon manganese steel with a 
specified minimum yield strength of 150 MPa and a specified 
minimum tensile strength of 430 MPa at room temperature. 
The lower bound plane strain fracture toughness at the 
minimum operating temperature is assumed to be 70 MPay/m. 

The hoop stress acting normal to the crack can be determined 


to be: 
D.—2t 
o,=p(— = 90 MPa. 
2t 


It is assumed that no additional stresses due to applied loads 
are present but that a residual stress, o,, equal to 60 MPa is 
considered to act normal to the crack. 

An R6 assessment to determine the critical crack depth is 
carried out on the basis outlined above for the following cases: 


Case 1. pressure stresses only. 


Case 2. pressure stresses and residual stresses considered as 
membrane in nature but only pressure stresses 
contribute to collapse (since residual stresses are 


self limiting across the section). 


wn 
wn 


Case 3. pressure stresses considered as membrane and 
residual stresses considered as bending in nature 
but only pressure stresses contribute to collapse. 

Case 4. pressure stresses and residual stresses considered as 


membrane in nature, both contributing to collapse. 


In each case a locus is plotted on the R6 failure assessment 
diagram for various values of crack depth, a. 


Plastic Collapse 

The solution for S, is based on the relationship: 
I 
m 


ae | 


Ri 


where a is the applied stress and o is the material flow stress, in 
this case: 


ee ee 
2 2 
The bulging factor, m, is calculated using the expression given 
in: 
P 1/2 
m= (: + 0.263 ) 
rt 


where r is the radius of the shell. 


The results obtained are as follows: 


Case1, 2,3 


Fracture 


The definitation of K, is: 


In this example the solution for K, is based on the Newman 
and Raju relationships given in Appendix II. The value of K, 
determined by this flat plate solution is modified by the bulging 
factor, m, used in the plastic collapse solution. The relationship 
for the applied stress intensity factor is: 


K,= (Fo, + FH, ) m 


where in 


Casel o,= 90MPa o,=0MPa 
Case2 o,=150MPa o,=0MPa 
Case3 6, = 90MPa o,=60MPa 


Case4 as Case 2. 


For a crack with 


—|2 


then the values of Q, Fand FH can be determined for each value 


of (°) of interest. 


Q=141.464(0.2)'* = 1.103 


Using these geometric properties and the applied stresses for 
each case the relationship of applied stress intensity to crack 
depth is calculated and K, determined. 


Assessment 


The corresponding loci for the four cases are shown in Fig. 
71. Based on the failure assessment line the critical crack depths 
for each case can be estimated as follows: 


Case l. 26mm 
Case2. 19mm 
Case 3. 24mm 
Case 4. 18mm 


O Case 1 “4 
A Case 2 / / 
4 Case 3 as 
K, @ Case 4 / / were 
a an 30 


Fig. 71 


The effect of the assumptions, particularly the modelling of 
residual stresses, is apparent. In each case the failure is 
predominantly controlled by the fracture term K_. 


The third revision of R6 to be published in 1985 suggests the 
use of a more conservative failure line for carbon and 
carbon-manganese steels. This is shown in Fig. 71 as a chain 
dotted line. Using this to determine critical crack sizes yields the 
following result: 


Casel. 24mm 
Case2. 18mm 
Case 3. 22mm 
Case4. 15mm 


It is emphasised that the critical crack depths calculated for 
the postulated flaw do not contain specific safety factors, 
although the use of lower bound and specified minimum 
material values implies conservatisms. If the values determined 
above are used to determine acceptance criteria for inspection 
purposes some lower value should be adopted to account for 
uncertainties. However, the calculations do suggest that it 
would be unlikely that defects which were undetectable would 
lead to failure unless the cyclic loading was sufficient to cause 
rapid crack growth. Tolerable start of life defect sizes could, of 
course, be determined using a fracture mechanics assessment of 
fatigue crack growth in combination with the above analysis. 
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Discussion on the Paper 


ENGINEERING FRACTURE MECHANICS 
AN INTRODUCTION AND REVIEW 


by A. D. Cameron and R. V. Pomeroy 


DISCUSSION 


From Mr. R. H. Crowther: 


I first read the paper many months ago and I was very 
impressed with the scope of it. It collects a large number of facts 
—which are not easily found without much reading—in a 
readily usable form, and I congratulate the authors on their 
diligence and knowledge. It will, lam sure, become a standard 
of information on this subject to both the outside Surveyors, 
and to those sitting at desks trying to understand the problems 
of growth of fractures. It should also help the outside Surveyors 
to know why they are witnessing crack opening displacement 
tests, and what use will be made of the results. 

The Machinery Design Appraisal department has to date had 
a relatively minor involvement in fracture mechanics. 

The IMO Rules for the design vapour pressure of indepen- 
dent tanks type C for the carriage of liquefied gases are based on 
a fracture mechanics concept. 

Recently, as you may be aware from an article in 100A1, 
Burmeister and Wain have been constructing crankshafts by a 
full penetration narrow gap weld in the centre of the journal, 
and in some cases the centre of the pin. 

Welds contain linear defects and it was thought Linear-Elas- 
tic Fracture Mechanics the safest and most satisfactory 
approach to examine what would happen to such a defect. As 
the welds were circumferential the most likely orientation of 
defects would also be circumferential. 

The stresses acting on such a defect arise from the bending 
moments and torsional torques which exist in the crankshaft. 
This gives a mixed Mode I and Mode III type loading. There is 
not a lot of information on this type of combined loading, and 
most of it is more recent than our original approval of the 
welded crankshaft. We thus limited our study to Mode I loading 
in conjunction with the stresses from the bending moments. 

All cracks grow, but some grow so slowly that this cannot be 
detected even after a considerable number of cycles (this is the 
threshold value) and we are interested in the size of a defect 
which can be accepted because it will not show a significant 
growth in service. A slow speed diesel engine experiences about 
10° stress cycles in a 20 year life. A growth rate of 10° mm/cycle 
could be regarded as insignificant. A suitable threshold value 
for the particular material was obtained by means of fracture 
mechanics testing and this enabled an estimate of the maximum 
defect size that we could allow to remain in the weld. 

By ‘size’ in this case is meant the through-thickness 
dimension. The bending moment gives rise to tensile stresses at 
the embedded defect; these do not vary materially over the 
depth of the defect. They are thus similar to those resulting from 
a tensile load. It has always perturbed me that in such a case only 
the through thickness depth of the defect is important and the 
length of the defect plays a minor part. It appears that a long 
defect is no worse than a short defect. 

Could the authors please comment on this aspect? 


From Dr. F. A, Khayyat: 


I would like to thank the authors for this well written and very 
readable paper. The paper is a comprehensive document, well 
referenced, and contains a very useful collection of fracture 
mechanics information in one source. Mr. Pomeroy is also to be 


congratulated on his excellent presentation of the paper to the 
Technical Association. 

As a first comment it would seem to me that some of the 
detailed theoretical work is perhaps unnecessary particularly 
for the outport surveyor, where such detail might deter him 
from attempting to read the paper. On the other hand, it may be 
argued that the paper may be read at different levels and by 
different groups, each group extracting the maximum useful 
information from it. I would have preferred the paper to be split 
in two parts, one dealing with the literature survey and theory, 
and the other with the practical application of fracture 
mechanics in assessment methods and quality control 
procedures. 

With regard to Section 2.5 of the paper on Elastic-Plastic 
Fracture Mechanics, it is worth noting that both COD (or 
CTOD as it is now known) and J approaches have their 
limitations. For example some of the assumptions on which the 
CTOD equation of BS 5762:1979 is based could give a 
calculated CTOD value not equivalent to the actual displace- 
ment at the crack tip. Similarly, there is also reason to believe 
that the laboratory J estimates, as determined from ASTM 
E813-81'”, may not measure J as defined by Rice in many cases 
(2) Although the experimental estimates of J and CTOD may 
not always correspond to true values, nevertheless, as deter- 
mined by their respective standard they provide self-consistent 
measures of toughness to quantify the resistance to crack 
extension. 

The CTOD test has the advantage of providing the only 
standardised fracture toughness test that can be used in the 
entire range from plane strain linear elastic behaviour (K,.) to 
the initiation of ductile tearing behaviour (J,.). The J test is 
however intended for the upper shelf where it provides a critical 
value J,, although some proposals have been put forward for a J 
equivalent of the CTOD test. The important advantage of the J 
test is that the determination of J,. facilitates the calculation of 
K,. without the use of prohibitively large specimens for the K;, 
test. Some suggestions ", including reference to single 
specimen methods, have been put forward to modify the J;. test 
of ASTM E813. 

Fig. 27 in the paper needs some clarification. The CTOD 
load-clip gauge displacement traces from the lower to the upper 
shelf are as shown in Fig. D.1. 

It is relevant to mention at this point that the Crawley 
Laboratory had embarked on a programme of work with the 
aim of providing a testing capability in fracture mechanics. The 
work concerned mainly CTOD testing. Some limited tests were 
also undertaken to determine stress intensity factors by 
photoelasticity. With regard to fatigue crack growth in 
Section 3 of the paper, and following from the statement that 
there is a direct relationship between S-N curves and crack 
growth curves, it would be very useful if this were discussed 
more fully by the authors and indicated in some form perhaps 
graphically. This might also help in harmonising the S-N 
curve/fracture mechanics critique. 

As I understand it from Section 3.1.2 of the paper when a 
crack initiates (at a notch root) its behaviour is controlled by the 
surrounding plastic stress field and hence it can be considered as 


Load (P) 


Clip gauge displacement (V) 


1. Unstable fracture at V,, P, (leading to 6,) 

2. Arrested brittle crack or pop-in at V., P. (leading to 6.) 

3. Slow crack growth initiating at V,, P,; followed by 
unstable fracture at V,,, P,, (leading to 6,) 

4. Slow crack growth initiating at V,, P, followed by 
arrested brittle crack or pop-in at V,, P,, (leading to 6,) 

5. Maximum load plateau at V,,, P,, (leading to 4,,) 
indicating initiation of slow crack growth at V;, P.. 


Fig. D.1 CTOD Load v. Clip Gauge Displacement Traces 


a short crack and no fracture mechanics techniques may be 
applied to it. When this crack has become long enough it is then 
controlled by the nominal stress field and fracture mechanics 
methodology may be applied. For the purpose of this 
discussion, what is a typical dimension of a short crack and ofa 
long crack? Could the length of these cracks be related to some 
structural dimension? 

Another point not directly related to this stems from the AK,,, 
value where it is assumed that no crack growth takes place below 
this threshold value. On a practical level there are some workers 
who argue that any crack in a weld however small will be 
considered as self-propagating. Have the authors any further 
views on the subject? Of course all this is, to a large extent, 
dependent on the accuracy levels of crack detection techniques 
that are available at the time. 

It is useful to supplement Section 4.4 of the paper on Charpy 
—K,. correlations by the inclusion of a reference to similar work 
seeking to correlate CTOD and Charpy V data. The work 
reported by Dolby in 1981 is a review of the relevant literature 
and pertains to the CTOD/CYV correlations in certain circum- 
stances in steel welds. 

The concepts cited in Sections 5.1 and 5.2 of the paper, i.e. 
crack arrest and leak before break respectively are important. 
Could the authors give some examples demonstrating the 
application of these concepts to actual problems? 

In the opening paragraph of Section 5.5 on residual stresses, 
the absence of any reference to experimental techniques in stress 
analysis is unfortunate. At present numerical methods are not 
always competent to deal effectively with every aspect of stress 
analysis and there is also the need to assess software reliability. 
The mere fact that a numerical solution furnishes a result does 
not in itself give any credence to the accuracy of that result. Ina 
recent study where a simple geometry pump casing was 
subjected to internal pressure, a comparison between a 
photoelastic analysis (undertaken by the Crawley Laboratory) 
and the use of more than one numerical solution (undertaken by 
AES) showed the limitations of the numerical packages with 
their differing results ‘°°. Whilst numerical methods are getting 
updated and validations of the software occur from time to 
time, they must be used with caution and with some degree of 
questioning. The advent of the boundary element method is a 
valuable contribution to the overall domain of numerical stress 
analysis and particularly its increased accuracy when applied to 
fracture mechanics type problems”. 


Alas Section 10.3 on material selection does seem to be 
inadequate with one sentence in the second paragraph attemp- 
ting to explain ‘‘all’’. Could the authors cite an example where 
a CTOD value is quoted for material selection and the method 
that was used to obtain this value? 


From Dr. P. H. R. Lane: 


Firstly, I would join the previous speakers in congratulating 
the authors on presenting a quite remarkably clear and easily 
read account of what can be quite a complex subject. I know 
personally several of the authors cited in the list of references, 
and few, if any, of them could make this subject as clear as have 
the present authors. They obviously have a thorough under- 
standing of the topic. 

I note that in their ‘‘Closure’’ the authors remark that 
‘Fracture mechanics is a tool for engineers, although some 
materials understanding is, or course, required’’. As I am 
responsible for the metallurgical work of the Society, perhaps I 
should establish my credentials to make a comment on this 
paper. These credentials are historic in that I was responsible for 
the practical operation of the first of the Wells Wide Plate tests 
(this incidentally was a crack arrest test) and I was also 
responsible for a short-lived programme of tests on the 
precursor of the COD test. 

I would not attempt to comment on the mathematics of 
fracture mechanics, but I would say a few words on the 
philosophy of testing, particularly with reference to specifica- 
tion values. The most widely used test for toughness of steel is 
the well-known Charpy test. There is little, if any, theoretical 
justification for this test, and even less is there a theoretical basis 
for the acceptance values. These values are derived from service 
experience. A vast mass of this experience with respect to ships 
was presented in an orderly fashion by Hodgson and Boyd ata 
meeting of the Institute of Naval Architects in 1958. That paper 
concluded that the specification minimum should be 35ftlb, 
which was in our Rules for many years. 

Since that time the application of the Charpy test has been 
extended and the original acceptance value given above has 
been modified. However this has been achieved in small 
increments, whilst endeavouring to maintain a close relation- 
ship with service experience. I would suggest that we depart 
from this principle at our peril. I think that the authors probably 
agree, since in many places in their’paper they draw attention to 
the existence of unquantified, and perhaps unquantifiable 
safety factors, and to the empirical nature of some of the 
constants used in the equations. 

To illustrate the point let us consider the COD test and the 
method of calculating the plastic component of the crack tip 
opening from the reading of the clip gauge, which is 
conventionally attached at the crack mouth. In a recent paper 
from the Australian Welding Research Association it was 
proposed that the rotational constant used to derive crack tip 
openings from crack mouth measurements should be changed. 
Different standards give values for this constant ranging 
between 0.4 and 0.5. Any change in the value of the rotational 
constant would lead to a change in the ratio of crack tip opening 
to crack mouth measurement, with a corresponding change in 
the reported value for the crack tip opening displacement. So, 
what becomes of the COD ‘‘acceptance values’’ based rather 
loosely on what sometimes seems to be a limited understanding 
of the theory? 

I would submit the introduction of a new test into 
specifications needs to be the subject of careful thought. It needs 
to be carried out slowly and based on relevant service 
experience. Engineering, like Politics is the Art of the Possible, 
although in the case of engineering we are also subjected to 
economic restraints. 

I do not speak of the use of fracture mechanics to estimate the 
safety of an existing structure or component. Here, there is no 
doubt that the technique can be very useful. 


WRITTEN CONTRIBUTION 


From Mr. B. Rapo: 


Techniques based on Fracture Mechanics have not so far 
established themselves as a reliable structural design tool 
though their potential is recognised. If it is accepted that any 
welded structure contains a large number of defects particularly 
in the weld zones it would be invaluable to have guidance on the 
size of defects which are unlikely to result in crack propagation 
and hence lead to material failure. 

With this objective in mind perhaps techniques based on 
fracture toughness or a stress intensity curve such as the one 
shown in Fig. 45 may be of interest. 

For example, assuming a fairly typical stress field of 200MPa 
and an ambient temperature of 0°C and further assuming that 
NDT temperatures are for normal shipbuilding steels as shown 
in Table D.1, the ‘‘dormant’’ defect lengths were calculated 
using K,, as given in Fig. 45 and the relationship: 


2a=2K,,20°m 


Table D.1 


I would be grateful if the authors would comment on the 
following: 
(a) arethe defect lengths as givenin Table D.1 considered, in 
practical terms, representative of tolerable defects under 
the assumptions made? 


(b) the result is obviously dependent on the accuracy of K,, 
information. How much reliance can one place on the 
given expression for K,, considering that it does not 


contain a term which would reflect the influence of strain 
rates? 

Has the analytical expression given been derived from 
experimental results? In such a case one would expect a 
relatively wide scatter of results which is not evident from a 
single line curve. Finally, is there a similar expression for typical 
shipbuilding steels? 


From Mr. A. B. Smith: 


The authors are to be congratulated upon producing a clear 
treatise of a rather complex subject which is of interest to all 
Surveyors within the Society. 

This paper is sure to become a standard reference for those 
engaged in Fracture Mechanics. It should be recognised that the 
concept of fracture mechanics analysis is still very much in its 
infancy, as was the classical fatigue analysis thirty years ago. 
The avenues of approach to the problems are forever changing 
so it may be that some time in the near future some comments 
may be ‘‘not quite right’’. This must be kept in mind when 
referring back to this paper in the years hence. 

It is difficult to criticise a paper as well documented as this, 
but three topics have suggested themselves whilst reading, and 
listening to, the presentation of the subject: 


1. It would appear that factors of safety vary from code to 
code and are not stated. This will be disconcerting when 
trying to decide which code to adopt if requested to 
accept defect levels. Perhaps some guidance could be 
given, or should the code which gives the most 
conservative result be used? 


2. The use of computing techniques, i.e. Finite Element 
modelling, and photo-eleasticity are noticeably miss- 
ing. Are these of use in assessing defects, and, if so, 
could the authors expand a little upon their use? 


3. The concept of crack arrest is of particular interest. 
However, the authors have suggested that this can only 
be considered at the design stage. Can retrospective 
crack arrest be applied to keep a component in service 
longer than would have been the case with a growing 
crack? 


AUTHOR’S REPLY 


CORRIGENDA 


The following errors and omissions have been identified 
which affect the technical correctness of the paper: 


Page 12, Col. 1, para 6—in reference to ‘‘equation (40)’’ should 
read ‘‘equation (41)’’. 


Page 17, Fig. 27—the caption to curve | should read ‘‘Unstable 
fracture (6,)”’. 


Page 21, Fig. 34—“‘a,”’ and ‘‘a,’’ should be reversed. 

Page 28, Fig. 45—the temperature scale is in °C. 

Page 29, Fig 47—‘‘om”’ should read ‘‘o,,”’ 

Page 33, Para 7.5—‘‘WES 2808”’ should read ‘‘WES 2805’’ 
Page 34, Fig. 52 and line 4—shift should be referred to as 


O-+ 


Page 47, Col. 1 —‘‘®”’ should read ‘‘Q”’ 
Page 51, Col. 1—para 4 line 2 reference should read °” 
Page 51, Col. 2 line 1—‘‘Q’”’ should read ‘*Q’”’ 


@ Page 52, Col. 2 line 11—‘**Q’”’ should read ‘*Q’”’ 


To Mr. Crowther: 


In view of the regular flow of fracture mechanics cases, 
mostly related to pressure vessels for nuclear and petro-chemical 
service, received through LR Industrial Services it is somewhat 
surprising that very few examples have been considered in 
machinery plan appraisal. The marine industry possibly has not 
yet moved towards the idea of ‘‘fitness for purpose’’. By 
comparison the offshore industry, perhaps because of its close 
ties with land-based industry, has made considerable use of 
fracture mechanics analysis in the substantiation of defect 
rejection levels. 

The analysis of a welded crankshaft cited by Mr. Crowther is 
a deceptively complex case. The loading to which a crankshaft 
journal is subjected is made up of several parts, some constant 
and some cyclic. All vary with the output power. Some of the 
cyclic loads vary in relation to crankshaft rotational speed but 
others have higher frequency components. There is no direct 
functional relationship between the load components. This then 
is a classic mixed-mode loading situation where variable 
amplitude, non-proportional loads are concerned. Although 
predominantly a Mode I and Mode III case there is also a Mode 


II component for internal cracks, caused by direct shear. 

In these circumstances some idealisations have to be made 
and it is usual to resclve the defect normal to the plane of the 
maximum cyclic principal stress. The crankshaft then produces 
a further complication in that the direction of the principal axis 
varies throughout the cycle, due to the relative phasing of 
torsional and bending effects. The reduction of a complex 
problem of this nature to obtain an essentially single mode 
solution depends entirely on the relative significance of the 
constituent loads and is based on an engineering evaluation of 
the factors involved. No general guidance can be given. 


In the paper no specific mention was made of the growth rate 
considered to be the threshold. Often a value of 10°’ mm/cycle 
is assumed to define A K,, as this is approximately the equivalent 
of a crack growth of one lattice spacing per cycle. Values of 
crack growth rates lower than this value have been measured 
and are often attributed to only part of the crack front being 
active on each load cycle. There is, however, considerable 
interest in lower growth rates, particularly for rotating plant 
where 10°-10'' stress cycles may be experienced during the 
design life. Clearly, as Mr. Crowther has observed, a crack 
growth rate of 10°’ mm/cycle is not acceptable. When 
interpreting the values obtained by experiment it is necessary to 
establish that the measurement arrangement is capable of a high 
degree of resolution. A d.c. potential drop method, ona regular 
specimen, can be arranged with the use of amplification to have 
a resolution of 0.05 mm. Hence if a crack growth of 0.05 mm is 
measured over, say, 5 million cycles a crack growth rate of 10~° 
mm/cycle can be inferred. Due to the time taken to complete 
such tests the equipment must be very stable. As a further 
observation crack growth thresholds are often measured by 
reducing the applied stress intensity factor incrementally until 
crack propagation effectively ceases. In general this will 
produce a lower value of AK,, than that required to initiate a 
fatigue crack at a defect, and hence is regarded as conservative. 
However, the incremental steps must be selected so that stress 
history effects are minimised. 

Mr. Crowther’s last point raises several issues. In general one 
direction of crack propagation is considered and this is why for 
quite complex shapes a single value of stress intensity factor is 
derived. It is possible to obtain values for all points around a 
defect and to evaluate crack growth in each direction but this is 
not usually necessary. In the situation considered by Mr. 
Crowther the direction of growth being evaluated is radial and it 
would not be expected that the circumferatial length of the 
defect would markedly affect the value of the stress intensity 
factor at the radially outermost point. The whole of the crack 
front is assumed to propagate in a uniform manner. The length, 
of course, becomes very signficant when establishing the upper 
limit of crack growth, especially where collapse dominates. 


To Dr. Khayyat: 


A great deal of thought went into the decision on the basic 
scope and organisation of the paper. It is undoubtedly rather 
lengthy but it was considered that a general introduction to 
broad subject matter was required together with a more detailed 
account of specific topics. No doubt further papers could be 
presented on many of the areas covered. It is noted that Dr. 
Khayyat has asked for more examples to be given on crack 
arrest and leak-before-break concepts. This is entirely indica- 
tive of the quandary encountered during the preparation of the 
paper and in both cases it was considered that the text did not 
need a numerical example to enhance comprehension. It may be 
useful to collect together a series of worked examples from 
various areas of the Society’s business and publish these as a 
future LRTA paper. 

Dr. Khayyat, in developing the fracture mechanics capability 
of the Research Laboratory, has had a very close association 
with The Welding Institute who have been leading advocates of 


the COD tests, and have now opted to refer to this as the CTOD 
(crack tip opening displacement) test. In other parts of the 
world CTOD has not been adopted. There is some logic in 
specifically attributing the parameter determined by test to the 
crack tip. Of course, in the test the crack mouth opening 
displacement is measured. If a single clip gauge is used some 
assumption has to be made about the location of the point of 
rotation of the plastic hinge. BS5762 assumes that this is 40% of 
the ligament thickness in advance of the crack tip. This is not an 
exact relationship and, hence, the derived value may not exactly 
relate to the crack tip. Some experimenters have used a double 
clip gauge to give two bases from which to infer the crack tip 
opening displacement. Dr. Khayyat’s further remarks on the 
experimental aspects of fracture mechanics testing serve to 
amplify the paper. 

The reference to a direct relationship between S-N curves and 
the Paris-Erdogan crack growth law relates to cracked bodies 
where the life is determined by crack propagation and not 
initiation. The integrated form of the crack growth law given in 
equation (44) of the paper can be written as: 


rd da 

aj (Fx/aa)” 

For a given structural detail and fabrication standard F and a, 
(the initial crack size) are constants. Since crack growth is 
exponential the life difference inferred for a reasonable range of 


loadings due to differences in final crack size at failure is small 
and it is therefore reasonable to consider a, as a constant. Hence 


the right hand side becomes a constant for a given detail giving: 


A (4o)"N, = | 


(Ao)"N, = constant 


which is the S-N relationship. It should be noted that the 
exponent of the Paris-Erdogan law is directly related to the 
slope of the log (Ao) against log (N) line. This equivalence is 
particularly useful when considering welded joints where small 
defects are inevitable in well-defined regions, such as the weld toe. 

There are fracture mechanics methods which can be used in 
short crack situations where linear elastic criteria are violated. 
These are generally much more cumbersome to use and are 
often of a specific nature. It is very difficult to give guidance on 
the length at which a short crack becomes a long crack. In the 
absence of a notch the linear elastic (AK) relationship holds for 
cracks down to a length of about 0.1 mm for lower strength 
materials and for higher strength materials may be valid for 
cracks about one order of magnitude smaller. With notch 
problems an evaluation of the point at which the notch effect 
ceases to dominate must be made. 

The subject of threshold values has been aired in response to 
Mr. Crowther. It is assumed that when Dr. Khayyat refers to the 
self-propagation of weld cracks he is not considering stress- 
cyclic crack growth but is referring to crack development due to 
the internal environment of the weld itself, for instance the 
so-called static fatigue due to hydrogen embrittlement. 

Dr. Khayyat’s reference to the use of experimental stress 
analysis methods is not strictly relevant to the paper. However, 
the reference to the use of analytical and numerical methods of 
stress analysis in the paper does cover the vast majority of cases. 
The exercise referred to by Dr. Khayyat involving AES did show 
up some weaknesses in certain finite element solutions but also 
confirmed that reasonably accurate predictionsof stresses could 
be obtained by using appropriate solution routines. The cost 
incurred in producing photoelastic results is generally very 
much higher than that associated with finite element and 
boundary element methods, due to the large labour input. When 
considering the stress analysis of cracked bodies it is usual to 
determine stress intensity factors for a variety of crack sizes. 
This can be easily performed numerically by ‘‘unzipping”’ finite 
element meshes. The cost of producing several photoelastic 


models rapidly becomes excessive in complex cases. To a large 
extent data generation and results analysis packages, fast large 
computers and well developed programs have reduced the 
competiveness of experimental stress analysis. 

Finally the question of material selection is discussed more 
fully in response to Dr. Lane. 


To Dr. Lane: 

It is an unfortunate fact of engineering life that as new 
concepts are introduced which allow more accurate modelling 
of material behaviour the problems of interpreting the 
acceptability of the predictions seem to increase. Back-of-the- 
envelope methods with large safety factors, like the empirical 
impact test, have served industry very well. One of the 
conceptual difficulties of fracture mechanics is the mix of nice, 
theoretical models with empirical factors. Better models 
inevitably become more complex and are of less use outside 
specialist areas. 

There does seem to be a tendency for the specification of 
materials in certain industries to include a fracture toughness 
value. The value selected often seems to be a ‘‘good number’’ 
plucked with little consideration of the requirement for the 
particular structure. This is clearly not satisfactory. The 
selection of a ‘‘good number’’ may be acceptable with the 
““experience’’ route since there is no direct relationship between 
the impact values selected and the engineering integrity. 
However, if it is desired to specify a fracture toughness 
requirement the following process is recommended: 


(i) a full stress analysis must be carried out to determine 
the most heavily loaded areas in each material type and 
thickness. 


(ii) where it is necessary, to determine accurately through 
thickness stress patterns under each loading condition, 
a further more detailed stress analysis, including 
consideration of residual stresses, must be carried out 
for each selected area. 


(iii) an evaluation must be made of the likely defect types 
and orientation by considering the fabrication process. 


(iv) an evaluation of the performance of the prescribed 
NDE method must be made to determine the smallest 
defect which can reasonably be expected to be found 
with near certainty. 


(v) the end-of-life crack size must be estimated from the 
stress history prediction and an assumption of initial 
size. 


(vi) plastic collapse checks must be made on the estimated 
end-of-life ligament. 


(vii) based on the end-of-life crack size and the worst case 
stress field the necessary fracture toughness to prevent 
crack propagation in an unstable manner is deter- 
mined. 


It is prudent to use conservatism in this type of assessment but 
it is also reasonable to allow for in-service inspections (where 
repair can be undertaken). By this type of evaluation a 
specification requirement can be defined which corresponds 
directly to the consideration of structural integrity. Whether a 
safer structure will follow is not clear—the empirical route 
based on cheap impact tests has an excellent record. 


To Mr. Rapo: 


Firstly it is emphasised that the curves shown in the paper as 
Fig. 45 and Fig. 48 refer to reactor pressure vessel steels and are 
intended for use in relatively thick sections. Secondly these 
curves are lower bounds of all known data at the time of 
preparation. 

For a large plate subjected to a general membrane stress and 
containing a through-thickness crack of length 2a one obtains 
the expression used by Mr. Rapo. As outlined in the paper the 


K,, curve shown in Fig. 45 refers to dynamic fracture toughness 
as well as static initiation fracture toughness. For comparative 
purposes the same cases have been reworked using the K,. curve 


of Fig. 48. By reverting to the original source documents some 
small differences have been calculated in the data presented by 
Mr. Rapo. The results are shown in Table D.2. 


Table D.2 


GRADE | NDT |RT,,,, 
°c | °C 
A 15 


=15 


These results are likely to be conservative. The degree of 
experimental scatter can be seen in Fig. D.2, reproduced from 
the WRC Bulletin which described the basis of the evaluation 
method (55). The strain rate effect can be seen, to some extent, 
by considering Fig. 48 and the results given in Table D2. The 
validity of the use of static initiation fracture toughness values 
must be evaluated by comparing the service loading rates with 
the loading rate used in fracture toughness testing. 
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Fig. D.2 Derivation of Curve of Reference Stress Intensity 
Factor (K,,) 
[From WRC Bulletin 175] 


It should be emphasized that the ASME Code methods define 
the nil ductility transition temperature by drop weight testing 
and Charpy testing. Charpy testing is carried out at T,,, + 60°F 
to weed out materials which have a low transition temperature 
but poor upper shelf properties. The Charpy requirement 
specifies the minimum lateral expansion or the lateral expansion 
and energy at the test temperature. 

Although shipbuilding steels are often used as basic materials 
in fracture test programmes as far as is known to the authors no 
comprehensive programme has been conducted to produce 
standard curves for analysis purposes similar to those shown in 
Fig. 48. 

In considering the significance of the values in Table D.2 it is 
worth noting the fracture avoidance basis of BSS400 in relation 
to steel bridges. Charpy test values are derived, using a 


COD/CV relationship, based on a PD6493-style analysis 
assuming a through-thickness defect of half-length equal to ten 
per cent of the plate thickness and stresses based on allowables 
plus full yield residual. 


To Mr. Smith: 


Mr. Smith is quite right to draw attention to the possibility that, 
in the future, developments in fracture mechanics may prove 
some of the statements in the paper to be less than entirely 
correct. It is for precisely this reason that the paper does not 
include a great deal of speculative statement or, indeed, specific 
guidance. These aspects both tend to be rather transient in 
nature, although the publication of widely accepted assessment 
routes will tend to stabilize the subject. 

Factors of safety will always be the subject of active debate. 
One can always revert to fundamental considerations and make 
a judgement of the required factor of safety for the particular 
application. However most of the assessment routes have 
inbuilt factors of safety which, as Mr. Smith states, are not 
easily determined. These mostly relate to the derivation of 
design curves from a wide range of experimental tests. In many 
cases lower bound curves are used although latterly statistical 
methods have been adopted in many cases to derive more 
meaningful assessment data. Other conservatisms are in- 
troduced in the way particular defects are treated. One cannot 
give general guidance on which method is most conservative 
because this depends on the details of the case. There have been 
many comparative exercises reported in the literature (69, 76). 

One further area of interest lies in the implied conservatism 
resulting from the use of the lowest value from a group of tests. 
Kamath (D.7) has shown that the use of the lowest COD value 
from three tests on average gives a safety factor of 3 based on the 
COD design curve, as shown in Fig. D.3. 
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Fig. D.3 Comparison of Measured Critical Crack size from 
Wide Plate Testing with Predicted Values. 


As commented above general stress analysis is beyond the 
scope of the paper. However photoelastic techniques and 
computational numerical analysis methods can be used in the 
derivation of stress intensity factors for various loading and 
geometry conditions. The former methods have been used by 
Dr. Khayyat at the Research Laboratory. They provide very 
good visual impressions of the effects of cracks and can give a 
good level of accuracy. Many of the general purpose stress 
analysis (finite and boundary element) programs now contain 
routines for the calculation of stress intensity factors. J-integral 
values can be obtained by directly integrating around a contour. 
Numerical techniques are very suitable for determining values 
for a wide range of crack parameters and most of the standard 
solutions are derived in that manner. 

Of course both photoeleastic and numerical methods permit 
the determination of stress intensity factors for cracks in 
specific bodies, as opposed to standard solutions for flat plates 
and so forth. 

In referring to crack arrest it was not intended to imply that 
these concepts relate only to pre-service analysis. There is no 
reason why crack arrest techniques should not be applied to the 
assessment of defects found by in-service inspection. The idea 
of designing a structure so that a running crack will be arrested 
is an alternative to the concept of restricting the initiation of 
propagation. 
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4. WEAPONRY 


il INTRODUCTION 


1.1. The Role of the Patrol Boat 


Under the Law of the Sea, national jurisdiction now extends 
over many thousands of square miles. The resultant expansion 
of offshore oil and mineral exploration and of competitive 
fishing interest has increased the demands on patrol, sur- 
veillance and coastguard duties. 

At the same time, modern technology is directing navies more 
and more towards the use of small strike craft and electronic 
warfare is becoming more sophisticated. 

This expansion has been reflected in an increase in the number 
of patrol craft being built under the Society’s survey, for 
classification, certification or owner’s supervision survey. 
These notes are intended to familiarise the Society’s staff with 
the particular problems of this type of boat and to assist in 


discussions they may have with Authorities in their area who 
operate such boats. 

For the purpose of this paper, patrol craft have been 
categorised by their length and their role. 

Taking length first, the size of the boat is determined by the 
operational requirement and the following groups apply: 


Group A Inshore—8m to 15m 
Group B- Coastal—15 m to 30m 
Group C Offshore—30m to 45m 
Group D- FPB/FAC—35m to 60m 


The patrol tasks usually fall into the following broad primary 
roles: 


Surveillance. 

Fishery Patrol. 

Protection of Offshore Resources. 
Customs and Immigration. 


In addition to the main role, the craft are often equipped for 
additional secondary roles: 


Fire-fighting, Pollution Control, Salvage 
and Towing. 

Search, Rescue and Medical Assistance. 

Communications. 


The study is intended to cover the craft used to carry out the 
foregoing roles which are normally entrusted to coastguard type 
authorities and not to small warships of a navy. However, it is 
recognised that several maritime nations do not have navies and 
entrust seaward defence to paramilitary coastguard forces 
whose craft may require a limited strike capability. 

Whilst there is a clear distinction between the requirements of 
patrol craft and small fast warships, the modest resources of 
many countries will not allow distinction between policing 
requirements and defence needs. Therefore a simple commer- 
cial hull and machinery installation dual role design can find a 
good market in this size of craft. This is not necessarily the case 
in the larger Fast Patrol Boat and Fast Attack Craft FPB/FAC 
craft and the smaller warships where the addition of secondary 
roles not related to the primary role can increase the cost and 
complexity of the craft excessively. 

The Group D boats, viz FPB and FAC, are just outwith the 
present scope as they are naval craft with considerable 
weaponry and missile systems and of prohibitive cost, but they 
are touched upon in view of the hull form and size overlap with 
the craft of Group C. This latter group should not be confused 
with the Offshore Patrol Vessels (OPV) which are large, 60 m to 
100 m cruising cutters, used to patrol and defend the offshore 
waters up to the 200 miles Exclusive Economic Zone (EEZ) 
boundary and remain at sea for up to 20 days at a time. The 
largest of the craft under review are only intended for 
occasional runs up to the EEZ boundary, as even for craft of 
40 m to 50 m length to patrol the boundary and loiter on station 
would create sheer physical exhaustion and impair efficiency to 
a dangerous level. 


1.1.1 Surveillance 


This includes policing and traffic control of shipping lanes 
and coastal waters as well as keeping a watch on neighbouring 
countries and detection of seaborne attack. Smallcraft radar is 
only effective to about 15 miles and visual contact is then 
generally necessary. The craft may also have to carry naviga- 
tional and plotting facilities of an acceptable standard for legal 
evidence. 


1.1.2 Fishery Protection 


This task can embrace routine patrols over a wide area 
depending on limits, effective control of fishing rights and law 
enforcement, gathering statistical information and settling 
disputes. Involved are deterrence and apprehension of poach- 
ing in banned areas, boarding and inspecting craft suspected of 
using illegal gear and pursuing when necessary. The craft 
should also be capable of rapid transfer of sick or injured 
seamen and efficient means for answering distress calls and 
giving towage at offshore ranges of up to 200 miles. The basic 
considerations are: 


(a) Sufficient autonomy to patrol up to 200 miles offshore 
for periods of up to 10 days. 


(b) Sea-keeping ability to maintain patrol and retain crew 
efficiency in bad weather. The sea-keeping to be the best 
possible for size, particularly, a dry seakindly ride at 
speed and easy motion at loiter speeds are important. 


(c) Performance to give maximum range and economy at 
medium cruising speeds and to give maximum speeds up 
to 25 knots. To have the ability to operate economically 
and without undue wear at all intermediate speeds. Low 
minimum speed may be essential. 


(d) Adequate surveillance radar, preferably backed up by 
helicopter search to increase range of search and also to 
provide transfer for badly injured personnel 


(e) Accommodation to provide comfort for a crew large 
enough to provide boarding parties or working parties. 

(f) Absolutely minimum armament to provide deterrent 
presence at lowest cost but with highly accurate 
weaponry to permit ‘‘shooting to miss’’. 

(g) Efficient equipment to support services such as towing, 
ship to ship transfer, refuelling at sea, boat recovery etc. 


(h) Lowest possible capital cost and economy of operation. 


On patrol, a wide range of operating speeds will be used, 
ranging from “‘loitering’’ in the vicinity of a fishing fleet, for 
hours on end, through an economical ‘‘fast cruise’’ between the 
different areas, or on general patrol of a fishing area, to the 
occasional ‘‘sprint’? when pursuing a suspect fishing vessel. 

Excellent manceuvrability and controllability is an obvious 
requirement, both at speed and at close quarters when 
boarding, or in tight anchorages. The boarding preferably may 
be carried out direct from the craft, or if this is not practicable 
from an inflatable or semi-rigid inflatable carried on board. 

As such a craft may range freely around the coast, it will be 
divorced from base facilities between refits and may often 
operate in remote island areas. Robustness and reliability must 
therefore be designed and built in and, by judicious duplication 
of alarm fal! back systems, the craft should normally be able to 
make base for repairs. 


1.1.3 Protection of Offshore Resources 


Potential threats range from attack in war, high-jacking and 
terrorist action down to accidental damage due to fire and 
explosion. 

However, a more versatile and sophisticated craft may be 
required with: 

(a) Complete surveillance capability of surface, air and 

underwater search. 

(b) Facilities for carrying out bathymetric survey and bottom 

profiling. 

(c) Effective first-line services for: 

Fire-fighting 

Pollution control 

Diving support 

Medical and ambulance facility 

Rescue; rig, surface, underwater, helicopter recovery 
Security; anti-criminal, national defene. 


In cases of accidents and fires, the craft are employed as 
fire-fighters and should be gas-tight and explosion-proof and able 
to penetrate gas clouds without any danger to boat or crew. Thus 
the craft should be fitted with a gas-warning system. 


1.1.4 Customs and Immigration 


The prime role is law enforcement in anti-smuggling operations 
and the prevention of illegal entry into the country of goods or 
people. Particular problems today are the prevention of illegal 
drug traffic and the growing amount of piracy. Where the 
operations border on the military and prevent the infiltration by 
undesirables, the necessary hardware is similar to that for law 
enforcement but somewhat more intense. 

High speed is the main requirement for craft operating these 
roles and small fast monohulls in Group A and, to a lesser extent, 
Group Bsize craft are used. Some customs authorities operate very 
fast ‘‘chase”’ open cockpit powerboats of 8 to 10 m length capable 
of speeds up to and in excess of 50 knots powered by outboard or 
petrol motors and sometimes with waterjet propulsion to allow 
chase right up to the beach. 


i oe Types of Craft 
1.2.1 General 


The technology of modern patrol craft embraces many types but 
the craft under review have been limited to the conventional 
monohull which still form, the majority of patrol craft being built 
today. Advanced hull forms and types are being developed at 
present including the surface effect ships (SES), the advanced 
hydrofoil (PHM) and the small water plane twin-hull ship 
(SWATH). These vehicles offer significant improvements in 
performance, either as regards speed or seakeeping or both, over 
the conventional monohull but are cost critical designs and 
therefore outwith the main scope of this study—the economy 
patrol craft. 


1.2.2 Catamarans 


The past few years have seen the introduction into commuter 
ferry services, and more recently to crewboat operation, of the 
high-speed catamaran of up to 40 m length and 25 to 35 knots. The 
craft are usually lightly constructed of aluminium alloy and are 
driven by screw or waterjet propulsion. To-date the majority of 
boats have come from Scandinavian or Australian builders. 

The high-speed catamaran has an average ability to maintain 
comfortable speed in a seaway, falling between the planing hull 
and the hydrofoil as the configuration of the hull bottom 
minimises responses to the sea. With both hulls operating in the 
displacement mode rather than the planing mode there are no 
appreciable changes in dynamic lift as the confused sea is crossed 
and no high accelerations as the hull attempts to rise and fall in 
response to varying lift. As they tend to profile the wave in beam 
seas, and have high acceleration values in roll, the full advantage of 
the large deck area may not be realised. Further they tend to be 
weight sensitive such that payloads for the type must be restricted 
to approximately 15% of light load displacement. 

This type has not yet been accepted for the patrol boat role with 
the exception of the small-high speed chase boat. Builders are 
earnestly marketing designs for larger craft where the wide 
platform and the soft ride at high-speed should be in their favour 
but the high costs and an untried type are possibly excluding its 
selection. A notable craft was the ‘‘Virgin Challenger’? which 
tried, and failed, to wrest the Atlantic Blue Ribband from the liner 
“‘United States’’ in August 1985. She was primarily built as a 
military demonstrator. The craft did show the capability of 
handling rough weather and its eventual failure after 50 hours of 
continuous running at speeds of about 45 knots was unfortunate. 


1.2.3 Hydrofoil 


The growth of the passenger application of hydrofoils is dealt 
with in Technical Reprint No. 42 ‘‘Hydrofoil Vessels’? by Alan 
Buckle and Cyril Beason. Although the numbers and size of the 
surface piercing foil type craft have gradually grown until the 
largest of the current newbuildings are 36m length carrying 400 
passengers, there have been no significant developments other 
than the submerged foil type Boeing Jetfoil 27,5 m length with up 
to 300 passengers. The passenger hydrofoil is slowly losing ground 
to the large fast monohull and the catamaran in the world ferry 
market, with the possible exception on the Russian waterways 
where the hydrofoil is still the premier carrier. 

On the military side, the Chinese Navy have by far the largest 
hydrofoil fleet of patrol craft. In the Western world, there are two 
notable designs. The first is the US Navy PHM type, 40.5 m length 
having a displacement of 245 tons with 17,000shp driving 
waterjets at a speed in excess of 50 knots. In addition, two diesel 
engines, each 815 bhp, driving through waterjets are fitted to givea 
patrol speed of 11 knots in the hullborne condition. The craft are 
built by Boeing Inc., and it was the PHM programme that 
supported the development of the commercial Jetfoil. The other 
hydrofoil is also a strike craft and is Italy’s Sparveiro class, 23m 
length, also automatically stabilised, with deep submerged foils 
and a hull designed to operate in Beaufort sea state 4. 

In addition to their high speed and platform stability, these 
hydrofoils have a unique capability of making foilborne turns in a 
banked and fully co-ordinated way, thus resulting in exceptionally 
high manoeuvrability. They have a payload capacity in excess of 
the similar size monohull. Although these attributes are extremely 
interesting for the strike and defence role, certain features such as 
loiter and weather capability have limited the fishery protection 
potential. 


1.2.4 Hovercraft (SES) 


Although hovercraft have been around for about 20 years, 
the commercial application has been confined to ferry-type 
hovercraft used for offshore support, personnel transport, 
harbour patrol, fireboats and survey work, but by far the largest 
civil sales have been ferries. The military market has not lived up 
to expectations and very limited use has been found to date, 
although some very recent developments may show good 
possibilities. 

Hovercraft building is in the hands of a few key companies in 
the western world, but progress is also being made in China, 
Korea and USSR. Hovercraft fall into two broad divisions, the 
fully amphibious craft with a land/water capability and the 
immersed sidewall type which are restricted to waterborne 
operation. 

The recent developments are of both types and are the 
amphibious U.S. Army’s LACV-30 type and the U.S. Coast- 
guard’s immersed sidewall type which has been significantly 
successful fulfilling a drug-interception and counter-emergency 
role. Another milestone has been the introduction of the 
air-cooled diesel-engined amphibious hovercraft with its use of 
welded marine alloys and a move away from riveted airframe 
techniques which has aided reduction of hovercraft first costs. 


1.2.5 Swath Craft (Small waterplane area-twin hull) 


Prototype SWATH craft have been built in the size range 
being considered and show potential for craft of 25m length 
and above as they can offer noteworthy advantages over 
conventional craft in undertaking patrol boat roles. 

The heave, pitch and roll motions will be significantly less 
over all the range of normal sea conditions and should give the 
crew the more comfortable ride that is particularly important 
during long endurance patrols. The craft should also exhibit 
markedly better speed performance in heavy seas and be able to 
maintain headway at design speed through and beyond sea state 
4—a distinct advantage in surveillance and interdiction roles. 


The deck geometry and the stable platform afforded by this type 
should make it a good helicopter platform. The wide separation 
of the propellers enables the SWATH craft to be precisely 
manceuvred in restricted channels as well as maintaining station 
alongside craft being boarded. 

Against these advantages the construction costs could be 
high, and a figure of about 25 per cent higher than those of 
monohulls of equivalent abilities are quoted but could well be 
optimistic. The possible cumbersome beam of the craft, a 
length/beam ratio of no more than 2.5, could also be considered 
a disadvantage. 


ee HULL DESIGN 
2.1 Hull Form 


An early design consideration is the optimisation of the hull 
form to achieve the best possible compromise between often 
conflicting requirements such as load carrying capacity, 
stability range, speed potential and seakeeping. 

The differing speed requirements normally determine the 
underwater form: 


(a) Round-bilge semi-planing—Froude No. up to 3 
(b) Hard-chine planing—Froude No. 3 and upwards. 


Examples of hard chine hull form are shown in Fig. 1, and are 
either a constant high/shallow deadrise or a warped bottom 
form. The most serious drawback of this form as a high 
performance craft is its poor rough water riding characteristics. 
Not only are high accelerations experienced from severe bow 
slamming, but a significant reduction in speed occurs due to the 
increased hull resistance in a seaway. However, current designs 
are normally based on the deep (22°) vee or medium (16°) vee 
deadrise and have better rough water characteristics than the 
older hard-chine forms but have certain limitations which must 
be recognised: 


(a) In some conditions they are dynamically unstable and 
lay over on one side of the bottom or ‘‘chine-walk’’; at 
speed. 


(b) The greater the deadrise, the more power will be required 
for a given speed and the higher the craft will trim. 
However this can be advantageous when operating in 
confused seas as the higher trim angle can result in 
reduced wave impact and therefore permit higher 
sustained sea speeds. 


Before the advent of the constant deadrise hull, most planing 
boats had bottom lines which were progressively flatter going 
towards the stern resulting in ‘‘hooked’’ or concave buttocks. 
Recently there has been renewed interest in this warped bottom 
form, where, because of the oblique flow on the bottom a 
certain amount of warp is proving beneficial in the overall 
performance at certain speeds. 

In Group C and D craft, the broad beamed hard-chine form 
has been abandoned for the narrow round bilge form. This 
form with relatively narrow beam and fine entry, provides much 
better seakeeping ability and a more comfortable ride in 
moderate to rough seas. The form may incorporate a spray 
deflecting knuckle above the waterline, with the sections 
becoming progressively flatter aft, to prevent trimming by the 
stern at speed. 

Manceuvrability at low speeds differ between the hard-chine 
and round-bilge forms. At high speeds hull design and weight 
distribution play an important part in the craft’s handling 
characteristics as directional stability and control in a turn can 
be affected by the hull lines and the running trim angle. 
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Fig. 1 Typical Hull Forms 


2.2 Seakeeping 


Group B and C craft should be capable of fulfilling their 
specified role, albeit at cruising or patrol speeds, such that an 
effective operational presence can be maintained at sea in 
conditions of sea state 4 to 6. In addition the craft should be 
capable of survival in sea states 7 to 8 with winds gusting up to 
70 knots. 

A typical breakdown of the operational life in terms of sea 
state is shown in Fig. 2. 

Seakeeping should have stronger influence on the design of 
patrol craft hulls than any other factor, but is usually relegated 
to third or fourth place somewhere behind asthetics, arrange- 
ments and top speed over the measured mile. Obviously the 
bigger a boat is the rougher the seas it will be able to encounter 
without severe discomfort to its crew. It is suggested that when 
the coxswain encounters waves whose height approximates 
one-thirtieth of the craft’s length he will slow down, and when 
the wave height is approximately equal to one-twelfth of the 
craft’s length, about one wave in ten will put green water over 
the bow. It should be noted that the usual wave spectra 


properties assume a fully arisen sea in deep water and these wave 
properties do not necessarily apply in the case of a short chop 
and confused sea as is encountered in shallow water. 

An important factor in seakeeping is to be sure that the craft 
does not have excessive GM which results in a quick roll, or flat 
sections which will result in high impact pressure and high 
accelerations, particularly at the bow. Considerable study has 
been made of the accelerations experienced in high-speed craft 
at speed in head seas. The craft is nearly always able to 
withstand far greater accelerations than can its crew. 

It should be recognised that combat craft will normally be 
abused far more than other types. 
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Fig. 2 Typical Breakdown of Operational Life in Terms of 
Sea State 


2.3. Dimensions and Displacement 


The size is determined by the operating conditions and whilst 
quite small craft can survive in almost any coastal weather, the 
boat should be large enough to give a reasonable ride to the crew 
and be proportional to the distance to run and the sea state to be 
expected. Also the time and need for seakeeping whilst in the 
slow or loiter patrol will influence the size. 

Notwithstanding the grouping given in 1.1 as a general guide 
based on overall length: 


10 m—Minimum for any open water work. 


12 m—Where more than a few hours per day are spent in open 
water (say up to 12 miles territorial waters in SS.4.) 


15 m—For inshore work, this length can do all is required on 
a day-boat basis including longish patrols in a coastal 
seaway (say 12 miles territorial waters and beyond in 
Soros) 


20 m—This length is required to accommodate a crew for 
extended periods in coastal waters. 
30m—The motions, noise levels and general trauma of 
running a small fast boat in a seaway are demanding 
and inconductive to rest off-watch, and this length is 
necessary if a craft has to be manned by more than one 
watch. 
Typical main dimensions and displacement are shown in Fig. 3. 
On any fast boat, weight control is important and design and 
production departments should ensure no undue weight is built 
into the craft. The major items should be weighed and also the 


completed boat as a check on the design calculations. The 
Builder will normally add a design margin on his lightship 
estimate but in addition the Owner may specify a ‘‘through- 
life’’ margin to allow for possible future alterations and general 
growth in service. 
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Fig.3 Typical Dimensions and Displacement 
2.4 Speed 


Where the role is the protection of fishing rights and limits, 
the boat should be capable of exceeding the speed of the average 
fishing vessel at present in service or likely to be built in the 
immediate future, in all but the very worst weather conditions. 
However the speed requirements need not be necessarily high as 
a 20 knot craft could normally overhaul 95% of poachers within 
2 or 3 hours (or 30 to 50 miles) on their entering visual range. 

Similarly a vessel offering oil rig protection must be capable 
of answering a call for assistance at a reasonable speed, from 
either oil rigs or their service vessels. 

Obviously the choice of the craft’s speed and ultimately its 
powering requirement for a particular service depends upon 
many factors and clearly the speed chosen is open to debate. 
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Where V is design contract speed. 

Trials speed is maximum at + or 4 load conditions with engines 
at MCR. 

Sprint speed limited to one hour in 6 hours with engine on 10% 
overload. 

OPL—Operational life. 


Fig.4 Typical breakdown of speed 


Typical relationships of design speeds to the operational 
speeds is given in Fig. 4and show asignificantly different pattern 
from that of the normal merchantman, particularly the 
constraint of sea state and the percentage of operational life. 
The effect of sea state is further shown in Fig. 5. 

Where there is a “‘loiter’’ requirement it is difficult to get 
down to such low speeds without affecting the efficiency of the 
main engines and a low powered third engine will normally be 
fitted for the ‘‘loiter’’ role. 
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Typical power requirements are shown in Fig. 6. Although 
range in miles is not a main criterion in the smaller boat, 
endurance in terms of hours at sea can be important in the 
search and rescue role and often such craft are refuelled at sea 
from a ‘‘tanker”’ sister boat. 
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Fig.6 Approximate Engine Power 


As CONSTRUCTION 
x | Selection of Construction Material 
3.1.1 General 


In patrol craft can be found a wider range of construction 
methods and materials than applies to any other type of 
shipbuilding and in the chosen size range, however, steel, 
aluminium alloys, fibre reinforced plastics, and wood can make 
valid claims. 

The structure must resist the usual forces, the hydrodynamic 
pressures being magnified in fast craft by the slamming effects, 
and general knocking about from rough handling. Construc- 
tion materials must be durable and capable of maintenance at 
acceptable costs. Where a robust craft with an acceptable 
impact resistance is the criterion, steel is the obvious choice as it 
is readily fabricated at low cost. 

The need to save weight leads to structures which are stressed 
highly. The fact that repeated load reversals, as may be 
experienced in a seaway, and by structure supporting vibrating 
machinery, or close to propellers, can lead to fatigue failure in 
some materials at relatively low stress levels. However, the 
selection has to be taken into account. The selection of the most 
appropriate materials also assumes that the structural design, 
both in concept and detail, is equally effective and realistic. The 
comparatively good strength and stiffness for its light weight 
can make aluminium alloy the choice where light weight is the 
over-riding parameter. 
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Fig. 7 Hull Structural Weight 


Hull overall stiffness is not so critical except in the larger 
FPB/FAC craft where hull distortion overall can introduce 
errors between sensors and their associated weapons. 

Fabrication is an important consideration which shows 
aluminium as being more demanding and at the highest cost. 
Whilst FRP can be readily fabricated, the influence of whether 
the material is ‘‘factory-made”’ or ‘‘shop-floor made’’ becomes 


significant if the structure is weight-critical and this will also 
favour aluminium whereas FRP will require a supporting 
quality control organisation. 

Although cost remains a significant factor, such a high 
proportion of it is accounted for by weaponry, electronics, 
equipment and machinery that savings on the cost of the actual hull 
structure may not represent a substantial percentage of the whole. 
Advanced construction methods and materials can be used for the 
higher performance craft so that weight may be saved. Cost is 
influenced not only by the basic material price, but also by the 
working properties, the type of facilities in terms of buildings, 
equipment and tooling needed, and the degree of complexity 
involved in putting together a structure from the material. 
Availability is also a factor, notably in the case of aluminium alloys 
and wood, stocks of which in the qualities needed may not be 
readily available in the short lead time between securing the order 
and commencement of construction. 


3.1.2 “Steel 


Steel is the heaviest of the main construction materials and 
whilst it does not lend itself to lightweight construction in the 
smaller craft, it remains the natural choice where the utmost in 
speed is not called for, and where economy and general 
robustness are priorities. However, steel is seldom used for craft 
below 15 m or 20 m in length having speeds in excess of 20 knots 
and 25 knots respectively. 

Steel can be readily fabricated in an environment requiring 
minimum of control and three grades can be welded without any 
production problems, the welds in any configuration being as 
strong as the base metal. The high yield steels have an additional 
benefit in that the distortion due to worling and welding is less 
than that of the basic ship steel. The use of the high yield 
material is sometimes limited to the hull and deck plating but 
can be used with advantage for the supporting structure, both as 
face flats and webs. The majority of steel craft are however built 
in basic ship steel. 

The copper-bearing steels are occasionally proposed for hull 
plating, often on the misconception that the materials are 
corrosion-resistant. Due to the high copper, the steels exhibit 
good corrosion resistance when in a marine atmosphere (viz 
deck and superstructure) but when in the immersed hull, their 
resistance is only fractionally better than basic steel. However 
the high yield strength does give less distortion than ordinary 
steel and the material shows better paint retention. 

Increasing interest is being shown in non-magnetic austenitic 
stainless steels for hull plating and framing in mine counter- 
measure vessels and their use may spread to the patrol boat field. 

A major disadvantage of steel is its poor resistance to 
corrosion. Although there have been significant improvements 
in paint systems, where scantlings are minimal and corrosion 
margins negligible, it is essential that proper preparation and 
application of the hull painting is correctly carried out. The steel 
materials are either pickled or abrasive blasted depending on 
thickness and coated without delay with an acceptable pre-weld 
shop primer. This is done by the mill or on delivery to the 
shipyard. The storage and handling facilities at the shipyard 
should be such as to limit the damage to the primed materials. 
Particular attention should be given to the effective cleaning of 
welds and primer damaged by welding before subsequent 
painting of the compartment, particularly to the webs of the 
primary framing structure. 

In addition to the improved hull anti-foulings, cathodic 
protection is provided either by impressed current system or one 
of self-energised fixed zinc anodes. As the former method can be 
difficult to maintain in an efficient state, the fixed anode is 
considered the more practical approach. The hull should be 
protected by hanging-off anodes whilst it is in the fitting-out 
basin. 


3.1.3 Aluminium Alloys 


Of the many strucural alloys of aluminium, only the non-heat 
treatable 5000 series alloys, having magnesium as their main 
added element, have the desired corrosion resistance for boat 
construction. The main alloys are 5083 and 5086, the latter is the 
standard alloy used in boatbuilding in the U.S.A. and U.S. 
supported overseas boatyards, whilst 5083 has been selected as 
the standard marine alloy in Europe, Japan and many other 
countries. Other alloys in this series with limited usage are the 
low strength 5052 used for minor structural applications 
(deckhouses and bulkheads) and the high strength 5456 which 
can be susceptible to exfoliation if in the wrong temper. 

Alloys with high magnesium contents such as 5083 (4.5%) 
and 5456 (5%) have high strengths but may present more 
problems in welding, cold working and corrosion than the lower 
magnesium alloy 5086 (4%). Certain of the heat treatable 
alloys, 6000 series, are sometimes used for framing sections as 
they are easier to extrude, particularly alloy 6061, but they have 
low weld strength. 

Aluminium is more susceptible to welding distortion than 
steel due to the greater thermal conductivity and it is essential 
that the proper welding procedures are used to minimise 
distortion and avoid the need to heat fair with subsequent 
strength loss. In addition to particular attention of welding 
techniques, procedures and weld design, much more emphasis 
has to be given to structural design than is the practice in steel 
construction. Stress concentrations in structural detail and 
residual stresses due to welding and fabrication should be 
avoided or reduced to acceptable levels. 

The fatigue performance of the alloys require due considera- 
tion. The location of welded butts and the influence of butt weld 
beads and fillet welding on the fatigue performance of the 
plating. The removal of the weld bead from the shell butts and 
seams on the underwater hull is of structural importance as this 
can increase the fatigue life of the panel over that with the intact 
weld bead, as well as giving a reduction in the hydrodynamic 
resistance of the hull. 

There is little cost differential in the manufacture of the 
various alloys in the 5000 series, the extrusions being a little 
more expensive than the plate materials. However the cost can 
be considerably affected by availability where alternatives have 
to be sought from stockists as the required thickness and shapes 
may not be readily available in the desired alloy and temper. In 
the very short lead times in boatbuilding, Society certified 
material often cannot be obtained and manufactured certified 
materials have to be resorted to. 


3.1.4 Wood 


At first sight it is surprising that this most traditional of 
shipbuilding materials should have survived in patrol craft 
construction and hardly at all in other types of vessel. The 
reasons that it has include its low density and developments in 
the synthetic resin adhesives and coatings which now allow less 
durable timbers of good specific strength/stiffness to be used. 

As the cost of the other construction materials rise, wood may 
well return as a possible contender in the boat size under review 
as the resin adhesive cost is becoming better due to increasing 
tonnage being manufactured. Although the new timbers may 
cost less than the traditional woods, it is possible that future 
supplies of good quality clear timber may be at a premium due 
to the export policies of the timber growing countries. Due to 
the decline in wood boatbuilding over the last two decades, 
there are now few builders who have the necessary skills and 
facilities to build quality craft of this size and type. 

The hull is normally built-up from several layers of planking 
of differing species, thickness and orientation, cold moulded 
into a homogenous shell and supported by laminated transverse 
web frames with longitudinal stringers. Considerable use is 
made of good quality marine plywood for topside planking, 
bulkheads, decks and superstructures. 


3.1.5 Fibre Reinforced Plastics 


This growing group of materials embraces so many forms of 
composites that generalisation is difficult. The properties, and 
corresponding costs, vary widely according to the type of 
materials being used and also to the level of quality assurance 
which goes into the laminating. 

Current production boatbuilding is the use of ‘‘E’’ glass fibre 
reinforcements with polyester resins. Reinforcements of other 
fibres, such as the S- and R- glass, the aramid fibre KEVLAR 
and carbon fibre are now finding a limited use in production 
work but their improved properties are often offset by 
unacceptably high costs. The weaving industry is now produc- 
ing reinforcing fabrics of these newer fibres in association with 
glass fibres where the particular properties of each of the fibre 
types can be used to full advantage. Similarly, other resins have 
been proposed, such as epoxy and vinylester, but they have not 
shown sufficient performance or production advantage, in the 
cold cure situation, to justify selection in view of their high cost. 

For practical purposes, within normal production limits, the 
strength and modulus of the laminate are proportional to the 
glass content, the finer differences between the various types of 
reinforcement being absorbed in the wide scatter due to 
workshop practice. Although strength increases with glass 
content, the thickness per unit weight decreases with due effect 
on the properties such as stiffness and impact resistance. Also 
composite laminates are invariably non-isotropic and the 
laminate has to be designed with the fibres orientated relative to 
the direction of the load application. 

Assumed properties should be confirmed by testing of 
samples representative of workshop practice, such samples 
being matured and cured in workshop temperatures before 
being subject to any post-cure. A major difference between FRP 
and the metals is that the former are made on the shop floor and 
the resulting product is to a certain extent a function of quality 
control. To achieve maximum mechanical and physical proper- 
ties, the laminated structure must be correctly cured and the 
laminating subject to controlled workshop conditions and 
practices. Therefore if optimum performance from the material 
is to be achieved particular care is to be taken during 
construction. 

Sandwich construction using FRP inner and outer skins with 
PVC foam or balsa wood cores, is an established construction 
method having as its main advantage a good stiffness/weight 
ratio and reducing the amount of internal framing. For 
lightweight aspects, the faces should be high performance 
laminates with good tensile and compression properties 
associated with the material and density of the cores based on 
shear properties having due regard to the operating tem- 
perature. The main production problem with this method is 
achieving a satisfactory bond between the cores and the faces to 
obtain the design mechanical properties and limit the water 
uptake through the core in the event of damage. Various 
proprietary core materials have been introduced to ease the 
bonding problem but they have either poor shear properties or 
higher costs which limits their application in production hull 
construction. 

Future development will be the use of improved polyesters 
with stronger glass fibre reinforcements with possible limited 
amount of aramid and carbon fibre material. In sandwich 
construction, epoxy resins may be used and laminates subjected 
to a heat cure to realise the full strength potential of this resin. 

FRP has two shortcomings of note, its susceptibility to water 
degradation and its poor resistance to fire. 


RFP. Other Factors Influencing Material Selection 


3.2.1 General 


The choice of construction material is usually determined by 
the structural factors but an objective analysis should be 
undertaken where these factors are weighed against other 


considerations. The more important of these have been grouped 
and discussed under the various headings below, their influence 
obviously being greater in the craft at the lower end of the length 
range than at the upper. 

No attempt has been made to list the factors in order of 
importance nor to draw any conclusions. The Designer has to 
note those of significance and what influence they have on the 
construction of the particular structure—the hull, deck or 
super-structure. The final selection also assumes that the 
structural design, both in concept and detail, is equally effective 
and realistic. 


3.2.2 Operational Characteristics 


Speed and seakeeping performance, manoeuvrability, pay- 
load and endurance feature in this group and all point to weight 
being the critical factor affecting operational performance. 

Where speed is of prime importance, as light a structure as 
possible will tend to be selected so that the speed requirement is 
achieved within a specific engine model or horsepower restraint 
without additional machinery weight or related fuel. The higher 
building cost of the lighter structure can be partly offset by lower 
machinery costs. 

The structural hull weight tends to be singled out as the 
reserve source for the optimistic design margin on payload that 
invariably is consumed as the design is developed. Further, 
minimum structural weight normally should be associated with 
similar economics in weight of equipment and outfit and the 
structure not designed down to accommodate excessive weight 
of fit-out. 


3.2.3. Habitability 


The factors of note under this heading are useful internal 
arrangement, noise, vibration, temperature control and motion 
at sea. In this size of craft,the useful internal space is not so 
influenced by the particular choice of hull material as it is by the 
design of the framing system. The relationship in the spacing 
and depth of the primary and secondary framing can impose 
limitations on the functional lay-out design. However, the 
influence of framing may be more important on the deck and 
deckhouse structures, where headroom and space requirements 
are more critical, than it is in the hull structure. The elimination 
of noise and vibration are major considerations in the metal 
boats and bulkheads, deck and superstructure must be closely 
stiffened to limit vibration which cannot be designed out. 

The thermal conductivity of the structure affects the heating 
and air conditioning loads and in turn the auxiliary machinery 
weights which can be considerable in a fully-air conditioned 
boat. Also condensation can be a particularly annoying feature 
to crew and equipment in some operational theatres. 

From the foregoing, the selection would appear much in 
favour of FRP, particularly where of sandwich construction for 
the hull and particularly for the deckhouse. However, the 
shortcomings of the metals can be offset by the use of the 
various types of thermal and accoustic insulations but with 
consequent weight and cost penalties. 


3.2.4 Safety 


The main safety features influencing the selection are 
durability, damage resistance, fire resistance and stability. 

Each of the basic construction material has its own peculiar 
durability deficiency—corrosion of steel, galvanic corrosion of 
aluminium and water degradation of FRP. In each case the 
deficiency can satisfactorily be limited by correct selection and 
application of materials and by good workmanship. 

The blistering of the FRP hull was a problem with the smaller 
craft but now has been largely overcome by proper material 
selection and by tighter workmanship control. However, in the 
continuing pursuit for higher strength by increasing the fibre 
content of the laminate, due regard should be given to the 


diminishing resin content. The basic requirement still remains 
that the fibre reinforcement is adequately wetted out and 
impregnated to limit the water absorption so as to avoid 
strength loss and water degradation of the hull laminate. In the 
larger craft an adequate number of coats of high performance 
epoxy or polyurethane paint may be used in addition to, or in 
place of, the gel-coat. 

The nature and shape of damage risk cannot be easily defined 
and each material performs quite differently in the grounding 
and impact situation of varying magnitudes. The performance 
of the FRP materials is quite different in themselves and the 
woven glass composite has a higher energy absorption than the 
basic mat laminate but once it has failed the area of 
delamination, and therefore of repair, can be several times 
greater than an equivalent fracture in the mat construction. 
However, where a craft is subject to rough handling, particular- 
ly in the alongside situation, steel is the first choice. 

Steel is essentially fireproof whereas the marine aluminium, 
with 4 to 4.5% magnesium, will distort and melt at relatively 
low temperatures, and FRP will burn with copious black 
smoke. The fire performance of FRP has been, and still is, a 
debatable issue but can be improved by the use of fire retardant 
resins but with a reduction in mechanical properties and poor 
weathering and at a sigificant increase in cost and in weight. 
There are various methods by which intermediate levels of fire 
resistance can be built into the structure without the full effect of 
the above penalties. Other approaches would be to limit the fire 
retardancy to high risk areas such as deckheads and superstruc- 
tures or alternatively combat the risk by an overkill of Halon 
fixed and portable fire extinguishers. 

Stability and the previously mentioned seakeeping and 
motions at sea primarily are influenced by the hull form and 
beam. However, the requirement for a low hull weight centre 
dictates a light-top structure. 


3.2.5 Appearance 


Appearance and fairness of the hull topsides normally are not 
of significant importance in patrol craft. However, with 
increase in national pride of the fleet, and possibly due to the 
influence of the finishes being achieved on FRP craft, Owners 
are now more critical of the finish of light-weight steel and 
aluminium work. Both metals present problems and cost in 
controlling the welding distortion. 

The finish of superstructures is particularly critical but can be 
achieved in lightweight aluminium by either welding or riveting 
and by careful design using very small panel sizes. Discrepancies 
in finish can be eliminated by discreet use of lightweight filling 
compounds. FRP superstructures in patrol craft are often built 
as ‘‘one-offs’’ rather than produced from a female mould, but 
with planned design shape can replace large flat areas, thus 
improving the accoustic signature, and many features can be 
incorporated into the moulding which improve and simplify the 
subsequent fit-out. 


3.2.6 


Although there may be a significant difference in the cost of 
structures in each of the main materials, the cost differential will 
be less significant when considered against the total cost of the 
craft. This will vary with the sophistication of the craft and a 
case is quoted for a 46m strike craft, of the hull structure 
costing £1.5 million whereas the weaponry and electronics were 
£11.5 million. 

The basic material costs have to be increased for procurement 
difficulties, preservation and painting etc., for correct com- 
parason. Labour costs for fabrication of metal structures will 
also include the correction of unacceptable distortion. In FRP 
structures the labour costs are related to the moulding 
technique, any mechanisation of the moulding process and to 
the plate/stiffener relationship of the design. Although there 
can be a difference in the labour grade used in steel fabrication 


Initial Cost 


and of FRP moulding a compensatory larger supervisory and 
inspection staff may be required in the construction to ensure 
the quality. 

The fabrication facilities, tooling and equipment required for 
each of the materials affects the yard overheads. Steel is 
comparatively basic in its demands but a covered building and 
completion facility should be provided for the highest quality 
work. Aluminium fabrication requires a higher degree of 
protection and of cleanliness and also has a higher turnover of 
consumable tools. FRP moulding needs a control- 
led environment which will havea high initial cost and may have 
high running costs depending on the ambient climatic con- 
ditions. The cost of tooling, jigs and fixtures follows the same 
basic order of steel, aluminium and FRP. 

The FRP tooling costs can be reduced where the hull is of 
sandwich construction built off a batten mould instead of from 
the conventional female tool. A useful advantage in FRP is 
where by clever selection of hull proportions, the mould tool 
can be designed to give a limited range of craft by extending the 
length and depth of the tool within the chosen beam. 

Where a run of craft are to be built, the reduction in hull 
building costs will favour FRP, alumimium and lastly steel. 
However where such contracts require all craft to be delivered 
within a short building cycle, this would favour alumimium 
construction whereas with FRP an additional set of production 
tools may be required. Against this, the normal building time 
for an FRP hull where the female is already available can be less 
than half that for a metal hull. 


3.2.7 Operating Cost 


Some consideration of in-service costs are maintenance, 
repair, service life and fuel costs. 

The maintenance aspect is basically the need to maintain the 
paint coating of the hull, deck and superstructure, externally 
and internally. This may favour FRP construction with 
aluminium and steel being similar, the higher cost of painting 
aluminium being offset by internal surfaces being unpainted or 
preserved to a lower specification. 

Steel and aluminium are readily repairable where welding 
facilities are available. Aluminium however does require 
considerable experience and effort to achieve good weld 
properties in the repair situation. The repair of FRP can be 
achieved easily and quickly when carried out by experienced 
personnel and significant damages can be effectively repaired. 

However the availability of materials and trained labour may 
be a problem in some operational theatres and a back-up facility 
may be required from the builder. 


Service life may not be a main consideration as obsolesence 
may overtake the operational life of a small craft, which is 
normally 15 to 20 years. However, if the hull form is still 
performing satisfactorily it may be re-engined once or twice in 
the course of its useful service life. 

Fuel costs would tend to favour as light a hull as possible but 
if the craft normally operates a realistic cruising speed for the 
greater part of its daily operation, the influence of hull weight 
may not be so critical. 


4. WEAPONRY 


In Group A to C craft, any weaponry normally is supplied by 
the Owner and fitted on arrival of the craft at its main base. The 
Builder, however, makes provision for the weapon mountings 
and fits the necessary stiffening. In this respect, the deck 
launched missile presents less of a structural problem to the 
designer as it does not transmit violent shocks to structures as do 
guns, blast is more of a problem than recoil. 

The more sophisticated the weapons’ system the more 
complex the back-up of command, control and communication 
sensors and electronics. The cost of weaponry in the Group D 
FAC craft is by far the biggest element, being quoted as seven 
times the bare hull cost and is so important that the Federal 
German Navy have had the electronics supplier as the main 
contractor for a new class of FPB rather than the shipbuilders. 

Fortunately in the economical patrol boat, the trend is to 
avoid over-equipping and it makes no sense politically or 
economically to fire a missile at a fishing boat or to pour streams 
of shells into a trawler. Rather, something to make a big splash, 
or light controlled accurate precision guns may be preferred. 
Deck-mounted missiles can be hurriedly fitted to the larger 
boats in times of emergency. 

The weapon inventory usually includes the bridge wing 
LMG’s and small arms with the necessary storage lockers and 
magazines. The improved rates of fire now developed, 
combined with long bursts of continuous fire, are involving 
larger quantities of ammunition imposing space and local 
variable weight problems to the designer. 

The Society, of course, do not recognise weaponry as it is not 
a classification item and it is usually excluded from owner’s 
supervision work undertaken as a marine specification service. 
Any serious weaponry fitted by a builder is usually fitted and 
tested under the supervision of the naval authorities of the 
building country as delegated by the Owner. 
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Ls INTRODUCTION 


The treatment of crankshaft stress occupies a prominent 
position in the Society’s Classification Requirements with 
respect to Diesel engines which denotes particular concern 
which cannot be explained entirely by safety aspects. 

For example, while integrity of the crankshaft is vital to 
maintain propulsion, a vessel would be equally disabled by a 
failure of the camshaft drive gear which is barely mentioned. 
The difficulties of producing crankshafts, calculating the service 
loads and the resultant stresses, and the central importance on 
overall size of the crankshaft may, in part, underlie the 
emphasis in the Rules. 

The Society’s statistics suggest that crankshafts are in fact 
very reliable components. In the last 10 years crankshaft 
failures which are attributable to inadequate scantlings are rare 
and most crankshaft fractures have developed as a consequence 
of bearing failure, excessive vibratory loading, or gross 
misalignment. 

Nevertheless the continued pressure on safety factors 
through efforts to obtain more power from a given size is a valid 
impetus to improve the Society’s understanding of crankshafts. 
Use of the greater computing power, which is now so readily 
available, has allowed calculations which would be quite 
impractical by traditional methods. 

This paper endeavours to present various aspects of these 
calculations and the underlying developement work. Some 
early work on stress concentration has been embodied in the 
present crankshaft Rules while other developments are still used 
in the form of research tools and for investigation work. 


Advanced calculation methods are not particularly trans- 
parent to the users and implicit assumptions and accuracy are 
far from easy to check. In consequence, correlation of 
calculations with measurements should be an essential part of 
all development work. The complex geometry and resultant 
stress concentrations of crankshafts have made in-service 
measurements of crankshaft stress particularly important and 
this is described in the paper. Other experimental work was 
carried out in the Research Laboratory at Crawley and resulted 
in quantifiable generalisations of geometry induced stress 
distribution characteristics. 


2. GENERAL LOAD AND STRESS SYSTEM 


The function of crankshafts is to convert the reciprocating 
motion of pistons into rotation against the resistance of the 
driven load and internal friction of the engine. Under service 
conditions, a crankshaft is subjected to fluctuating bending 
moments, torque and shear forces due to the gas and inertia 
forces. The stresses thus induced may be dynamically magnified 
if the mass elastic system is at, or near, resonance. Static stresses 
due to the mass, alignment and centifugal forces are superim- 
posed onto the fluctuating stresses. 

These stresses are further magnified in areas of rapid section 
changes such as fillets and oil holes. These magnifications are 
usually expressed in terms of stress concentration factors which 
differ for different type of loading and, in general, the location 
of maximum stresses are not coincident in space and occur at 
different times. For example, bending and torsional stress 
maxima are separated circumferentialy by about 10 degrees and 
the bending stress maximum tends to be deeper into the fillet 
axially. As both the maximum bending and torsional stresses 
may be dynamically magnified, it is extremely difficult to 
calculate crankshaft stresses rigorously. 

The task is further complicated by the finite stiffness of 
bearing pocket, bedplate and seating, the bearing clearances, 
and the presence of an oil film. 

In order to deal with these complexities with a manageable 
amount of effort, considerable conceptual simplifications are 
required. The extent of these is dependent upon understanding 
of the stress systems, calculating facilities and the cost of 
calculations in terms of man and machine time. 


af RULE CALCULATION BACKGROUND 


The current Rule calculation for crankshafts considers the 
stresses in two parts; static and dynamic. For the calculation of 
static bending stress, the crankshaft is visualised as a single 
crank subjected to 3 point bending due to gas and inertia forces, 
the crank being supported on the inner edges of the main 
bearings. The shear stress due to static torque is calculated from 
the summated torque through the crankshaft. 

After correcting the mean and fluctuating stresses in bending 
and torsion for stress concentrations, the combined mean and 
fluctuating stresses are obtained according to the MISES- 
HENCKY criterion of failure. These stresses are then related to 
the Sddaberg equation of fatigue failure to derive the Rule 
scantlings of crankshafts. 


For dynamic stresses due to torsional vibration, the Rule 
specifies the maximum acceptable stress level which is addition- 
al to the above. For axial vibration, the limit of acceptability is 
not defined other than that the amplitude of axial vibration 
should be satisfactory. This implies that any additional bending 
stress due to this phenonmenon will also be acceptable. 
Provision is made in the Rules for consideration of higher 
vibratory stress limits where the crankshaft scantlings are in 
excess of Rule requirements, but no allowance is made in Rule 
scantlings where the actual vibratory stresses are low. 

It will therefore be obvious that the overall stress level for a 
given engine is dependent upon the system to which it is 
attached. In practice, this results in penalising of certain engines 
and possibly over rating others. The reason for this piece-meal 
treatment of stresses is historical and goes back half a century 
when the reason for some failures was discovered to be the 
phenomenon of torsional vibration (Ref. 1). Whilst this 
approach has served well in the past, as evidenced by the low 
failure rates shown in Tables 1 and 2, a more unified approach 
with ‘‘Total Stress’’ concept would be desirable. 

Oil holes in crankpins and journals constitute stress raisers 
and crankshafts are known to have failed through these holes 
due to inadequate design. Smedley and Batten (Ref. 2) have 
investigated the influence of transverse holes on the fatigue 
strength of shafts and have demonstrated the importance of 
paying attention to the detail design of these holes. The 
Society’s Rules do not lay down dimensional criteria for oil 
holes except that ‘‘Oil holes at the surface of crankpins and 
journals are to be rounded to an even contour with smooth 
finish’’. It is, however, essential to ensure that the equivalent 
stress level in way of oil holes is not greater than that in the 
fillets, otherwise the oil holes become the governing factor for 
the design strength of crankshaft. 


Table 1 Main Propulsion Engine 
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3.1 Failure Statistics of Crankshafts 


Tables 1 and 2 show the number of Oil Engines fitted in ships 
built to LR Class between 1970 and 1985 inclusive, divided by 
engine cycle, cylinder formation and power ranges. Also shown 
is the number of engines at risk, number of cracked or broken 
crankshafts, aggregate service years and the incidence of 
cracked or broken crankshafts per 100 years’ service. 


3.2 CIMAC Proposal for Crankshaft Scantlings 


Due to differences in the Rules the same design of engine is, in 
general, approved for different ratings by different Classification 
Societies. This obviously causes problems for the Engine Builders 
and to resolve this they often have to base the design on the most 
stringent Rules or offer different materials to different Societies 
which increases their production costs. From the Builder’s 
viewpoint therefore, a unified Rule is preferable (Ref. 3). 

With this in mind the working group of Congres Internation- 
al des Machines et Combustion (CIMAC) developed new Rules 
during 1972-1979 and submitted their proposals (Ref. 4) to 
IACS for their consideration as unified Rules. Whilst the details 
of this proposal are too long to include in this paper, it is of 
interest to mention its essential features. Two alternative 
methods are proposed for calculating the bending stresses due 
to gas and inertia loads, one a simplified and the other more 
detailed. 

The simplified method considers the crankshaft as a single 
throw in 3-point bending and neglects the influences of 
adjoining cranks. Thus it is expected to give a conservative 
estimate of the bending stress and is easy to calculate. The more 
detailed method considers the crankshaft as a straight con- 
tinuous beam of constant equivalent diameter supported at 
main bearings and loaded at each crank position by the 
respective forces through the engine cycle. It also makes 
allowance for the flexibility for the bearing supports, the exact 
value of which is somewhat subjective. This yields the 
half-range fluctuating bending stresses due to gas and inertia 
forces. The half-range cyclic torsional stresses are calculated by 
forced-damped torsional vibration calculations and synthesised 
up to 12 orders. These bending and torsional stresses are then 
enhanced by the respective stress concentration factors. 
Additional bending stresses to allow for misalignment due to 
production and installation, hull deflections due to ship’s 
loading and sea conditions and also for axial vibration, if any, 
are added to the bending stresses calculated above. The total 
bending and torsional stresses thus obtained are combined in 
accordance with the Von-Mises criteria and an equivalent stress 
is obtained, viz. 


g =o," +37 
Where o, = Equivalent Von-Mises stress 
o, = Bending stress half range 
7 =Torsional stress half range. 


The factor of safety is defined as 
S = Fatigue strength/o, 


It is stipulated that the safety factor should be not less than 1.15. 
It will therefore be seen that the basic philosophy is that of total 
stress concept. 

Pending the acceptance of these proposals by IACS, 
considerable reservation is expressed by its members on 
different aspects of the proposal such as the fatigue criteria and 
the continuous beam method where the determination of the 
equivalent diameter and the flexibility of the shaft support are 
both subjective. 

Additionally, it is not clear to what extent this proposal is 
acceptable to the engine builders themselves. However, agree- 
ment has been reached in principle to adopt the simplified 
method as a Unified Rule by IACS to act as a simple 
“*go’’/**no-go’’ gauge. In cases where the design scantlings do 


e 


not meet this Rule, each Society will have to fall back on its own 
method of detail calculations. 


3.3. Stress Concentration Factors 


Stress concentration factors (SCF) in bending are defined in 
many different ways and consequently for their magnitudes to 
have any meaning, the precise definitions must be known. 
Therefore, when comparing SCF’s from different published 
sources, it is often necessary to manipulate the data in order to 
bring them to a common basis. Some common definitions are 
enumerated in Appendix 1. 

When the existing Rules, which were published in 1969, were 
being formulated, an extensive search of available data on SCF 
was made and it became apparent that the data obtained on full 
size crankshafts was small and tests involving journal fillets, 
recessed and compound radii in fillets, bore in crankpins and 
relatively thin webs were very limited indeed. Therefore, in 
order to be on the safe side it was decided to increase the SCF for 
inclusion in the Rules for certain parameters where the available 
data was insufficient, particularly with regard to thin webs. 

As a result of this finding, the Society embarked upon an 
extensive research programme to evaluate SCF and other 
factors influencing stresses in crankshaft which took several 
years to complete (Refs. 5, 6). 

In 1972, F.V.V., the German Internal Combustion Engine 
Research Association, completed their research programme of 
measurements for SCF’s and subsequently this was included in 
the abovementioned CIMAC proposals to IACS. As part of the 
Society’s consideration of this proposal, a comprehensive study 
of all the published data including the Society’s own data was 
made and as a result some modifications to the F.V.V. formulae 
were proposed by the Society. 

These formulae are detailed in Appendix 1. An interesting 
point to note is that F.V.V. have developed two factors for the 
bending SCF in the journal fillet; one for the bending stress and 
the other for direct stress on the web cross-section due to the 
shear forces in the web in the crank plane. 


4. GENERALISED CALCULATION METHODS 


Over the last 10 years progressive improvements have been 
made by the Society in the understanding of crankshafts and 
relevant calculations. Significant contributions have been made 
by the Crawley Research Laboratory, various Head Office 
Departments and by T.1.D. in the field. Too many Surveyors 
were involved to name them all individually, but they will be 
well aware of the part played by them. 

The overall concept followed by this work differs significantly 
from the CIMAC Method. Like Timoshenko, it considers the 
crankshaft to be a continuous assembly of bar elements, but it 
also recognises and enlarges the findings of Matsunaga (Ref. 7) 
that calculations using this model are in error by amounts which 
depend on the crankshaft geometry. Within this concept the 
static experimental work on model and full size crankshafts 
carried out at Crawley and described by Hildrew (Ref. 6) is 
embodied. 

This work has resulted in a software package which is used at 
present for development and investigation work. This has been 
described in the so-called Silver Book (Ref. 5) and by Archer 
and Syed (Ref. 8) but will be recalled briefly as several new 
features have been added in the last few years. 

One self contained part of this suite of programs is used to 
calculate the crankpin loads arising from gas and inertia forces. 

Crankshaft stresses arising from these loads and those due to 
uniform rotation of the crankshaft are calculated using a 
continuous beam theory developed by Dr Inns which considers 
the crankshaft as it is designed and does not attempt to replace 


Se it with a straight shaft of an equivalent diameter. This can be 


extended to a complete line of shafting from the propeller to the 
engine free end. 

The shafting is divided by reference stations into elements 
which connect them. Loads and moments can be applied at the 
reference stations and the shafting elements consist of two 
types, uniform section elements which can carry distributed 
mass and idealised representations of engine crank throws. 
Provision is also made to include discontinuities with spring 
stiffness such as vibration dampers and couplings in the system. 

Empirical corrections of the web length can be made to 
reconcile measured and calculated forces and moments based 
on the nominal dimensions. These correction factors were 
derived from the tests in the Crawley Laboratory and are 
described in more detail in Ref. 6 while Appendix 2 of this paper 
describes further interpretation work which includes redefini- 
tion of the torsion factor. 

The software package includes several linking sections and, 
by sequential calculation at different crank angles through the 
cycle, operation of an engine can be modelled by a series of 
static calculations. Dynamic magnification is, however, not 
taken into account. Initially only the bending moments, shear 
forces, torque, shaft slope and bearing loads were calculated 
while taking support stiffness into account. Subsequent de- 
velopements introduced calculations of web deflections, 
journal displacements in bearing clearances with oil film and 
several peripheral programs to make manipulation of the 
output data less time consuming. 

Because of the continuous development, the package became 
progressively larger consisting of two main programs, inter- 
faces and several programs to make data transfers and 
evaluation of results less arduous. To rationalise this package a 
new comprehensive program has been created where all the 
previous elements have been integrated, inputs and outputs 
rationalised and updated to work in S.I. units. A further 
additional facility has been added to calculate the tangential 
and radial harmonics of the crankpin loads which can be used 
for torsional and axial vibration calculations. Provisions for 
graphic facilities are made on the VAX computer where various 
plots of stresses and loads etc. can be obtained relatively easily. 

It is hoped that in future, this program will become a part of 
a unified suite of programs for shafting calculation when 
torsional and axial vibration programs are updated and a total 
stress concept is adopted for the shafting systems. 

It must be realised that the present pseudo-dynamic calcula- 
tions still fall well short of a rigorous analysis. Dynamic 
magnification due to vibrations is the major ommission and its 
inclusion is far from easy. 


mE ALLOWABLE STRESS 


For a given factor of safety, the allowable stress depends 
upon the fatigue strength of the material. The current Rules 
were based upon a bending fatigue limit of: 


o, = 185.Z. (st 
589. 


where Z is an enhancement factor for certain approved 
manufacturing processes such as continuous grain flow (CGF) 
forging, surface hardening which includes the crank fillets, and 
cold rolling of fillets. An appropriate enhancement factor is 
assigned by the Society when a process is approved. At the 
present time the maximum value of Z which has been approved 
is 1.6. 

Theterm(UTS + 157)/589, commonly referred to as the steel 
factor, describes the relationship of fatigue strength with 
material UTS. It will be noted that this factor is unity when UTS 
= 432 N/mm? (28 tons/in’) which was the minimum UTS 


) N/mm? 


required at the time. When this UTS was reduced to 400 
N/mm’, the steel factor was modified accordingly to (UTS + 
160)/560. 

The CIMAC proposal (Ref. 4) stipulates the following 
formula for fatigue strength: 


=K(0.42 UTS + 39.3) fo.264 + 1.073d~°? + 


785-UTS, 19% fT) ne? 
4900 UTS\/R 


where K = 0.93 for steel casting 
= 1.0 for free form, forging 
= 1.05 for CGF or drop forging 
d= Shaft diameter (mm) 
R = Fillet radius (mm) 
UTS = Ultimate tensile stress (N/mm’) 
Figure 1 shows a comparison of Rule and CIMAC fatigue 
strength against material UTS for K = Z = 1.0 and illustrates the 
size effect of CIMAC formula. It should be noted that the 
CIMAC fatigue strength values are generally lower than the 
Rule values except at the lower end of the shaft diameter and the 
UTS scales. Furthermore, CIMAC allows an enhancement 
factor of 1.05 for CGF whereas the Rules allow a factor of 1.15. 
Also CIMAC makes no provision for enhancement due to 
surface hardening or cold rolling. 
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Fig. 1 Variations of fatigue strength with UTS 


6. MEASUREMENT TECHNIQUES 


The pseudo-dynamic calculations described earlier rely on 
statical empirical factors which are subject to some uncertainty 
in a dynamic situation where bearing clearance with oil film and 
bed plate stiffness are also not readily quantified. Measurement 
of crankshaft stress under operating conditions was therefore 
desirable on two major counts; firstly to verify that the 
calculations were capable of modelling crankshaft stresses in a 
running engine and secondly to investigate the order of 
magnitude of misalignment induced changes and the support 
stiffness. 

As part of a co-operative venture between MAN, Bureau 
Veritas and Lloyd’s Register of Shipping, crankshaft stresses 
were measured by T.I.D. on a MAN 4-stroke medium speed 
type L8 40/45 engine and on MAN 2-stroke slow speed engine 
type K7SZ. Tests were performed in the Works and after 
installation of the engines in the ships. 

As maximum strains in bending and torsion are not 
coincident, strain gauges had to be provided to deal with the two 
stress regimes separately. It will be realised also that torsional 
strain cannot be measured directly but that strain gauges can be 
arranged to measure the complementary tensile strain at 45 
degrees to the plane of shear strain. 

As the precise locations of maximum strains were only 
approximately known chains of strain gauges were arranged but 
the available space and equipment imposed practical 
limitations. 

In general investigation work it is normally not possible to 
instrument crankshafts to measure fillet stress, but much useful 
information can be obtained with simpler experimental meth- 
ods particularly when investigating vibrations. 

Measurement of axial vibrations at the free end of the 
crankshaft with proximity transducers are frequently used to 
confirm calculations. Interpretation of the results requires 
calculation of stress from amplitude measurements which 
presupposes knowledge of the vibrating mode shape. As 
mentioned earlier, acceptability criterion of axial vibrations is 
not covered by classification rules of the society although 
calculations have to be submitted. 

Figure 2 gives the results of a recent investigation on a five 
cylinder B & W engine where the level of axial vibration at the 
free end gave rise to concern as the estimated associated bending 
stresses approached those imposed by the gas forces. The 
vibration was finally considered acceptable on the basis of total 
combined stress. 
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Fig.2 Axial vibrations at free end of crankshaft 


Acceptability of torsional vibrations is of course well covered 
by the classification rules but confirmatory measurements of 
natural frequencies and acceptable vibrations are still required 
fairly often for a variety of reasons. 


Torsional swing measurements at the crankshaft free end are 
a popular method, but as in the case of the axial measurements 
discussed earlier, interpretation of results by calculation is 
required to determine the torsional stress levels. Torsional 
strain measurements are clearly preferable as they yield stress 
values without interpretation if the strain gauges can be placed 
near the critical node point of the vibration mode in question. In 
crankshafts this confines this approach mainly to investigations 
of the crankshaft mode of torsional vibration. 

Crankshaft alignment is difficult to measure realistically. 
Web deflections are generally used as indications of alignment 
to avoid excessive distortion and will be discussed in greater 
detail later. 

An alternative approach is to assess crankshaft alignment 
from the straightness of the machined faces along the sides of 
the bedplate. The method can be questioned if used to assess the 
absolute alignment but if used on both sides of the engine the 
results reflect changes of alignment correctly. A variety of 
methods are available, optical telescope sighting and the taut 
wire method being the most popular. The latter is very simple to 
rig up and quick to use. It consists of a wire which is fixed at one 
end above the bed plate and passes over a free pulley fixed at the 
other end. The wire is tensioned by a weight attached to its free 
end which hangs free. Micrometer readings are made between 
the bedplate and the wire and given suitable reference faces, the 
method can also be used for horizontal measurements. In the 
case of vertical alignment checks, the readings have to be 
corrected for the sag of the wire. Given a standard gauge piano 
wire (0.4572 mm diameter) tensioned by a weight of 10 
kilograms, the sag of the wire at any point along the length is 
given by: 


Y =(S? — L’) /30723 840 


Where S = semi-span of wire in millemetres 
Y = sag of wire at a distance L from the mid-length of the 
wire relative to a line through the ends (mm). 

Evidently at the ends L=S and Y =O and at the mid-length 
L=O and Y =S*/30 723 840. Endpoints are rarely at the same 
height and if the outermost readings are HI and H2 then the 
correction to be applied per unit length is (H1 — H2)/2S. 

Given reasonable conditions this type of measurement can be 
repeatable to a few hundredths of a millimeter but accuracy 
declines if the height of the wire above the bedplate is much 
above half a meter. Similarly a very long wire becomes so sloppy 
that it is very difficult to know when contact is made with the 
micrometer. An electrical circuit which lights up a bulb when 
contact is made is normally used to assist repeatability of the 
measurement. 

After bearing failures it is common to find crankshafts to be 
bent by the high residual stresses generated by frictional heat, 
surface tractions and the quenching effect of the oil. Frequently 
journal and pin surfaces crack in a crazy paving pattern which is 
typical of thermally induced cracks. (Ref. 9). 

On crankshafts these cracks form in areas where high 
fluctuating stresses prevail under normal working conditions 
and would propagate if not removed. A number of specialist 
firms are capable of doing this work without removing the 
crankshaft but it may be useful to bear in mind several points 
which have led to difficulties in the past: 

(a) Crack detection after the final grinding should be by the 
fluorescent magnetic particle method. A crankshaft inves- 
tigated by T.I.D. failed through fatigue crack propagation 
from a crack which had been imperfectly removed by local 
dressing. 

(b) A number of field test methods to check run out and the 
parallelism of pins and journals have practical resolutions 
of measurements which are of the same order as the 
crankshaft tolerances. For example a typical precision 
spirit level used for afloat parallelity measurements is 
graduated in are minutes and this can be compared with 
typical parallelity limits of 0.5 minutes on large 4-stroke- 


Stress (N/mm*) 


engines. If checks of pin to journal parallelity are carried 
out afloat the inevitable motion of the vessel even in 
sheltered water is likely to make use of a more sensitive 
system difficult. Comparison of readings taken on the 
crankshaft with a reference level on the engine frame can be 
helpful provided that the two instruments have similar 
response times. Roundness of crankpins after repairs is 
typically assessed by measurements of diameter. This can 
miss short wavelength circumferential waviness which is 
reported to reduce the load carrying capacity of bearings 
significantly. (Ref. 10). 

(c) Surface finish after regrinding of large journals and pins 
can be checked directly with a portable surface finish 
gauge. Alternatively where space is too restricted for access 
with such an instrument, resin replicas can be taken for 
assessment outside the crankcase. 

(d) Sometimes crankshafts can be reduced by several milli- 
meters by regrinding when satisfactory blending of the new 
surface with the existing fillet can become difficult. Perusal 
of stress concentration data given earlier in the paper 
shows that introduction of tighter radii near the maximum 
stress concentration can have a marked adverse effect on 
stress levels. 


Us TYPICAL RESULTS AND APPLICATION OF 
CALCULATIONS 


Verification of calculations in an absolute sense is exceedingly 
difficult and could be the subject of an ancient philosophical 
debate which transcends the scope of this paper. For practical 
purposes however, comparison with measurements provides a 
reasonable yardstick to assess the usefulness of the calculations. 

In the case of the 4-stroke MAN engine it was found that 
correlation was better in the centre of the engine, where the 
calculated stresses agreed reasonably well with the measure- 
ments. Figures 3. to 5 give comparisons of measured and 
calculated pseudo-dynamic bending stress and torque in the 
forward crankpin and journal fillet of number 5 crank. It was 
also found that correlation could be improved by taking 
elasticity and clearance of the bearings into account. 
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Fig.3 Bending stress in 4-stroke engine 
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Fig.4 Bending stress in 4-stroke engine No. 5 crankpin 
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Fig.5 Torsional stress in 4-stroke engine No. 5 crankpin 


Earlier comparisons of calculations with measurements 
made by the engine builder on a Mirlees KV-6 Major engine 
gave somewhat better correlation (Ref. 5) but these calculations 
had been based on assumed bearing stiffnesses which differed in 
the vertical and transverse directions. 

On the 2-stroke MAN engine measurements were made at the 
end cylinders only where correlation was better than with the 
4-stroke MAN engine. (Figures 6 to 9). 
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Fig.6 Bending stress in 2-stroke engine No. 7 crankpin 
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Fig. 8 Torsional stress in 2-stroke engine No. 1 crankpin 
(Free end) 


Fig. 9 Calculated journal locus in No. 1 main bearing 
(2-stroke MAN engine) 


Also, the calculation method yields crankpin and journal 
bearing loads which can be used to construct the usual bearing 
load polar diagrams. These have proved useful in investigations 
of problems involving bearings, bedplates and balancing. A 
polar load diagram for No. 8 main bearing calculated for a 
Ruston 9 cylinder 4-stroke engine of 370 mm bore is given in 
Figure 10. 
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Fig. 10 No. 8 main bearing loads 


The facility to calculate web deflections has been utilised to 
assess the significance of web deflection measurements on 
bearing load and crankshaft stress and to estimate the 
crankshaft alignment. The deflection of the Jth crank web is 
given by: 

D;=A,,(H,) +A,,(H,) +-— + A,,(H,) +--- + A, ,(H.,). 

where D, is the web deflection of the Jth crank and the A,,, (H,) 
represent the influence of unit misalignment at bearing K on the 
deflection at crank J. 

This system of simultaneous equations can be expressed 
concisely in square matrix form by deleting one of the end 
bearings 
i.e. 

[D]=[A] . [H] 

[H]=[A]~' . [D] 
The solution gives the theoretical alignment of the crankshaft 
and the calculation can be performed from the other end to 
include the effects of both end bearings. 

While mathematically correct and although somewhat 
subject to rounding errors because differences of small numbers 
are involved, the method involves the controversial assumption 
that the crankshaft is supported at all bearings. It can be 
recalled, however, that modern engines invariably use thin wall 
bearings where in practical terms bearing wear induced 
misalignment is very limited. Seating deflection or poor 
chocking are thus more likely to affect alignment than bearing 
wear and this is likely to involve several cylinders. Nevertheless 
it would be good practice to ensure that crankshaft journals are 
down in their bearings by jacking them down before taking 
deflections in order to establish the alignment line by not 
allowing the journal to deflect in the bearing clearance. 
Calculations of the effect of web deflections on crankshaft stress 
suggest that the major engine builders stipulate maximum 
newbuilding deflections which are conservative and this also 
applies to the common practice of allowing a doubling of 


© deflections in service. 


8. CONCLUDING REMARKS 


This paper has covered briefly many aspects of the wide and 
complex problems connected with crankshaft calculations and 
has placed on record the progress made since the paper by Dr. S. 
Archer (Ref. 11). It has become possible to calculate stresses 
faster and with greater accuracy, partly due to improved 
calculation methods, but not least due to greater computing 
power. 

Further developments should logically result in a revision of 
the crankshaft rules which have been in force since 1969 but 
ultimately a unified calculation method based on an instan- 
taneous total stress concept should be aimed for. 
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APPENDIX 1 


CRANK PARAMETERS AND STRESS 
CONCENTRATION FACTORS (SCF) 


Bending 
moment 
diagram 


B= Breadth of crankweb at ; 


S=} (D, +D,) -E=Overlap of pin and journal 


Fig. 11 Single crank element in 3-point bending and 
crank parameters 


(a) Non Dimensional Parameters 


(b) Loading in 3-point Bending of single crank element model 


P =crankpin load in crankplane 
M, =P(L—1—2W)/4= Bending Moment at a 
M,, =P(L—1—W)/4= Bending Moment at b 
M. = P(L —1)/4= Bending Moment at c 
SF, = P/2=Shear force at b 
o,, = Maximum stress 
Oy =%n+%,=Nominal stress in journal fillet 
(CIMAC) 
= Nominal bending stress in fillet = M,/BW 
Fx = Nominal direct stress in fillet = SF,/BW 
Z = BW’/6 = Crankweb modulus in bending 
A. = BW = Crankweb section area 
Z,= 7D (1 —d_*)/32 = Crankpin modulus in bending 
4 
Z,=" (PoP) /32 = Journal modulus in bending 


J 


(c) Some common definition of bending SCF 
(i) SCF=2" 
OBN 


Gi) SCF=——_“=___ 
M,/Z, (or Z) 


(9,,). 


(ii) SCF in pin fillet =———__* + —______ 
o,, at mid length of pin 


(iv) CIMAC SCF in pin fillet = 
RN 
CIMAC_ SCFin journal fillet is devided in two parts, 


viz 
6, =SCF due to bending moment at b 
Bo =SCF due to shear force at b 
The maximum stress in journal fillet is defined as: 


py = Ign * By tn * By 
SCF’s calculated in terms of 8, and 8, cannot be related 
directly to the measured single value of FVV research or 
compared with the single values of the published data. 
Therefore an equivalent SCF, 8,,. combining 8, and B, can 
be derived as follows: 


pain a) 


: [22 
Te () 


i.e. Bye = 


(d) Conversion factors: 


In order to convert the SCF defined in (c) (i) above to a 
common basis of CIMAC definition, the following can be 
derived: 


(i) Atcrankpin fillet (plane c), 


. . (9,,). 
SCF defined > C—————— 
efined in (c) (i) a, M/Z, 
CIMAC_ SCF, a,=—7™= 
p/ Ze 


GQ 


M Z, 
(ii) For journal fillets. P= (Fr) (>) * a, 
J 


Relationships for cases (c) (ii) and (c) (iii) can be derived in a 
similar manner. 


(e) Formulae for SCF proposed by CIMAC: 


(i) In 3-point bending 
Crankpin fillet (with no recess): 


a, = 2.6914. f(s,w) . f(w) . f(b) . f(r) . f(d)) . f(d,) 
where 


f(s,w) = — 4.1883 + 29.2004w — 77.5925 w? 
+ 91.9454 w’ — 40.0416 w* 
+(1—s) (9.544 — 58.348w + 159.3415w? 
— 192.5846w* + 85.2916w*) 
+(1—s)? (— 3.8399 + 25.0444w — 70.5571 w? 
+ 87.0328w* — 39.1832w*) 
f(w) =2.1790w?”!”! 
f(b) = 0.6840 — 0.0077b + 0.1473b? 
f(r) =0.2081r'- 953” 
f(d,) =0.9993 + 0.27d, — 1.021 1d,” + 0.5306d,’. 
f(d,) = 0.9978 + 0.3145d, — 1.5241d.? + 2.41474). 


Journal Fillet (with no recess): 
B, = 2.7146 £,(s,w) . f,(w) . f(b) -f,(r) - f,(d)) - f,(d,) 
where 
f,(s,w) = — 1.7625 + 2.9821 w — 1.5276w? + (1 —s) (5.1169 — 
5.8089w + 3.1391 w*) + (1 —s)°(— 2.1567 + 2.3297 w — 
1.2952w’) 
f,(w) =2.2422w°’** 
f,,(b) = 0.5616 + 0.1197b + 0.1176b* 
fy(r) =0.1908r °° 
f,(d,) = 1.0012 — 0.644 1d, + 1.2265d,’ 
f,(d,) = 1.0012 —0.1903d,, + 0.00734,” 


and 
Bo = 3.0128f,(s) : fo(w) : f(b) : fo(r) ; f,(d,) 
where 


f(s) = 0.4368 + 2.1630(1 —s) — 1.5212(1—s)? 


Ww 
1o(™) = 9.9637 +.0.9360w 
f(b)= —0.5+b 


fo(r) = 0.53314! 52) 
fo(d,) = 0.9937 — 1. 1949d + 1.7373d,” 


Cranks with Recessed Fillets: 


FVV have not investigated this type of crank and CIMAC 
propose an additional factor, f,, for a,, 8, and 6, 


where 
fpp=f,,=1 +(t,+t) (1.8 + 3.2s) 
This is applicable in the range 


t, (or t)<r, (or r,) and 
—0.3<s<0.5 


The frequency distributions of the ratio of measured SCF to 
calculated SCF, \, for the crankpin and journal fillets are shown 
in Figure 12. 


(ii) In Torsion 
Crankpin fillet: 
a, =0.923f(r,s) . f(b). 
where 
f(r,s) = r! ~ 0,322 + 0.1015(1 —s)) 
f(b) = 7.8955 — 10.654b + 5.3482b’ — 0.857b° 
Journal fillet 
B, =0.923f(r,s) . f(b) 


zx 


where r=—=r 


ond) 
D J 
J 
and f(r,s) and f(b) are as defined above for the crankpin. 
Society’s research (Ref. 4) indicates that the SCF in torsion is 
also a function of web thickness but this parameter has not been 
included in the CIMAC formula. Therefore the CIMAC 
formula has been modified by including a factor f(w) derived 
from the Society’s test results and the modified CIMAC 
formulae are as follows: 


a, =0.785f(r,s) . f(b) . f(w) and 
a, =0.785f(r,,s) . f(b) . f(w) 


where 


f(w) = (w) 0.145) 


& The remaining terms are as defined above. 
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Fig. 12 Frequency distribution of \ in 3-point bearing 


Figures 13 and 14 show the frequency distributions of the 
ratio of measured to calculated SCF in torsion, \, as proposed 
by CIMAC and },,,,, as modified by the Society from which it 
will be noted the distributions are improved by modification. 
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Fig. 13 Frequency distribution of \ in torsion 
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Fig. 14 Frequency distribution Of \\,op in torsion 


APPENDIX 2 


EXPERIMENTALLY DERIVED FACTORS FOR 
FLEXIBLE LENGTHS OF CRANKWEBS 


Flexible 
length qr 


(a) Bending in plane of crank 


Flexible 


a1 A length pr 


(b) Bending at right angles to plane of crank 


Flexible 


L- length kr 


(c) Torsional 


Fig. 15 Crankweb factors 


The p, q and s— factors, empirically derived by Society’s 
Research Program was reported by Hildrew (Ref. 5). The 
s—factor related to the flexible length of the crankpin but a 
factor similar to s for the flexible length of journals has not been 
published. Furthermore the data format required manual 
interpolation which is not condusive to computerisation. The 
data was therefore reviewed and it was decided that when the 
shaft is subject to torque this flexible length factor should also 
be related to the crankweb for consistency with p and q factors. 
The s factor was therefore deleted and a new factor k was 
calculated as defined in Figure 15. Additionally, the data for p, 
q and k factors have been manipulated to give the following 
formulae: 


(i) q factor 
q=f(w) . f(b) . f(s) 


where 
f(w) =0.536 + 5.1057w — 10.5084w? + 9.1114w° 


f(b) = 0.3618 + 0.4714b 
f(s) = 1.2078 —0.685s 


11 


(ii) p factor 
p=f(w) . f(b) . f(s) 


where 


f(w) = 0.0096 + 0.0985w + 1.3484w? 
f(b) = 0.105 + 0.6683b 
f(s) = 1.2618 — 0.7535s 
(iii) k factor 
k= f(w) . f(b) . f(s) 


where 


f(w) = 0.5083 + 3.1012w 
f(b) = 0.7309 + 1.2469b 
f(s) = 0.8955 + 0.350s 


The range of parameters investigated are: 


1.077<b<1.77 
0.173 <w<0.74 
—0.25<s <0.45 


The standard deviations for p, q and k factors were 14.9%, 
13.9% and 13.8% respectively. 


The parameters w, b and s are as defined in Appendix 1. 
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SYNOPSIS 


A risk associated with the use of diesel engines in potentially 
flammable atmospheres is now well recognized. A diesel engine 
which is intended for operation in hazardous areas on offshore 
installations is considered to be a source of the possible ignition 
of surrounding flammable atmosphere with subsequent fire or 
explosion of an unpredictable scale. The risk could be 
significantly reduced by the design and construction of special 


protective arrangements for diesel engines in order to minimise 
the effects of an immediate possibly flammable environment. 

It is impossible to achieve absolute protection. However, 
reasonable or acceptable safety, which is a compromise between 
the cost of protection and risk involved, can be achieved. 

One of the main problems of protection of the diesel engine 
lies in the interpretation of the concepts of ‘‘acceptable safety”’ 
and ‘‘reasonable protection’’. Dependant upon a company’s 
code of practice or other recommendations, requirements for 
the protection of diesel engines differ considerably and in some 
cases this leads to over protection or under protection. This also 
indicates an absence of uniform criteria for an acceptable level 
of protection. The Author has attempted to free himself from 
the pressure of existing regulations and to consider possible 
hazardous situations by applying principles of combustion 
theory and gas dynamics, by analysis of experimental data on 
gas combustion and, finally, to identify areas of risk and 
recommend methods of protection of diesel engines. 

Thus it is hoped that this paper will contribute to a better 
understanding of the problems associated with the safe use of 
diesel engines on offshore installations. 


INTRODUCTION 


Diesel engines are widespread in the offshore industry as 
prime-movers for various types of equipment including source 
of power for cranes and transportable power packs used for 
wire-lining, well-servicing etc. Operational conditions very 
often require diesel engines to be located in areas designated as 
hazardous due to the possible presence of flammable gases in the 
surrounding atmosphere. A diesel engine could provide sources 
of ignition and initiate combustion of a flammable surrounding 
atmosphere. In this case the classical combustion triangle of 
fuel, source of ignition and atmospheric oxygen is present. 

To break this combustion triangle, there are two options. 
Firstly, to separate sources of ignition from fuel (in this case 
flammable gas). This can be achieved by installation of the 
engine in a pressurised enclosure where the air intake for 
pressurisation is arranged from a safe area and exhaust gases 
from the engine are discharged to a safe area. Usually 
permanently installed engines driving equipment such as 
generators, fire pumps etc. are protected by pressurised 
enclosures. Requirements for such engines and their pressurised 
enclosures are clearly outlined in the Department of Energy 
Guidance Notes on Design and Construction of Offshore 
Installations and will not be considered here. 

The second option to prevent external combustion is to 
eliminate possible sources of ignition within the engine and 
prevent the spread of combustion to outside the engine if 
ignition does occur from a source which cannot be eliminated 
due to the nature of the engine. This method of protection is 
usually used for non-fixed and transportable engines such as 
crane engines and various diesel driven power packs intended 
for use in Zone 2 hazardous areas as defined in B.S. 5345. This 
method of protection will be considered further in the text. It is 
worth mentioning that diesel engines are not permitted in Zone 
1 areas or Zone 2 enclosed areas as there is no reliable method of 
protection of diesel engines operating in such areas. 

Non-fixed and transportable engines could, for illustration 
purposes, be placed at the bottom of an “‘incident iceberg”’ as 
they operate in ‘‘unsafe conditions’? due to the possible 
presence of a flammable mixture. 


An accumulation of circumstances such as the occurrence of 
flammable atmosphere, source of heat and ignition can lead to 
an explosion with disastrous effects (top of incident iceberg, see 
Figure 1). 


Ignition/explosion 


Unprotected diesel engine operating 
in flammable atmosphere 


Occurrence of flammable atmosphere 


Unsafe conditions 


Fig. 1 Incident iceberg of operating conditions 


At the present time, despite some progress achieved in the 
construction of protection systems, there are still considerable 
problems in providing assured protection to diesel engines 
offshore. In the following text diesel engines are considered to 
be operating in a hazardous, flammable environment; stage 3 of 
the incident iceberg. 


1. THE NATURE OF HAZARDS 


Every conventional, unprotected diesel engine can be a 
source of hazards, the nature of which are as follows. 


1.1 Excessive surface temperature of the engine parts and 
exhaust gases 


The exhaust gas temperature of diesel engines varies 
depending on the design, construction and load of the engine 
and could be as high as 500°C. Surface temperature of the 
exhaust manifold and piping depends on the exhaust gas 
temperature and construction of the exhaust system. Under 
certain conditions, such as bearing failure or mechanical 
damage, surface temperatures of some other parts of the engine 
could also be excessive. 

Excessive temperatures of exhaust gases and engine parts 
could exceed the auto-ignition temperature of the mixture of 
gases involved. The auto-ignition temperature of the mixture 
depends on the chemical composition, concentration and 
physical phase in the air and the heat transfer from the hot 
surface to the flammable gas/air mixture. A knowledge of the 
auto-ignition temperatures of the gases in the various areas of 
platforms and their most flammable mixture with air is essential 
for determining the safe surface and exhaust gas temperatures 
of diesel engines. 


1.2 Discharge of sparks and flames 


In exhaust systems carbon deposits can build up even under 
normal operation of the engine. When correct combustion of 
fuel in the engine is affected by poor adjustment or wear of fuel 
pumps, injectors or dirty air filters, it makes carbon build up 
rapidly. Iron oxides (rust) could also be present in exhaust 
systems. Carbon ignition could occur at 457°C which is below 
the exhaust gas temperature of some engines. 


When burning carbon deposits and rust are blown out by 
exhaust pressure, they discharge as sparks which may be hot 
enough to ignite a flammable surrounding atmosphere. 

A direct flame path exists, in the engine cylinder head, during 
the overlapping of inlet and outlet valves and this could be the 
cause of ignition of flammable gases in the induction manifold. 
The possible consequences of the ignition could be stabilised 
combustion, or combustion with fast moving flames, or even 
explosion or detonation with final blow-out flames to the 
atmosphere. Ignition could occur in the exhaust system with the 
same effect. The discharge of flames and sparks can be through 
joints and penetrations in exhaust and induction systems, and 
cylinder head joints. 

Overloading of the engine could be the cause of the discharge 
of flames and sparks. Thermal overloading due to the increase 
of mechanical load on the shaft, or inefficiency of the cooling 
system, can increase exhaust gas and surface temperatures, as 
well as damage the engine mechanically, causing discharge of 
sparks and flames. Speed overloading could occur when the 
engine ingests a flammable mixture and continues to run even 
after the fuel has been shut off. In this case, the speed of the 
engine becomes uncontrollable resulting in the engine being 
overheated and finally disintegrating with the discharge of 
sparks and flames. 

The engine crankcase has always been considered as a source 
of hazard since the oil-vapour/air mixture becomes very 
explosive when heated to a certain temperature. In the case of a 
failure of the lubrication oil system or bearing, a rapid rise in 
bearing temperature could provide hot spots for ignition of the 
oil/air mixture and an explosion blowing out flame. 

Frictional and incendive sparking could occur when rotating 
parts of the engine come into frictional contact with stationary 
parts, e.g; when the radiator steel fan comes into contact with 
the surrounding steel casing. 

Diesel engines with light aluminium alloy parts could 
generate incendive sparking. Aluminium alloys contain alumi- 
nium and magnesium which are very good de-oxidisers. They 
reduce iron oxide (rust) to iron and combine with the released 
oxygen forming aluminium oxide. This is a strongly isothermic 
reaction which may produce a large volume of incendive sparks. 
The incendiary sparking could be generated by friction between 
aluminium and steel, for example when an aluminium alloy 
radiator fan contacts a steel casing. 

Rotating parts of an engine with belt drives could generate 
and discharge static electricity in the form of sparking. 
Electrical equipment fitted to the engine can also produce 
electric sparks with very large energy. Electrical starters, or 
generators of engines can produce such sparks. 

Mechanical vibration of the engine and associated piping 
systems can be the cause of frictional contact of engine parts 
and loose joints in piping. This could create additional hazards 
by producing sparks and magnifying the hazards described 
above. 

Careful investigation of all possible hazards, understanding 
the processes of their possible development, assessment of the 
magnitude of hazards and probability of occurrence are the 
initial factors in the design of effective protection for diesel 
engines on offshore platforms. 


2. APPLICABLE THEORY FOR PROTECTION OF 
DIESEL ENGINES 


Before designing effective protection of diesel engines, it is 
necessary to assess quantitatively the scale and probability of 
expected hazards. This can be done by using basic principles of 
the theory of combustion of gases and gas dynamics as well as 
the principles of probability theory. On this basis the theoretical 


study of ignition and combustion processes of flammable @ 


mixtures in connection with diesel engines are considered in the 
following sections. 


2.1 Ignition 


A major hazard on offshore installations may be expected 
from the escape of production gases, therefore further 
consideration of combustion properties of the gas will mainly 
be related to natural gas with a chemical composition of Bacton 
Gas (95% methane, 3.5% ethane, 1.5% nitrogen and a small 
percentage of butane and other gases). However, the possible 
presence of various vapours and gases on offshore platforms in 
way of diesel engine operation should not be ignored when 
determining safety aspects of such operations. 

It is well to mention that not every gas-air mixture can be 
ignited, but only when there is a certain percentage of gas in the 
air. Arange between minimum and maximum percentage of gas 
in air which can be ignited is usually called the range of 
flammability, and the minimum and maximum percentages are 
known as the lower and upper flammability (or explosive) 
limits. For natural gas-air mixtures the range of flammability is 
between 3.8% and 17% of gas by volume in air at ambient 
temperature and atmospheric pressure. For methane it is 
5.5% -15% (28). The most violent reaction occurs when there is 
enough oxygen for complete combustion, i.e. the correct 
combustion mixture or stoichiometric mixture. The concentra- 
tion of gas such as 0.9-1.0 of stoichiometric mixture is 
considered to be the most dangerous as it needs minimum 
energy for ignition. For natural gas this is 9.5-10% of gas by 
volume in air. It was shown by experiment (32) that the lower 
limit of flammability reduces by 10% of that determined by 
ambient conditions each time the temperature of explosive 
mixture is increased by 100°C. This is very important when 
considering diesel engines since explosive mixtures at certain 
parts of the engine could be at a temperature of 300-500°C and 
therefore the lower limit of flammability could be reduced by 
40-50%. 

It is well known that for initiation of ignition of an explosive 
mixture it is necessary that a certain minimum energy be 
released by the heat source. This minimum energy, called 
minimum ignition energy, is transferred to molecules of 
explosive mixture and activates them. Activated molecules 
collide with other molecules of explosive mixture and initiate 
the chemical reaction of combustion. The difference between 
energy of activated and inert molecules is called activation 
energy. The combustion process could be described on the basis 
of kinetic theory of gases and more modern chain reaction 
theory of combustion. 

When a reaction of combustion has started it is self 
propagating if the following condition is fulfilled: 


q,> 4, 


Where q,= heat released by chemical reaction of combustion in 
unit time. 
q,, = heat lost in surroundings. 

According to Lewis and Gaydon (4 & 9), minimum ignition 
energy En is a function of the temperature gradient of the gas 
(T,-T,), thermal conductivity (A), minimum flame diameter 
(quenching diameter d), and standard flame speed v,. It is 
difficult to find a positive relationship for these parameters, 
however, Lewis derived such a relationship which takes the 
form 
xd A,(T, Te) 


Uy 


En = 
and proved to be in rough agreement with experiments and can 
be used for practical purposes for hydrocarbon flames. 

Lewis (4), during experiments with electric spark ignition, 
found that minimum ignition energy for methane air mixtures is 
about 0.8 x 10? joules at atmospheric pressure. Other sources, 


such as (9) quote that hydrocarbon/air mixtures have a 
minimum ignition energy 0.2-0.3 x 10? joules at atmospheric 
pressure. In any case an electric spark of such energy is so small 
that one cannot see it with the naked eye. 

Ignition depends very much on the kind of heat source. As 
previously mentioned, diesel engines provide heat sources for 
ignition such as hot turbulent exhaust gas, hot surfaces of 
various parts, sparks discharged from exhausts, sparks 
produced by discharged static electricity or electric sparks 
originated by electrical equipment if fitted, flames blown out 
from combustion chamber and frictional and impact sparks. 
The mechanism and parameters of ignition of flammable 
explosive gas/air mixtures by these sources is different, 
however, common characteristics for all types of ignition are as 
follows: 


(a) Ignition depends upon the physical and chemical state of 
the explosive mixture. 

(b) Ignition is possible only in the region within the flammabil- 
ity limits. 

(c) Heat energy of the source of ignition (such as temperature 
and size of surface, size of hot sparks and their tem- 
perature, power of electric spark) is in inverse relation to 
the ‘‘activity’’ of the gas mixture. 


Therefore, when the concentration of oxygen is changed in 
the gas/air mixture, or mixture is pre-heated, or the pressure is 
above atmospheric, ignition could occur with less ignition 
energy. 

Notwithstanding the type of heat source, the time of contact 
of the hot ignition source with a relatively cold explosive 
mixture is a very important factor. In any case, the time of 
contact must be greater or equal to the time required for 
initiation of chemical reaction of combustion which can be 
described by the emperical relationship (32) 


20 


a 
x = (sec 
T it ) 


° s 


Where: o, = reaction time in flame zone 
T, — T, =temperature of combustion and initial temperature 
of gas. 
uv, = standard flame speed in the flammable mixture. 
a= coefficient (temperature conductivity). 


Ignition of a surrounding explosive atmosphere by the 
turbulent stream of exhaust gases discharged from an exhaust 
pipe or broken joint occurs as a result of intensive mixing of a 
cold explosive mixture with hot exhaust gases. A particular 
feature of turbulent stream ignition is the fact that at certain 
times and points within the turbulent stream the concentration 
and temperature of the mixture could be such that ignition 
could occur despite the average temperature and concentration 
of the mixture being much less than is required for ignition. 
Therefore, the temperature of exhaust gases should be kept well 
below the auto-ignition temperature of expected explosive 
mixtures. 

The theory of ignition by a hot turbulent stream is not yet 
developed and therefore, safe temperatures of exhaust gases 
can be determined only by experiment. Various codes of 
practice recommend that the temperature of exhaust gases 
should not exceed 0.6-0.8 of the auto-ignition temperature. 
Table 1 gives safe exhaust gas temperatures for a number of 
gases most likely to be present on offshore installations. 

Ignition of flammable mixtures by hot surfaces has the same 
basic mechanism as auto-ignition, the only difference being that 
the ignition by hot surface is localised but auto-ignition occurs 
in the whole volume of gas as it is described by standard tests 
recommended by, for example, BS4056 or ASTM test 
D2155/66. 

There is a functional relationship between ignition energy 
(proportional to activation energy) and surface temperature 
necessary for ignition of a flammable gas which is in contact 


Table 1 


Safe Exhaust 
Gas Temp. 
Taken as ; of 


T/Class 
(BS 4683 Pt. 1 
(1972), 


Ignition 
Temperature°C 


Nia 


Natural Gas 482-650 
Methane 595 
Propane 470 
Condensate 
Vapours 275 
Av. Kerosene 210 
Vapours 
Tri-ethylene 

Glycol 370 


with a hot surface. One of the forms of such a relationship is 
given below as an example of relationships between properties 
of the gas, its ignition energy and surface temperature necessary 
for ignition. The general relationship has been derived by 
Adomeit (8) who has studied ignition by hot wires and rods: 


Where: T, = surface temperature 
R= molar gas constant 
Q =the molar reaction enthalpy 
q,, =the smallest local value of heat flux at ignition body 
in nonreactive flow 
A,,= Coefficient which represents the influence of the 
equivalence ratio upon the overall rate of heat 
generation. 
E* = activation energy of ignition reaction. 


* 
As can be seen from the above relationship, = is a 


characteristic of the gas and f- Aw is a characteristic of the 


VAQ(A,) 
heat exchange between a hot surface and a gas in the 
surrounding atmosphere. 


Ignition temperatures of flammable gases ignited by hot 
surfaces are significantly higher than corresponding auto- 
ignition temperatures. This can be explained by the fact that the 
condition of heat exchange and physical state of the gas in 
practice differs from that of standard test conditions. For 
comparision, auto-ignition temperatures and ignition tem- 
peratures of a hot surface acting asa source of ignition are given 
in Table 2 (32) 


Conditions of free convection as in the experiments tabled 
above, are not achievable in practice since the radiator fan of a 
running engine and wind will always create an air flow 
(explosive mixture flow) along hot surfaces. Therefore, time of 
contact of the mixture with the surface will be shortened and 
ignition temperature will be higher than as shown in Table 2. In 
view of this, the surface temperature of diesel engine parts could 
be safely taken as 0.9 or even equal to auto-ignition temperature 
of the expected explosive mixture. 

The main feature of ignition by electric sparks is that 
relatively small spaces between electrodes produce very high 
energy. Therefore, between electrodes due to the high level of 
ionisation of molecules, combustion reaction starts practically 
instantaneously, however, propogation of reaction from the 
zone of ignition to the bulk of explosive mixture depends upon 
the state of the mixture and the power or energy of the spark. 

In general, discharge of static electricity sparks could occur 
from pre-charged items isolated from the earth conductors, 
from dielectrics under the influence of high voltage, from so 
called sliding discharge when two dielectrical surfaces slide 
against each other (like some belt drives) or any other object. 
Ignition by impact, or contact sparks, occurs due to the 
generation of high temperature in the points of contact, the 
surface of contact being small in relation to the force applied, 
especially if the surface is rough. Temperature at the point of 
contact could reach melting temperature of the metal and, if in 
motion, small particles of melted metal tear away and discharge 
as sparks. It was found that during the impact of two steel 
objects with a carbon content up to 0.8%, sparks were produced 
with a temperature not lower than 1350-1400°C. A particle of 
metal with such a temperature is undergoing the process of 
oxidisation with the generation of additional heat. The most 
dangerous impact sparks are those generated during the impact 
of aluminium alloys with a corroded steel surface and during the 
impact of two aluminium alloy parts with a surface oxidisation 
film above 2-5 microns (0.002-0.005mm.) During frictional 
contact particles of iron and aluminium tear away. Iron oxide 
and aluminium particles produce a thermal reaction with a large 
release of heat as previously mentioned. 

Apart from hot exhaust gases and hot surface temperatures, 
ignition of flammable gases could occur in the induction system 
during the overlapping of valves or scavenge ports. Especially it 
could happen when the engine is overheated. In this case the 
fuel/air mixture becomes preheated and ignition in the cylinder 
can occur earlier than the designed moment resulting in higher 
explosive pressures P, and temperatures than expected. Ignition 
timing will be disturbed and in this case the probability of 
blowback and failure of joints is increased. One could expect 
that in the induction system the velocity of the gas/air mixture 
could be much higher than the flame velocity and, if ignition 
occurs, flame could not propagate to the open end of the 


Table 2 


Pg aunt? Vo) Temperature °C (°K) Hot Surface 


Hot surface 


Aart ies ul 
Auto-ignitio Ignition 


510(783) 
610(883) 
610(883) 
500(773) 


880(1153) 

1470(1743) 
1160(1433) 
1180(1453) 


Hydrogen H, 


Methane CH 
Methane CH 


a 


4 


Natural gas 
(93.2% CH,) 


Natural gas §00(773) 940(1213) 


Material 
and 
Shape 


Diameter Velocity of Gas 
mm. m/sec 


Steel rod 6.3 60 


Tungsten wire 0.025-0.5 Free convection 


Steel net Free convection 


Steel rod Free convection 


Steel rod Free convection 


induction piping as it will be drawn in the direction of the 
cylinder head and cylinders. This could be true for a uniform 
laminar flow of the flammable mixture in an air intake. But in 
reality uniform laminar flow can never be achieved in a diesel 
engine induction system. Owing to the reciprocating motion of 
pistons and the presence of bends and obstacles in the piping, 
flow becomes turbulent. Different types of obstacles can serve as 
flame stabilisers where the velocity of the gas flow could be 
reduced to less than the flame velocity. In this case, flame 
stabilises near such obstacles and then propagates to the open 
end of the system or to the outside of the engine causing external 
ignition. Under certain conditions, ignition can occur in the 
exhaust system. However, the probability of ignition of a 
flammable mixture in the exhaust system is less than in the 
induction system. Flammable gas from the surrounding 
atmosphere cannot enter exhaust piping when the engine is 
running at normal speed since pressure of the exhaust gases will 
always be higher than atmospheric. However, during starting 
and stoping of the engine, flammable gas from the outside could 
be present in the exhaust system and be ignited. 


2.2 Combustion and probable combustion regimes 


Any combustion process is a chemical reaction between a 
flammable substance and oxygen. Generally the dynamic 
aspects of the reaction rather than its chemistry are considered 
here. For the sake of definition one form of combustion can be 
presented schematically as in Fig. 2. 


Fig. 2 Schematic of combustion 


Here, reaction zone 2 (flame) is considered to be standing still 
and unburnt gas with initial parameters P;; E, and velocity U, 
streaming towards reaction zone 2 and burned gas or products 
of combustion with parameters P,,; 3,; E, and velocity U, 
flowing away from reaction zone. The symbols P; #; E are 
pressure, specific volume and specific energy respectively. 

The laws of conservation of mass, momentum and energy can 
be applied for the initial and final states of the gas. 


e,U, = @,U, conservation of mass 
U,'e,+P,= U,’e, alee momentum 
ty Ge 
He nda a ak energy 


Where o = density of the gas 
H=E+ Po entalpy of the gas 
Q=is the heat of the reaction of the unit of gas. 
For any gas state, the equation of state can be written in the 
form: 
P=RTeg where R is the gas constant and T the temperature. 


Assuming that reaction of combustion always goes to 
completion and neglecting all forms of loss, the state of the gas 
in zone 3 (P,#,E,) can be found. The solution of the above four 


equations is usually represented by the pressure-volume curve 
Pd for the burned gas. The curve is called the Hugoniot 
adiabatic or curve of combustion (Fig 3) and in the final form 
can be presented as: 


aii, P,d,) Q=h(P, P,)(3; —9,) 


The Hugoniot adiabatic (curve) was introduced as a general 
equation for a single compression of the gas by shock waves. If 
there is no chemical reaction of combustion the Hugoniot curve 
passes through the initial point with parameters of the gas P,0,. 
If there is combustion the curve lies above point o (curve 2). The 
curve represents the locus of final states P,#, for any initial state 
P, J, and the addition of heat. 

The Hugoniot curve of combustion consists of three parts 
which in general represent three possible types of combustion 
regimes; detonation, deflagration and non-stationary regimes. 
The top part of the curve, above the point b, describes the state 
of detonation products and the branch below point c describes 
the final state of the products in deflagration regimes. Between 
points c and b lies imaginative states of non-stationary regimes. 
Two tangents oa and od can be drawn from the initial point o to 
the Hugoniot curve with points of tangency at a and d. Point o 
represents the final state of the gas with minimum possible 
detonation velocity D = 3,/tga and point d represents the final 
state of gas with maximum velocity of deflagration. 

When assuming a diesel engine as a possible source of ignition 
of flammable gases it is convenient to consider the three above 
mentioned probable combustion regimes with sub-divisions as 
follows:- 

(a) Deflagration. 
(i) Combustion in open space at ambient condition. 
(ii) Combustion in pipes and ducts. 
(iii) Combustion in closed volume. 


(b) Non-stationary combustion regimes with accelerating 
flames. 


(c) Detonation. 


2.3 Deflagration 


Deflagration is a slow combustion described by the lower 
branch of the Hugoniot curve and usually takes place with a fall 
of pressure P<P,, in the reaction products as they expand. 
Each point on the lower branch of the curve represents the 
deflagration regime with some constant velocity defined by the 
slope of the straight line (Mikhelson-Rayleigh line) from the 
point 0 to the appropriate point on the Hugoniot curve. For 
example, the velocity of combustion products in state d' is 


defined by 3,,./tga which is less than 3,./tg@ at state d. 


2.3.1 Slow combustion in open space at ambient conditions 


This combustion regime takes place when there is no 
restriction on the expansion of exhaust products at atmospheric 
pressure and ambient temperature. Under this condition there is 
no significant change in pressure P = P, and the flame velocity is 
very low. On the Hugoniot curve this mode of combustion is 
presented by final state of combustion products at point c. The 
slope of the secant oc is very close to zero, therefore the speed of 
products is minimal and consequently flame speed is very low. 
Flame velocity achieved during this mode of combustion is very 
often called standard flame velocity. Some examples of flame 
velocities taken from various sources are given in Table 3 and 
for natural gas/air mixtures it does not exceed 40 cm/sec. 

The combustion propagates by conducting heat from burnt 
gas to unburnt gas and also by diffusion. Slow combustion in an 
open space with standard flame velocities relates to laminar flow 
of gas and it has no practical significance as laminar flow in open 
space cannot be stable since the flow gradually becomes 
turbulent and the flame accelerates. 


Here; curve 1 =adiabatic for shock compression 
- curve 2= combustion curve 
O(P,#,) =initial parameters of the gas mixture 
O!' = final state of shock compressed gas mixture 
Symbols on the combustion curve 2 are final states of the gas 
for different combustion regimes. 


pe 
y 
/ 


volume 0 


Fig.3 Hugoniot curves 


Table 3 


Gas Air Mixture | Natural Gas Methane Propane Ethane Ethylene 


Flame velocity 
cm/sec 


Stoich.mixture % be 10 9.8 4.02 4.7 6.51 


37 42 64 


However, it should be noted that most types of combustion 
initially start as slow combustion with subsequent development 
into other combustion regimes. Therefore, it is useful to know 
the basic parameters of slow combustion when considering 
more violent processes in ducts and pipes. 


2.3.2 Combustion in pipes and ducts 


In ducts and pipes the combustion wave usually has a greater 
velocity than that given in Table 3. The explosive mixture is 
confined to the pipe and flow induced by thermal expansion is 
restricted by the pipe walls. The propagation of a combustion 
wave in pipes is not adiabatic, there being heat losses through 
the wall and friction in boundary layer adjacent to the wall with 
subsequent reduction of flow velocity. 

Therefore, a combustion wave has a divergent character of 
propagation. This is due to the fact that mass flow through the 
cross-section of the pipe is not uniform, as mass flow in the 
centre of the pipe is greater than at the boundary. Consequently 
the area of chemical reaction of combustion is not plain but 
curved and the flame front is stretched. Thus more unburned 
gas enters the reaction zone producing more heat and finally 
increasing the speed of flame. Final states of combustion 
products during slow combustion in pipes are presented by 
points on the lower branch of the Hugoniot curve between 
points c and d with maximum speed of reaction and maximum 
velocity of the flame front at point d. Propagation of slow 
combustion depends on thermal conductivity of the mixture \ 
and rate of chemical reaction, which in turn depends upon the 
concentration of the reagents and temperature. The equation 
for Hugoniot curve of slow combustion can be as follows: 


ate 


<7 P9-Q=49P-P) (5) 


Where the speed is determined by the slope of tangent at point 
d. 


P.-P 
and is 2 ake 
v Al 


P 
then P= K i which is always less than P). 


With assumptions of lossless combustion and independence 
of \, the thermal conductivity from temperature, Zeldovich (5) 
showed that if the flow in the pipe is laminar the flame velocity 
attains the maximum value and is dependant only upon the heat 
of reaction and maximum velocity of stationary slow combus- 


: om: : l . 
tion which is proportional to ——, where Q is the heat of 


reaction per gram mixture. In this case the flame velocity could 
be expressed by the final formula: 


Cc? 
V.= : 


© 4/29(K? = 1) 


Where C, is speed of sound in gaseous mixture and K is the ratio 
of specific heats. 

Calculations carried out by the author for stoichiometric 
mixture of Bacton gas with air give the value of Vc, maximum 
velocity of slow combustion, equal to 78.6 m/sec. Initial 
parameters of the gas taken were: 


T,= 298°K, P,=1 Bar, R, =0.2996 kJ/kg°K — gas constant, 
and K,=1.39. Heat losses were not taken into account and 
actual speed would be less than calculated by this formula. The 
maximum expected flame temperature during slow combustion 
in pipes is 2200°K (4 & 9). 

As it was shown by Lewis (4) and others, flame speed is 
increased with increase of pipe diameter when all other 
conditions remain the same. 


(5) 


2.3.3 Combustion in closed volume 


This type of combustion can take place within the diesel 
engine in spaces such as induction and exhaust systems and 
crankcases when there are no provisions made for relieving the 
pressures of expanding products of combustion. Combustion in 
a closed volume can be treated as slow combustion or 
deflagration and is not a dangerous combustion regime as such 
but, due to the restrictions for free expansion of combustion 
products, pressure in such confined spaces rapidly increases and 
finally explosion takes place, especially if the closed volume is 
large. This could happen if, for example, the shutdown device 
closes the air intake too late when combustion of the explosive 
mixture in the induction system has already started. Ignition of 
flammable gas/air mixtures in the air intake is more likely to 
occur in the induction manifold from the closed end of the 
system. There is little hope that the explosion pressure could be 
fully released through one or two partially open cylinder valves 
since their area is much smaller than that of the induction 
system. When there are no relief devices fitted, the system 
should be treated as a closed vessel and in this case maximum 
explosion pressure is expected. 


Due to the fact that combustion in a closed volume starts as 
slow combustion and closed volumes within the diesel engines 
are usually not large enough to allow significant acceleration of 
the flame front, the expected flame velocities cannot be higher 
than the maximum velocity of slow combustion. For a natural 
gas/air mixture it is 78.6 m/sec, calculated without taking heat 
losses into consideration. Calculations of maximum possible 
explosion pressures and analysis of experimental data of the 
various references were carried out by the author. The 
calculated maximum explosion pressure for stoichiometric 
mixture of gas and air is Pexp= 8.4 bar and maximum 
temperature is Texp.=2506.6°K (assuming adiabatic ex- 
plosion). Maximum pressures obtained from experiments with 
methane in steel bombs are 7.5-8.4 bar when the initial pressure 
was | bar (4 & 6). From equations for explosive pressures 


T, 2M, 
, Dou 
it can be seen that the maximum explosive pressure (Pexp) very 
much depends upon the initial parameters of the gaseous 
mixture P,, T,, 3,, - pressure, temperature, density (specific 
volume). Here 2M, and =-M, are the number of moles after and 
before reaction. Q is the heat of reaction and K the ratio of 
specif heats. It has been generally established that explosive 
pressures are approximately half of the detonation pressures for 
the same gas. 


_(K—1)Q = 
ita ad ig 


2.4. Non-stationary combustion regimes with accelerating 
flames 


Slow combustion with constant speed could be possible as 
long as flow remains laminar, but if gas flow becomes turbulent 
the combustion process is prone to accelerate. Combustion 
produces stream turbulence which increases the surface of the 
combustion wave and therefore the amount of a gas burnt per 
unit time. The more gas burnt per unit time the more rapid 
combustion will be, resulting in more intensive turbulence and 
so on, so that the combustion process becomes unsteady and 
self-accelerating. Turbulence originates at the walls in tubes and 
ducts and is carried into the flow from turbulating devices and is 
generated by the flame itself. Rough pipes, deposits in pipes, 
bends, obstacles and long pipes all increase turbulence and 
contribute to flame acceleration. 

Generally, gas dynamics considers a gas flow in pipes, with 
Reynolds’ Number higher than 2300, as turbulent and self- 
acceleration of flames could therefore occur in such pipes. 


It was shown by Schelkin (7) that turbulence generated by the 
flame itself could increase laminar velocity by 10 to 100 times. 
This is due to the fact that turbulent velocity is equal to laminar 
velocity increased by the ratio of the turbulence enlarged 
surface of the flame front to the area of the undisturbed surface. 
For example, a 90° bend with a ratio of bending radius to 
diameter equal to one, increases the surface of reaction by two. 
Therefore an increase in flame velocity could be expected of at 
least twice that of the initial laminar flow. In turbulent flow it 
could be even higher. Experiments carried out by Pyroban 
Limited (27) with propane-air mixtures in a pipe of 50 mm in 
diameter, 1.5 m long and three bends, showed flame speed as 
high as 277 m/sec. 

It should be noted that flame generated turbulence finally 
reaches a constant value in a pipe of given diameter and all 
additional increase of turbulence is normally due to the 
construction of piping and the number and location of 
turbulating devices. 

Non-stationary combustion regimes in the Hugoniot dia- 
gram, Fig. 3, correspond to the line c-b. Flame speed in this 
region is above the maximum velocity of slow combustion but 
smaller than detonation velocity. However, if a flame is 
progressively accelerating it could reach detonation velocities or 
high velocities of non-detonative combustion which possess 
high destructive power just as detonation does. 


2.5 Detonation 


Detonation is a practically instantaneous process of combus- 
tion of flammable gases which is accompanied by very high 
flame velocities (2000-3000 m/sec) and pressures and therefore 
having a high destructive power. Detonation usually develops in 
confined spaces such as ducts and pipes. In diesel engines 
operating in flammable atmospheres detonation could develop 
in the air intake, in exhaust systems and in crankcases. 

Detonation is initiated by shock-waves or sometimes de- 
velops by transition from normal combustion with progressive- 
ly accelerating flames. This is more likely to occur in long pipes. 
This phenomenon of combustion was studied by Zeldovich and 
Newman and according to their model fully developed 
detonation is the instantaneous combustion of flammable gas, 
compressed and heated by shock-waves which are created by 
combustion itself or introduced by other sources. 

Regimes of detonation on the Hugoniot curve are presented 
by their final state of detonation products as points above point 
b in Fig 3. The point of tangency, a, is the final state of 
detonation with minimum detonation velocity, very often 
called Chapman-Jouquet detonation. Final detonation states 
which lie above point a represent so-called overcompressed 
detonation and below point a states of undercompressed 
detonation. During the compression by shockwaves, par- 
ameters of the flammable gas change along secant OO! with the 
final state of compression at point O' which lies on the adiabatic 
of compression without combustion (curve 1). Gas ignited by 
high temperature of shock compression with the following 
combustion and expansion of gases is along the line O'a. Final 
parameters of this detonation are attained at point a on 
combustion curve 2. Slopes of secants drawn from the point 
O(P,3,) to any point of the upper branch of the Hugoniot 
combustion curve determine the velocity of detonation. Above 
point a the velocity of overcompressed detonation is greater 
than the minimum velocity at point a and theoretically could 
reach infinity. So points a' and a'! represent undercompressed 
and overcompressed detonation with equal velocities since the 
slope of secant Oa'a'' is the same. 

In the case of diesel engines the initial shock wave could 
develop from pressure impulses in the induction system as the 
gas flow is not steady and always turbulent due to reciprocating 
movement of pistons and valves and the design of the system. 
During the overlapping of valves or scavenge ports, the 


blow-out of flames could occur from the cylinder of the engine 
and initiate a shock-wave. In the case of an ignition this 
shock-wave, in a sufficiently long pipe, could develop into a 
strong shock-wave with velocities of Mach 3 to 6 and 
detonation. Fully developed detonation is detonation when its 
velocity and the velocity of the shock-wave are equal. 
According to Zeldovich for full development of detonation, the 
pipe should be at least 15 diameters in length with developed 
turbulent flow. 

Not every combustion process in pipes could develop into a 
detonation. If a flammable gas/air mixture is slow burning, 
detonation could not occur at all. There is no data readily 
available on the detonation of methane or natural gas in air, but 
Lewis (4) obtained detonation of methane/oxygen/nitrogen 
mixture as CH, + 1.50, +2.5N,. A velocity of 1880 m/sec was 
recorded. 

Investigations carried out by Zeldovich, Schelkin and others 
showed that sometimes slow burning explosive mixtures which 
cannot detonate under normal conditions can detonate if a 
small percentage (1.5-3%) of other gases is added to the 
mixture. The addition of other gases to flammable mixtures 
changes the kinetics of chemical reaction and a normally 
undetonative mixture could detonate. 

In an induction system, when natural gas/air mixture is 
ingested, there may be several gases mixed together such as 
compounds of natural gas, oil and diesel fuel vapours, 
carbon-monoxide, water and others. Most of these gases can 
detonate individually. The composition of the flammable 
mixture in the air intake can be even worse when a crankcase 
breather is connected to the air intake, or a permanently 
installed easy-start system leaks. The chemical composition of 
such a mixture is unpredictable and could vary considerably 
depending upon its condition and time in service of the engine 
and its design. 

In view of this, the possibility of detonation in induction and 
exhaust systems cannot be ignored. In order to assess the 
magnitude of expected detonation pressures and flame veloci- 
ties, calculations of possible theoretical detonation for 
stoichiometric mixture of Bacton Natural Gas with air were 
carried out by the author. The calculations were based on 
thermodynamic and gasdynamic properties of the gas and the 
Zeldovich-Newman model of detonation. The results of the 
calculations are summarised in Table 4 from which it can be 
seen that the mixture of natural gas and air chosen by the author 
cannot detonate due to the following reasons. 

To initiate and propagate detonation, the speed of the 
shock-wave should be high enough to get the temperature T, 
behind the shock-wave higher than the shock ignition tem- 
perature of the mixture T,,, ,,. If the shock-wave velocity is 
small, the temperature behind the shock-wave cannot reach the 
ignition temperature of the gas mixture. Therefore the 
combustion cannot be instantaneous since it is in detonation, 
but will continue by conducting the heat liberated in the reaction 
to the unburnt gas and by diffusion as it is in deflagration. It 
should be noted, however, that shock ignition temperatures 
Tien sn ATE usually higher than spontaneous ignition temperatures 
T,,,» aS the induction period for initiation of the chemical 
reaction in shock waves is very short. For most mixtures the 
difference between T,,, ,, and T,,, is not very high but for 
methane/oxygen mixtures the shock ignition temperature was 
found to be unusually high-1360°K (9) (shock tube experi- 
ments). It is obvious that this temperature is much higher than 
the spontaneous igintion temperature of the same mixture, 
556°C. If it is assumed that shock ignition temperatures of 
natural gas/air mixtures are about the same order of magnitude 
as for methane/oxygen mixtures, then the calculated tem- 
perature (Table 4) behind the shock wave T,,' is not high enough 
for ignition of the mixture. 

But in reality, detonation is more complicated. A shock-wave 
could reflect from walls or obstacles thus forming rarefaction 


Table 4 


Calculated detonation parameters for stoichiometric mix- 
ture of natural gas and air. [1 K mole of mixture taken as 
0.0944 CH, +0.0032 C,H, +0.0009 C,H, + 0.0015 N, +0.19 


(0, + 3.76 N,)] 


Standard heat of reaction of 1 K 


mole of mixture 82146.072 kJ 


Heat of reaction at combustion 
temperature 84822.122 kJ 

2396 kJ 

33991.3kJ 


48434.3 kJ 


Heat lost on dissociation 
Heat lost on heating of Nitrogen 
Effective heat 


Ratio of specific heats at 
combustion temperature 1.29 


Ratio of specific heats of 


unburnt gas , | 1.39 
Lossless detonation velocity 1522.2 m/sec 


Detonation heat and mechanical 
losses 60.88 m/sec 


Maximum pressure behind the 
shock-wave in front of the 
detonation: 


20.59 Bar 
22.35 Bar 


with loss 


without loss 


Temperature behind the 
shock-wave: 


1275 °K 
1376.6°K 


with loss 
without loss 
Reaction time in pipe 
ID=100 mm 
ID= 150 mm 


Minimum length of pipe needed 
for fully developed detonation 
in pre-turbulated flow 


d=50 mm 
d=100 mm 


8.2113 x 10~* sec 
1.23169 x 10° *sec 


and oblique shock-waves which, under certain conditions, 
could increase the local compression ratio of the gas and ignite 
it. However, even under conditions of successful ignition, 
detonation does not necessarily occur as the transition to 
detonation depends upon the pipe diameter and the size of 
detonation cell (size of transverse shock wave spacing). For 
comparison the detonation cell sizes of some gases are as 
follows: 


CH,-O, =4.3mm 

CH,-Air = 300 + 20mm 
H,-O, = 1.5mm 
H,-Air= 15mm 


C,H,-O, = 0.2mm 
C,H,-Air = 5.9-9mm 


There exists a critical pipe diameter for the failure of 
detonation and it was found (31) that this is half the size of the 
cell. Propagation of the detonation and its existence is possible 
if the pipe diameter is larger than the critical diameter. 


It can be expected that real gas/air mixtures in the air intake 
will be different from that given in Table 3 and this could 
increase the probability of detonation. Even a small increase in 
initial pressure and temperature, as it is in supercharged 
engines, significantly increases pressure and temperature of the 
shock-wave and detonation could be possible. This should be 
taken into consideration for the design of protective systems for 
diesel engines. This is especially important when it is expected 
that the diesel engine will be located in an area where several 
gases may be expected. 


2.6 Mechanism of Flame Quenching 


Flame front in tubes is not plain but curved and stretched. 
The extent of curvature is determined by the Karlovits number 
or stretch factor K. There exists a critical divergence (charac- 
terised by K) of flame front at which the balance between 
production of heat and loss of heat is not established, i.e. more 
heat is being lost than produced and therefore the flame is 
quenched by the unburnt gas only, even without external heat 
sinks. 

Critical divergence can be obtained if the flame is confined 
between two parallel plates, the distance between being ‘‘h’’ 
and called the quenching distance, or in a pipe of diameter ‘‘d’”’ 
called the quenching diameter. Quenching distance and 
quenching diameter are minimum dimensions in which flame 
can still propagate, but are quenched if these dimensions 
decrease. These critical parameters of flames are used in the 
construction of flame arrestors. Every gaseous mixture has its 
own critical parameters which means that flames of the mixture 
can be effectively quenched only by a flame arrestor which is 
especially designed to quench flames, the critical parameters of 
which are the same as the mixture. Quenching diameter is very 
often called the minimum flame diameter and it is considered 
that gas cannot be ignited if it is confined in a volume less than 
that of the quenching diameter at ambient condition. This 
principle is used in the design of flame arrestors. The main 
purpose of flame arrestors is to divide flame front into a number 
of elementary flames of a size less than quenching diameter 
(distance). These elementary flames are extinguished by cool 
unburnt gas and, additionally, the flame arrestor aperture 
provides an external heat sink. 

Quenching distance/diameter depends on the speed and 
pressure of the flame front. It was found that quenching 
distance is approximately inversely proportional to flame 
velocity and pressure: 


d=(pu,)" 
Where: d = quenching distance, 


p = pressure, 
U,= flame velocity. 


With increase of flame velocity and pressure, as in the case of 
explosion or detonation, quenching distance and diameter 
decreases. From experiments it was found that quenching 
distance and diameter should be taken as 50% of that 
determined at ambient conditions for the design of flame 
arrestors to quench explosion flames. (15). 

Quenching distances and the diameters for some gaseous 
mixtures at ambient condition are given in Table 5 using 
experimental data from various sources, which are in good 
agreement with each other. 

Attempts to compute quenching distances and diameters 
theoretically lead to very lengthy and unreliable calculations 
due to a number of simplifications and assumptions accepted in 
combustion formulae. It is more practical, simple and reliable 
to determine a quantity, such as quenching distance, by 
experiment. For approximate calculation concerning spark 
arrestors, empirical formulae (15) can be used in addition to a 
subsequent prototype test of the arrestor. 

Quenching distance and diameter should not be confused 
with the concept of minimum experimental safe gap (MESG) 


Table5 Critical Parameters of Some Flames at Ambient Condition 


Standard 
Flame Velocity 
cm/sec 


Gas Mixtures 


9.5% CH,-air 
40% CH,+0, 
5% C,H, + air 
4% C,H, + air 


} Methane 


} Propane 


which is normally used for the design of explosion proof 
enclosures for electrical apparatus. MESG is approximately 
equal to half of the quenching distance. 


2.7. Probability of ignition and explosion caused by diesel 
engines 


The probability of ignition and explosion of a gaseous 
mixture surrounding a diesel engine is a combination of two 
probabilities. First, the probability of the appearance and 
existence of an explosive mixture in close proximity to the diesel 
engine and secondly, the probability that the diesel engine at this 
time can provide a source of ignition. 

The probability of occurrence of a flammable atmosphere obeys 
theoretical laws. Such probable events as gas or vapours leaking 
and mixing with the surrounding diesel atmosphere in explosive 
concentrations from process vessels, relief valves, various joints in 
pipelines, wireline lubricators or bottom hole plug etc. are events 
of occasional nature which may be assumed as stationary and 
ordinary events falling within the Poisson’s law of distrubution. 
Probability of such occasional events ie. probability of occurrence 
of explosive atmosphere can be found by: 


p= 1-e” 


Where: p = probability 
\= average number of events per unit time 
7=time between two similar operations (for example 
period between inspection of process vessel, main- 
tenance of relief valve or workover/wireline 
operations) 


Research carried out in (32) showed that the probability of a 
gas/vapour leak and creation of an explosive mixture lies 
between 1 to 10° and in relation to hazardous area is as follows: 


Table 6 
Zone 0 P=1 
Zone | P=107 
Zone 2 P=10% to 10° 


Areas can be considered safe if P is less than 10°. 


There is no data on calculated probabilities of ignition by diesel 
engines and the author’s attempts to calculate this proved to be 
unsuccessful due to the very limited number of known cases of 
ignition and explosion caused by diesel engines. However, a few of 
the known cases (Hatfield Moore in the Midlands) ended with 
devastating effects which cannot be ignored. It should be assumed 
that if the engine is not protected at all and produces all sources of 
ignition as described in Section 1, the probability that such an 
engine would ignite an explosive mixture is 1. Moreover, even if 
one of the sources continuously produces a hazard, as for example 
when the engine has an exhaust gas temperature above the 
auto-ignition temperature of the gas involved, the probability of 
ignition should be taken as 1. 

The overall probability of ignition of an explosive mixture by 
an unprotected diesel engine at the present stage of research can 
be taken as the probability of a presence of explosive mixture as 
given in Table 6. 


Karlovits 


10 


Quench 
Distance 
(h) cm 


Quench 
Diameter 
(d) cm 


One could say that probabilities of such magnitude are very 
small, but when compared to the cost of protection of a diesel 
engine and the cost of a gas producing platform, it becomes 
clear that even with such small calculated probabilities the risk 
of loss of life and a multi-million pound platform is too great. 


3. SOME DESIGN PROPOSALS FOR PROTECTION 
SYSTEMS 


3.1 General 


On the basis of the above theoretical consideration and 
analysis of experimental data, combined with practical ex- 
perience gained during surveying and testing of diesel engines 
for use offshore, it is possible to formulate the main principles 
for design of protected engines and their protective systems. 

To minimize the risk associated with the use of diesel engines 
in potentially flammable atmospheres, the engines and any part 
of their protective equipment should be designed for the most 
unfavourable condition. This condition should be based on the 
following assumptions: 


(a) Flammable gas/air mixture in the most dangerous con- 
centration can be present in the area of engine operation. 


The engine can provide a source of ignition as described in 
the section ‘‘Nature of Hazards’’. 


Ignition, with development to the most dangerous combus- 

tion processes such as detonation and explosion, could 

occur within the engine. 
As previously mentioned it is not possible to achieve absolute 
protection, however, an acceptable level of protection must be 
achieved. Acceptability of the level of protection could be 
determined by accurate data on the physical and chemical state 
of the expected gas and knowledge of the expected condition of 
operation of the diesel engine. For example, if the engine is 
located in a region where no gases other than natural gas are 
present, the surface temperature can be taken as high as 
450-500°C, but if condensate vapours are expected in the area 
then the surface temperature should not exceed 183°C (see 
Table 1). Levels of protection will determine the size and 
number of protective devices. 


(b) 


(c) 


3.2. 


Induction and exhaust systems should be designed to 
withstand the maximum expected pressure and temperature. 
Maximum pressures are detonation pressures (20.5 bar), but 
they need not be taken as design pressures because detonation 
itself can be prevented by correct construction of the systems. 
By constructing the air intake as short as possible, with a 
minimum number of bends and unnecessary obstacles, it is 
possible to avoid significant flame acceleration, development of 
strong shock-waves and detonation. By avoiding the practice of 
leading crankcase breathers and cold start piping into the 
air-intake, the possibility of detonation can be reduced. 


Induction and Exhaust Systems 


Detonation can thus be avoided, but explosion could occur in 
any system. Therefore the design pressure for the construction 
of induction and exhaust systems should be taken as the 
maximum possible explosion pressure (8.4 bar). The induction 
system from the cylinder head to the first shutdown device, 
including the flame-trap, should be designed to withstand this 
pressure. All other piping should be designed for at least 2 bar, 
in accordance with a recognised code, (eg. ANSI B31.3). 

This was confirmed during experiments carried out by 
Pyroban Limited and others when it was found that in short 
(1.5 m) open systems pressures even for fast burning mixtures 
did not exceed 1.84 bar. A design pressure of 8.4 bar for the inlet 
and exhaust manifolds and parts of piping to the first shut-down 
device, corresponds well with many national regulations for 
diesel engines operating in undergound coal-mines as shown in 
Table 7. 


3.3. Flame Arrestors 


As ignition and flames are expected in induction and exhaust 
systems provision should be made to quench these flames. 
Flame arrestors serve this purpose by employing the mechanism 
of quenching described above. There are many different types 
of flame arrestors, but for the protection of diesel engine 
induction and exhaust systems, the most suitable are crimped 
metal and parallel plate arrestors. These types of flame arrestor 
have low resistance to gas flow and withstand explosion 
pressures. They are compact and their cost is relatively low. The 
flame arrestor should be designed for a pressure of 10 bar, and 
temperature 2508°K with an aperture size 50% of the quenching 
diameter (distance) (15) of the expected flammable gas (or of the 
fastest burning gas in a mixture of different gases). In the case of 
natural gas it should be the quenching distance of propane. 


Table 7 


Design 
Pressure (bar) 


In order to provide a safety factor on assumptions during 
calculations it is reasonable to take a design pressure of 10 bar. 
As mentioned before, in supercharged engines explosion 
pressures will be higher than 10 bar. Moreover, an induction 
system with a supercharger should be treated as a closed vessel 
between the engine and supercharger. To predict pressures in 
sucha case is difficult and therefore provision should be made to 
release explosion pressure by by-passing the supercharger as 
shown in Fig. 4. 

All connections in induction and exhaust systems should be 
flanged or screwed. Existing regulations require a minimum 
flame-path in any connection of not less than 13 mm with a 
probability of having a gap between the flanges. This require- 
ment has an obvious connection with requirements for 
flameproof electrical apparatus where flange connections are 
very often used without any gaskets at all. Such requirements 
cannot be automatically applied to diesel engine air intakes or 
exhausts (as it is at present), for the following reasons: 


(a) Diesel engine induction and exhaust system connections 
are normally designed with gaskets. 


(b) Inthe case of gasket failure the recommended 13 mm flame 
path could be efficient only in the case when the height of 
the gap would not exceed the quenching distance (1.28 mm 
for ambient conditions and at least 0.64 mm in case of 
explosion). The height of the gap is impossible to predict 
universally, as this depends upon the initial thickness of the 
gasket, number and tightness of fixing bolts and regularity 
of maintenance. However, if the system is designed, 
constructed and tested to withstand 10 bar and regularly 
serviced and maintained, the probability of flame being 
blown out through a flange connection could be significant- 
ly reduced. 

Any penetrations through the pressure wall of the system, 
such as spindles and stocks, should satisfy the same require- 
ments as for flameproof enclosures. By experiment it was found 
that they should have geometrical clearance of not more than 
0.13 mm on the length of 25 mm (BS 5345). Gaskets used in the 
flange connection should be metal clad or of other suitable 
material in order to withstand high temperature and pressure 
during the combustion of flammable mixtures. 

No insulating material should be used on the outside surface 
of the systems as, being permeable, it would allow flammable 
mixture to contact the surface of the piping which, under 
insulation, would be even hotter. 


2. Air intake manifold. 
4. Relief valve with relief in by-pass pipe 
6. Air filter. 


1. Rotor blade blower. 
3. Flame arrestor. 
5. By-pass pipe. 


Flame arrestor fitted in by-pass pipe 


Exhaust gas out 5 


2. Air intake manifold. 
5. Exhaust gas manifold. 


1. Turbo-compressor. 
3 and 4. Flame arrestors. 


Flame arrestors in turbo-charged engines 


Figure 4. Location of flame arrestors in supercharged engines 


The anticipated flame speed determines the design width of 
the flame arrestor. The effectiveness of the arrestor increases 
with the increase in the width. Flame velocity during explosion 
depends upon the size of piping and should be determined 
experimentally by prototype tests. Calculations carried out by 
the author showed that crimped metal flame arrestor with a 
crimp height h=0.6 mm, 120 mm in diameter and of 38 mm 
thickness fitted in a pipe of 100 mm o/d and 1.5 mlong with two 
90° bends (expected V.=256.8 m/second) is capable of 
quenching explosion flames of natural gas/air mixtures with a 
velocity of 513 m/second. 

Flame arrestors are usually designed with minimum resis- 
tance to gas flow and therefore relatively high pressures can be 
expected after a flame arrestor in the event of an explosion. This 
is the reason for having air intakes and exhausts between flame 
arrestors and the open ends of the systems made of robust 
construction, capable of withstanding 2 bar pressure as 
mentioned previously. An efficient flame arrestor is one which is 
designed not just for a particular gas, but also for a particular 
air intake or exhaust system bearing in mind considerations of 
turbulence, possible flame acceleration, and the arrestor 
location. The flame arrestor should be located as close as 
possible to the expected source of ignition. Finally, each type of 
flame arrestor should be tested in simulated explosion con- 
ditions and supplied with a certificate of testing and instructions 
for maintenance. 


3.4. Spark Arrestors 


The main purpose of a spark arrestor is to prevent discharge 
of any sparks from engine exhausts to the atmosphere. It should 
be designed to satisfy engine manufacturers recommendations 
for maximum back pressure in engine exhausts, should be of 
robust construction and capable of withstanding pressures of at 
least 2 bar. Materials for spark arrestors should be thermally 
suitable, that is, should not deteriorate or corrode at high 
temperature. The effectiveness of spark arrestors should be 
tested in simulated conditions and they should be supplied with 
a test certificate and particulars of construction and main- 
tenance. The cyclone type spark arrestor is considered to be the 
most suitable for diesel engines offshore. Spark arrestors should 
have clear identification and must not be confused with 
silencers, however a combination of flame arrestor and silencer 
is possible. 


Se 


Protected diesel engines are expected to be equipped with 
shutdown devices and alarms activated by an overspeed sensor, 
a lubricating oil pressure failure sensor, high cooling water 
temperature sensors or high surface temperature sensors. When 
a number of shutdown devices are fitted in the air intake, they 
must be able to give instant relief of pressures followed by 
non-return action in the direction of the open end and gradual 
gas path deflection. The number of shutdown devices or alarms 
could be different for unattended and usually attended engines. 


Shutdown Devices and Alarms 


3.5.1 Overspeed Shutdown Devices 


Any overspeed shutdown sensor should activate a shutdown 
device in the air intake (not shutdown the fuel system). There 
are two main types of overspeed shutdown devices activated by 
differential pressure in the air intake, or by a centrifugal speed 
sensor. From the point of view of reliability, the second type is 
preferable as once set to a certain speed it does not need 
readjustment with time. The differential pressure valve is very 
reliable when new and well maintained but in the author’s 
experience it fails to operate properly in nine cases out of ten 
when tested on engines which have been in service for sometime 
offshore. A differential pressure valve needs readjustment with 


time and the construction of the valve did not, in the past, make 
this easy. At present, there are differential pressure valves of an 
improved design on the industrial market, which can be 
adjusted without dismantling the induction system. The main 
advantage of differential pressure valves is their mechanical 
independence from the engine. 


3.5.2 Other Shutdown Devices 


High water temperature, and oil pressure failure sensors 
could activate the fuel rack of the engine in the ordinary way. 
This is considered to be sufficient and there is no need to fit the 
shutdown device for these conditions into the air intake. If the 
engine is normally attended visual or audible alarm on loss of oil 
pressure or high water temperature is sufficient. For some 
particular applications of diesel engines it is useful to have a 
remote manually operated emergency shutdown device in the 
air intake, such as the ‘‘Barber’’ Rig Saver. This is especially 
applicable for drilling engines. Remote and local controls of the 
engine should be installed so that the driller or engine operator 
can immediately shutdown the engine during a blow out or drill 
stem test. It is considered good engineering practice when 
temporary duty diesel engines have provision for the shutdown 
device to be connected to the emergency shutdown system of the 
platform (ESD). In this case diesel engines can be stopped 
together with the rest of the firing equipment on the platform, 
by pressing the ESD button in the control room or other 
designated location. Additionally, diesel engines should have a 
shutdown device activated by a high exhaust surface tem- 
perature sensor or high temperature of exhaust gases. 
Sometimes inert gas injection is used as an alternative to 
overspeed shutdown valves. This should operate automatically, 
activated by, for instance, a centrifugal overspeed sensor. 
When several shutdown devices are fitted in the air intake, the 
hydraulic characteristics of the induction system should be 
taken into consideration in order to avoid additional 
turbulence. 


3.6 Cooling of Exhaust Gases 


There are many proposals for the cooling of exhaust gases, 
but it seems that exhaust gas/water heat exchanges are the most 
effective and reliable as they reduce exhaust gas and exhaust 
manifold surface temperature at the same time and are quite 
simple in construction. The heat exchanger should be designed 
to be capable of reducing the exhaust gas temperatures to 
two-thirds of the auto-ignition temperature of expected gases 
involved. An example of a simple heat exchanger is the 
water-cooled manifold. An exhaust gas heat exchanger is part 
of an exhaust system at a point where the possibility of an 
explosion exists, therefore it should be designed to withstand a 
pressure of 10 bar. When an engine is modified for use offshore, 
the installation of the heat exchanger should satisfy engine 
manufacturers recommendations for back pressure and, usu- 
ally, heavy duty radiators are necessary. It is an advantage to 
have the engine protection designed for a known expected 
flammable mixture as in this case the heat exchanger may be 
smaller and cheaper. 

Interesting proposals have been put forward recently for the 
use of air cooled engines in hazardous areas by Weatherford 
Limited. Experiments carried out by this company and the 
Society on a small (40 kw) air cooled engine showed that cooling 
of the engine and exhaust gases to well below two-thirds of 
auto-ignition temperature can be achieved. Thermographs 
(Plate 2), showed that the hottest surface temperature of the 
engine parts did not exceed 200°C, and the maximum exhaust 
gas temperature was 250°C at full load driving a variable 
displacement hydraulic pump. However, this method of 
cooling exhaust gases and engine parts requires additional 
research with regard to the reliability of maintaining steady and 
sufficient air flow from the cooling fan as it depends on the speed 


of the engine, condition of the drive-belt and other factors. 
Speed can be held constant with variable displacement pumps. 
However, even on the basis of data already obtained from the 
above experiments, it is possible to conclude that for small 
engines (up to 50 kw), air cooling can be accepted provided that 
air flow reliability can be proved or the engine will be adequately 
protected from over heating if sudden air flow failure occurs. 

In the case of the Weatherford engine a simulated fan belt 
failure test was carried out (the belt was removed and engine was 
run for 20 minutes at full load on pump), and the temperature of 
exhaust gases was only 290°C maximum. This is mainly due to 
the overall derating of the engine by 50%. 


3.7 Considerations for Crank-Case Design 


Crank-cases with their vapourised lubricating-oil/air mix- 
tures always were considered as a potential cause of hazard as 
such a mixture in a particular range of concentration can 
explode and detonate. All that is needed to initiate such an 
explosion is a hot spot such as occurs in the event of bearing 
failure. 

By experiment, it was found that ignition in a crank-case can 
take place in two regions of temperatures-from 270°C to 350°C 
and above 400°C. After the ignition of oil mist/air the initial 
flame speed is approximately 0.3 m/second but this could rise to 
300 m/second with consequent pressure rise and explosion. In 
large and long crank-cases, detonation is possible with flame 
speeds up to 3000 m/second. Crank-cases should be designed to 
withstand the maximum pressure during an explosion and be 
treated as flameproof enclosures. Small engines normally have 
crank-case breathers which could act as pressure relieving 
devices as well. Engines with a crank-case volume of 0.5 m’ and 
above should have suitable relief valves. Crank-case breathers 
and relief valves should be fitted with individual flame arrestors 
designed to quench oil mist/air flames. 

Flame arrestors in engines for use in a hazardous Zone 2 area 
should not only quench explosive flames of oil mist/air 
mixtures, but also cool the gases after the flame arrestor to a 
temperature below the auto-ignition temperature of expected 
explosive gas/air mixture outside the crank-case. 

When an engine is equipped with an oil filler pipe and dipstick 
their covers should satisfy the requirements for explosion proof 
enclosures, ie. they must be of screw type with a minimum of 
five threads engaged when fully closed. 

Crank-case breathers should not be connected to air intakes 
for reasons described above. The combination of flame arrestor 
and non-return relief valve could be very effective as they 
constantly relieve excessive pressure, provide cooling of gases 
discharging from the engines and prevent air or gas/air 
mixtures entering the crank-case. 


3.8 Some Remarks on the Protection of Supercharged 
Engines 


The induction system of a supercharged engine has an air 
blower which could be a mechanical rotor-blade type or a radial 
air compressor driven by an exhaust gas turbine. There are a 
number of problems in the protection of the induction system of 
such engines and in the positioning of protective devices. Due to 
the existence of high velocity turbulent gas/air flow with 
pressures above atmospheric, the expected flame velocity and 
final explosive pressure could be much higher than in an 
ordinary engine. The risk of an explosion in a supercharged 
engine is greater, as a supercharger with very small clearances 
between rotors and casing and high flow resistance in the 
direction from the engine to the open end provide practically a 
closed system between engine and blower. It is possible to 
reduce the risk of explosion in this part of the system by 
by-passing the blower and releasing high explosive pressures 
through a relief valve and relief system connected to the 


upstream side of the blower. The relief valve should be set to 1.5 
times the maximum operational pressure of the blower and 
should be combined with a flame arrestor. A rotor-blade blower 
with radial clearances less than half of the quenching distance 
could be treated as a flame-trap. A radial turbocompressor 
cannot be treated in the same way, because flames could 
propagate through the compressor due to the existence of 
passages of larger dimensions than the quenching distance. 
Moreover, between the exhaust gas turbine and compressor a 
direct flame path can exist in the case of inefficient or worn seals. 
This could increase the probability of ignition in the air intake. 
In view of the above, it seems reasonable to locate a flame 
arrestor as shown in Table 8. 


Table8 Location of Flame Arrestors in Supercharged Engine 


Rotor blade 
type 
scavenge 
blower. 


In by-pass pipe 
together with relief 
valve. 


Induction 
System 


Turbocom- 
pressor 


Between the engine 
and blower. 


Exhaust System 


Exhaust gas 
turbine. 


Between gas turbine 
and open end of the 
exhaust pipe, as close 
as possible to the 
turbine. 


Location of the flame arrestor between the engine and 
turbo-blower is justified if it is assumed that ignition occurs on 
the engine side, but in this case the engine is unprotected if 
ignition occurs due to the failure of the seals. To locate a flame 
arrestor upstream of the turbo-blower cannot solve this 
problem either, as the engine is still not protected from 
explosion pressures. But in experience, failure of exhaust gas 
turbine seals occurs very rarely. Therefore, the probability of 
ignition through the seals is less than for ignition from the 
engine during the overlapping of valves. The locations of flame 
arrestors in supercharged engines as shown in Table 8 are based 
on the assumption of the more probable cases of ignition. In all 
other respects, protection of supercharged engines is the same 
as for engines without supercharging, but it should be noted 
that the risk of using a turbo-charged engine in hazardous areas 
is, in general, greater than for an engine without turbo-charg- 
ing. 


3.9 Protection from Other Sources of Hazard 


Electrical equipment, being potentially hazardous in itself, 
should not be used with diesel engines. Starting arrangements 
and controls of the engine should not be electrical. Pneumatic, 
hydraulic or manual arrangements are safer for these purposes. 

Reduction of the risk of ignition from static electricity is 
usually possible by using anti-static driving belts and special 
plastics for radiator fans incorporating some degree of 
conductivity. The risk of incendive sparking could be elimi- 
nated by avoiding the use of aluminimum alloy parts within the 
engine. However, parts which are not in contact with any 
moving parts, and are protected from mechanical damage (eg. 
oil filters) could be made from light metal alloy provided they 
are coated with a suitable epoxy paint. 

To avoid any hazards from cold starting arrangements (such 
as an ethylether cold start system) they should be fitted so as to 


prevent any leakage into the engine air intake during normal 
operation of the engine. It is preferable to have metal piping 
with a self-closing valve connected to the air intake, but the 
liquid reservoir should not be permanently connected to the 
system as cold-start is not used very frequently. The reservoir 
should be kept in a safe place and connected to the cold-starting 
system only when it is necessary to use it. 

The engine and associated piping must, as far as practicable, 
be free from vibration, as virbration may be the cause of loose 
joints in piping and frictional contact between engine parts. To 
reduce vibration to an acceptable level the engine should be well 
balanced and installed on resilient mounts. The piping system 
supports should also be designed to absorb vibration. 


3.10 Gas Detection Systems as a means of protection 


A dedicated gas detection system can be fitted to a diesel 
engine with the purpose of initiating alarm or shutdown of the 
engine depending upon the attended or normally not attended 
mode of operation. However, gas detection systems should be 
considered only as a secondary additional protection and 
should never be treated as a substitute for the protective 
arrangements as described above. The reliability and effective- 
ness of gas detection systems depends upon the number and 
correct position of gas sensors in the engine proximity or on the 
unit itself, the condition of air circulation in the engine 
proximity, the correct setting for a particular gas and other 
factors. In the case of transportable engines the location of gas 
sensors for the purpose of protection of diesel engines could be 
very difficult. Figures 5, 6 and 7 show some possible types of 
protection. 


Case A. Protection with gas detection system only. 


Gas 
detection 
system |down 


Flammable 
gas/air 
mixture 


Diesel engine 
without protection 
(source of ignition) 


Fig.5 Protection by gas detection system only 


In this case the logic system consists of three elements. Failure 
of the middle link-gas detection system immediately provides 
conditions for explosion since a flammable gas air mixture can 
come into contact with an unprotected diesel engine. Even with 
an efficient gas detection system a flammable mixture could 
come in contact with a hot surface or engine sparks at the same 
time as gas sensor detects gas. In any case, the probability of 
explosion for scheme A is very high. 


Case B. Diesel engine fully protected and providing no source 
of ignition. 
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Protected 
diesel engine 
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gas/air 
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Fig. 6 Fully protected diesel engine 


In case B the probability of explosion is very small since even 
if a flammable mixture reached the protected engine it will not 
provide a source of ignition. 


Case C. Protected diesel engine with a gas detection system as 
a secondary means of protection. 
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Fig. 7 Fully protected diesel engine with secondary gas 
detection system 


An explosive mixture can reach the protected engine and gas 
detector at the same time. Due to the engine being protected 
there is no immediate danger of explosion, but in order to 
eliminate prolonged contact the gas detection system initiates 
an alarm and the engine is shut down via the platform ESD 
System. 

Case A is considered the most unreliable of the three and this 
arrangement should be avoided. Case B is acceptable and Case 
Cis the most reliable of the three. It should be noted that diesel 
driven units, such as kill pumps, drilling engines and others 
which could operate in a condition of well control, should be 
protected as in Case C. 


4. PROPOSED INSPECTION, TESTING AND MARKING 

Every diesel engine intended for use in hazardous areas must 
be subjected to a thorough, initial examination and test and 
then regular inspections should be carried out at established 
intervals. Regular inspection and testing of engine safety 
arrangements, together with good regular maintenance are 
essential factors for assurance of safe operation of diesel 
engines in potentially flammable atmospheres. The regularity of 
inspection and testing of safety arrangements is determined not 
just by running hours, but mostly by the effect of the marine 
environment where safety devices may corrode and deteriorate 
even when the engine is not in use. Therefore, inspection should 
be ona yearly or half-yearly basis and should be determined for 
each engine individually in view of its design or modification 
and use. The regularity of inspection of transportable tempor- 
ary units should be monitored by an independent inspection 
authority, such as the Certifying Authority, in the same way as, 
for example the regularity of ships’ surveys is monitored. Every 
new and modified engine should be examined and tested initially 
and an initial certificate of inspection should be provided. 
Details of safety devices associated with the equipment must be 
recorded on the certificate, together with a statement regarding 
the suitability for use in a particular flammable atmosphere. An 
applicant for such a certificate should provide all relevant 
certification for equipment and devices used with the engine. 

Initial inspection should be carried out by an independent 
authority and include a thorough examination of the engine, 
piping systems and all safety arrangements, which should be in 
good order and correctly fitted. During this inspection the 
engine should be subjected to the following tests: 


1. Hydraulic pressure test for completely assembled exhaust 
and induction systems. When it is not possible to carry out 
such a test on the engine, it should be performed separately 
using a spare cylinder head, or in other simulated 
conditions. 


2. Overspeed shutdown device test. 


3. Measurement of surface temperatures under full load. 
Normally the engine needs to be running for about fifteen 
minutes on full load before measurements are taken. 


4. Tests of oil pressure failure, high water temperature, and 
other shutdown devices or alarm systems. 


5. Amplitude and frequency of vibration measurement. 


During subsequent re-examination, the Inspector must check 
initial arrangements, test safety devices and determine the 
condition of the safety equipment such as spark and flame 
arrestors. With satisfactory results of this inspection an 
endorsement on the initial certificate could be made for an 
extension of it’s validity for another established period. If a 
certified engine were subjected to further modification it should 
be re-tested according to the relevent sections of the initial test 
programme. An additional inspection and test by the Owner or 
Operator of the engine should be carried out after any 
transportation of the engine to ensure that no damage has 
occurred during transport. Suitable records of such inspections 
and maintenance must be kept. 

Marking of a protected engine is very important as it gives an 
indication to every responsible person of the protective 
arrangements and approved conditions of operation. A 
marking plate attached to the engine should include for example 
the following essential information: 


Engine serial No. 

Flame arrestor serial No. and size of aperture 

Spark arrestor serial No. and type 

Suitability for which temperature class (T1-Natural Gas) 
Date of Test 

LR Certificate No. and surveyor’s personal stamp. 


With acceptance of the proposed system, it would be possible 
to establish continuous control of safety for diesel units used 
offshore and withdraw engines which are not safe and not 
suitable for the intended purpose from operation in hazardous 
areas. 
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APPENDIX A 


Some examples of protection and associated remarks. 


Plate 1 


This hydraulic power pack is equipped with a Chalvin 
overspeed valve and flame arrestor in the air intake. Water 
cooled manifold and exhaust with all welded connections and 
spark arrestor. The cleaning or inspection of such spark 
arrestor is impossible as no provisions made for any 
maintenance. 


wer. 


sagen 
io+ 


A] ere Tb 


=? 


+ 
°o 
2 


Plate 2 


Thermograph of 40kw. air cooled engine on test. Various 
colours correspond to a different temperature of the engine 
parts. The hottest part is indicated by brilliant white isotherm 
dots, and the coldest in blue. Here the hottest point on the 
surface of the unit is the spark arrestor casing. The temperature 
was measured with thermocouples installed in accordance with 
the thermograph indicators. 


Plate 3 


Hydraulic power unit driven by Deutz, 5 cylinder 40kw air 
cooled diesel engine. 

Standard Deutz exhaust system additionally equipped with 
spark arrestor. Efficiency of standard joints on air intake and 
exhaust manifolds were established by pressure test to 10 bar. 
Small flame arrestor can be seen on the end of crankcase 
breather pipe, however, its location in the proximity of exhaust 
piping should be avoided. Red ESD button on control panel 
activates shutdown device in air intake. 
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APPENDIX B 


Symbols used in the test and calculations 


Applicable theory for protection of diesel engines 


Ignition 


E,,,, =minimum ignition energy 
\=thermal conductivity 
d=quenching diameter 
J, =specific volume of original mixture 
T, =initial temperature of the gas 
T, =final combustion temperature 
T,, =surface temperature 
q,, =local value of heat flux 
g = molar reaction enthalpy (heat of reaction) 
Ag=coefficient of influence of equivalence ratio on 
the overall rate of heat generation 
y =equivalence ratio 
R=motor gas constant 
f =‘‘function’’ 


Combustion and probable combustion regimes 


P =pressure 
v0 =specific volume 
E=specific energy 
U =velocity 
o =density 
H =enthalpy | 
T =temperature 
K =ratio of specific heats 
Q=heat of reaction of unit of gas 
C,,C, =speed of sound in original gas 
D =detonation velocity 
V.=flame velocity in deflagration 
Pexp = max. explosion pressure 
Texp = max. explosion temperature 
T, =final temperature of combustion 
©M, =number of moles after reaction 
©M, =number of moles before reaction 
R, =Reynold number 


of the gas entering combus- 

tion zone used with Suffix | 

and of combustion products 
- with Suffix 3. 

For initial parameters of 
original gas Suffix 0 is used. 
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d=pipe diameter 
U =average velocity of the gas 
v= kinematic viscosity 
L,,, = minimum length of pipe required for full 
development of turbulence or laminar flow 
M = Mach number 
D, =lossless detonation velocity 


D' =detonation velocity with losses 
AD =lost velocity 


P, ) _ pressure and temperature behind the shock- 
Ie, wave in lossless detonation 


1 
ae — pressure and temperature behind the shock- 
Ve wave in detonation with losses 


ie sh = Shock ignition temperature 


AH,° =standard heat of reaction 
AH, ‘= heat of reaction at combustion temperature 
Ce =specific heat at constant pressure 
C, =specific heat at constant volume 
Q,, =heat lost on heating of Nitrogen 
E, = dissociation energy 
Ke =equilibrium constant 
M, =mass of | k-mole of gas/air mixture 


g 
o = friction force 


f =coefficient =0083,/R, 

w=velcity of products of reaction 

c=local speed of sound 

q=thermal losses 

n=perimeter of a pipe/duct 

¢ =area of pipe/duct 

X, = distance along the pipe where reaction starts 

and is completed 

R=pipe radius 

y =ratio of specific heat at ambient condition for 
shock-wave relations 


3. Mechanism of flame quenching 


V = flame speed 

A= free area of arrestor 

U =thickness of arrestor 

d=hydraulic diameter of apperture; quenching 
distance 
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1E INTRODUCTION 


Nineteen years ago, the first steel platforms were installed in 
the southern North Sea and within five years of that time oil 
platforms were being designed for the deeper waters and 
harsher environment of the northern North Sea. 

Prior to 1970, most of these platforms were designed essentially 
on strength criteria only, based on existing Gulf of Mexico 
technology. The early discovery of cracks on some mobile drilling 
units and southern gas platforms led to a greater emphasis being 
placed on fatigue, which is nowadays recognised as being an 
important consideration for all offshore designs. 

This paper reviews the analytical design evolution that has 
occurred towards improving the resistance of these structures to 
fatigue in the light of service experience. 


2. THE STRUCTURAL PROBLEM 


The development of most offshore fields includes the 
requirement of a dry stable platform where drilling, produc- 
tion, flaring, storage, living quarters, personnel and material 
movement, or combinations of all these operations, can be 
effected. At a particular location this platform must be at a 
certain height above the water level, so that there is sufficient air 
gap to allow the free passage of the extreme storm waves 
without impact. The presence of the deck and equipment gives 
rise to gravity and wind forces. A lattice steel structure can be 
designed to transfer all these forces down to the sea bed and 
thence into the soil by piles. This structure itself picks up wave 
and current loadings, which are considerable and additive. 
Dependent on the water depth, several horizontal levels of 
framework must be provided to assist torsional rigidity and 
prevent warping of the external frame. Even at this stage of 
design several non-structural elements must be added to protect 
the structure, e.g. boat landing fenders, sacrificial anodes etc., 
which add further loads. 


Except for quarters platforms, the product (oil or gas) must also 
be brought up to and, after some processing, taken from the 
platform. Depending on the number and size of these conductors 
and risers the additional lateral forces due to wave and current 
action can be significant, Table 1. The conductors are supported at 
each horizontal level by frameworks which transfer their loads into 
the external shell framing. These horizontal framings themselves 
contribute further to the overall loading. Only lateral forces are 
transferred from the conductors, which can slide vertically 
through guides at each level, see Figure 1. 


Table 1 Percentage of total jacket wave loads on non- 


structural elements 


No. of 
conductors 


No. of 
risers 


Wave loads on 
conductors/risers (%) 


Platform 
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Fig. 1 Horizontal levels/conductor guide framing 


Generally, cylindrical members are used to keep drag forces 
low, but the shape of the conductor guides produces large drag 
coefficients especially in the vertical direction. 

The three-dimensional space frame described above is built 
onshore and will be subjected to local lifting forces at various 
stages during fabrication or when the completed structure is 
lifted or skidded onto a transportation barge. Members may be 
added to provide a launch frame lining up with the skid rails on 
the barge. On larger jackets, which overhang the barge across 
the beam, additional members will also be provided at the levels 
of horizontal framework. 

During transportation, the structure is subjected to motions and 
forces dependent on its mode of support and the environmental 
conditions encountered during tow. This design condition can be 
critical for many members in the platform, see Figure 2. Near the 
final location the jacket is launched and subjected to dynamically 
induced forces which vary throughout its trajectory to the sea bed. 
Lifting equipment may also be used to assist uprighting thereby 
imposing local hook loads. Throughout submergence, non- 
flooded and partially flooded members will be subjected to 
hydrostatic pressures. Even when finally on the sea bed there is a 
short period of time before piling commences and local loads are 
imposed by the mud mats resting on the sea bed and any additional 
ballast provided for on-bottom stability. 


Fig. 2 Member load ratio tow-out to extreme storm 


The structure will be subjected to about 5 x 10° waves every 
year for the 20-25 years lifetime of the field. During this period 
further additional loads will be imposed by the effect of marine 
fouling on the members, increases in deck weight, boat impact, 
dropped objects, etc. 

The structural problem to be solved has been outlined to 
illustrate how the initial straightforward objective has gradually 
grown in complexity to cover a range of different requirements, 
in many of which fatigue plays little or no part. 


3, STATIC STRENGTH 
3.1 Applied Loadings 


The basis of the engineering design of an offshore structure 
Starts with effective static strength criteria. The principal 
factors affecting the loading on the structure on location are 
those due to environmental phenomena (wind, waves, current, 


earthquakes, snow, ice and earth movement), ‘dead loads’ (the 
weight of permanent structures and equipment and hydrostatic 
pressures), ‘live loads’ (the weight of non-permanent structures 
and equipment) and other operations imparting loads of a 
temporary nature (crane usage, derrick loads, etc.). Environ- 
mental factors contain the most individual variations, for 
example: 


(i) waves, extreme storm heights and most probable periods, 
steepness, directional spectra and wave height exceedence 
probabilities; 

(ii) current, extreme velocities, directional occurrences and 
profile with depth; 


(iii) marine growth, accumulation and depth variation; 
(iv) water depth, astronomical tides and storm surges. 


To these variations must be added the probabilities of the 
combined occurrences of these phenomena. 

Wave forces are the most significant because of their 
magnitude and their cyclic nature. These oscillatory forces 
induce vibration of the structure and when the frequency of 
excitation is close to the natural frequency of the structure large 
dynamic amplifications are possible. However, for platforms 
with natural periods less than three seconds the wave and 
current loads are represented statically. Local member loads are 
a function of the member position and orientation, non- 
dimensional drag and inertia coefficients, diameter, wave 
height/period and water depth. 

From these parameters the wavelength and the local water 
particle velocities and accelerations may be calculated by 
several available wave theories, the most common of which is 
the Stokes fifth-order gravity wave theory.’ Loads are 
evaluated using the Morison equation™ with drag coefficients 
(0.6-1.0) and inertia coefficients (1.5-2.0). The variation of 
maximum local wave loading with water depth for a single 
typical member, see Figure 3, clearly shows the exponential 
decay from the surface to the sea bed. When considering an 
actual North Sea jacket, 55% of the total wave horizontal shear, 
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Fig.3 Member local wave loadings 
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Fig.4 Jacket wave horizontal shear distribution 
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& Fig.5 Jacket wave vertical force distribution 


Figure 4, and 90% of the vertical force, Figure 5, comes from 
the upper third of the subsea structure. In other words, the 
majority of the cyclic forces are applied to the members in this 
local area, the lower bracings and legs transferring these global 
loads down to the sea bed. 

Internal loads and stresses are computed using advanced 
finite element analysis techniques’ and the availability of 
large-core computers has made the modelling of steel jackets 
relatively straightforward, each physical member being re- 
presented by one or more finite elements, Figure 6. This view 
shows the vertical and horizontal framings and idealized deck. 
The additional launch truss members can also be seen in frames 
(a) and (b). 
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Fig.6 Jacket finite element model 


3.2 Allowable Stresses 


The most widely used publication for the strength allowables 
of tubular members in offshore jackets is the American 
Petroleum Institute (API) Recommended Practice for Plan- 
ning, Designing and Constructing Fixed Offshore Platforms. 
First issued in October 1969, the fifteenth edition was published 
in October 1984. Three separate strength criteria are set for 
tubular members: 

(i) Allowable stresses must not be exceeded at the ends and at 
all intermediate positions. These stresses arise from 
bending, beam shear, combined bending and axial load 


and hydrostatic pressure, and are limited if overall or local 
buckling tendencies prevail. In general, two levels of 
allowable stress are imposed, a basic allowable for 
operational conditions and an increase of one-third above 
this value for extreme design storm conditions. 

(ii) Member end connections ‘“‘should develop strength re- 
quired by design loads but not less than 50% of the effective 
strength of the member’’. The effective strength is defined 
as ‘‘the buckling load for members loaded in either tension 
or compression and as the yield load for members loaded 
primarily in tension’’ (API). 

(iii) Joint strength. 

Before addressing this last point it should be emphasized that 
the approach is based on the design philosophy that the joint, 
being more critical, should be of greater strength than all the 
individual members (chords and bracings) comprising it. 


3.3. Tubular Joint Strength 


Tubular joint strengths are based on test data and are 
dependent on the geometrical parameters, Figure 7, and 
method of loading, Figure 8. Several methods of failure have 
been observed; local post-buckling plastic failure of the chord, 
gross separation of the brace from the chord, brace buckling 
and global bending with shear failure in the chord. For most 
joints, complex interactions of these failure modes occur and 
empirical strength formulae have been developed to cover the 
large range of geometrical parameters, as shown in the 
histogram for 19 494 brace/chord intersections on 36 North Sea 
platforms, Figure 9. Naturally, the test data base is small 
compared with the variations shown above and this has led toa 
large number of different interpretations, most of which involve 
slight modifications to earlier editions of API. 

As indicated previously, the strength of tubular members is 
generally dictated by allowable stresses, but joint strength is 
defined by and limited to allowable brace load. There is 


Fig. 7 Joint geometrical parameters 
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Fig.9 Geometric parameters for 19 494 joints on North Sea 
jackets 


nevertheless an interdependence between joint strength and 
chord strength because the chord allowable stresses appear in 
the calculation of allowable brace loads. For simplicity all the 
formulae (API) are expressed in terms of effective allowable 
brace stresses, the joint classification and the geometrical 
parameters (see Appendix). 

Even for simple joints the internal distribution of stresses is 
complex. Considering the basic T joint, at low ratios of the 
brace-to-chord diameter, the axial load and in-plane and 
out-of-plane moments, Figure 10, are all initially accommodated 
by local bending of the chord. However, as the brace-to-chord 
diameter ratio 8 approaches unity, the chord local bending reduces 
and all load transfer is principally by shear. For intermediate 
values of 6 there is both shear and bending of of the chord. 

For Y joints, since only loads normal to the chord axis are 
considered, joints increase in strength as the angle decreases. A 
further increase in joint strength occurs as two Y braces form a K 
joint. In a K joint the loads in the braces balance in the same plane 
onthe same side of the chord and the net loads normal to the chord 
are zero. Local load transfer is by shear and local bending in the 
chord dependent on the gap between the braces. Further joint 
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Fig. 10 Simple T joint loading 


strength is achieved for axial loads in the braces as the gap is 
reduced and the braces overlap. It must be emphasized here that 
even though the effective joint strength improves, the member 
allowable stresses at the ends for all classifications of joints remain 
the same, and additionally the presence of any stress within the 
chord itself (chord utilization factor A) will reduce the overall joint 
strength (see also Appendix). 

Examination of each of the failure modes shows that tubular 
joints have a large reserve capacity beyond the point of first 
yield and the maximum stress over a local area at the 
intersection greatly exceeds the nominal stress in the brace 
member. Once yield stress at a point is reached, load shedding 
occurs to non-yielded areas. The connection begins to deform 
plastically but still continues to sustain increasing brace loads. 
Finally, at a load several times (2.5-8.0) that at first yield, the 
joint fails. Thus, a well detailed joint will possess, as far as static 
strength is concerned, sufficient post-elastic capacity to permit 
the redistribution of internal stresses regardless of the local 
elastic hot-spot stress. However, it is this local hot-spot stress 
that is critical from the fatigue aspect. In a linearly elastic 
system, failure would precipitate from this point and strength 
and fatigue would depend on the same parameter. With an 
elastic/plastic material such as steel, once yield is reached, 
strain rates accelerate and the subsequent chord ovalization and 
bending deflections radically change the initial linear internal 
stress distributions. 

A major difficulty has always been the representation of 
strength variation with joint type and the whole range of 
possible geometrical parameters. To overcome this, the joint 
strength for an axial brace load for all simple joints according to 
API has been plotted in terms of all the effective geometric 
parameters ((, y, 7) for different values of the chord utilization 
factor A on a consistent horizontal sliding scale to allow 
interpolation between all intermediate values, Figure 11. The 
values in the plot relate to the extreme storm condition and thus 
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Fig. 11 Equivalent brace stress, axial loads (API) 
0.1<8< 1.0, 10<y<40 


embody an increase in allowable stress; in other words, the axial 
brace nominal stress is limited to 0.8 times the yield stress. The 
increase in effective strength from a T joint to a 45°Y joint and 
then a 45°K joint is clearly shown. Note also that for certain 
geometric parameters and low chord nominal stresses, the joint 
can absorb several times the yield load in the brace. 

In the same manner the T joint strengths under in-plane and 
out-of-plane bending moments, Figure 12, show joint strengths 
well in excess of equivalent yield stress in the brace. For Y and K 
joints the effective allowable is increased by 1/sin@. For bending 
the maximum extreme stress allowable in the brace is 0.88 times 
the yield stress. It is significant that even with the chord working 
up to its own maximum stress allowable, e.g. with A = 1, many 
joint strength allowables, especially for the K joints, were 
effectively well above yield in the brace. On the other hand, 
when chord and brace thicknesses are equal, the joint strength 
tends to be the critical feature. 
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Fig. 12 Equivalent brace stress, bending loads (API) 
0.1<B6<1.0, 10<y<40 


3.4 Comparison of Strength Requirements 


Even though based on essentially the same test data base, the 
recently published ‘Design of Tubular Joints for Offshore 
Structures’ (hereafter referred to as UEG) tends to down- 
grade joint strength particularly because of the presence of 
nominal longitudinal stress in the chord. Blanket plots for the 
ratios of the strength of simple tubular joints required by the 


two publications, API and UEG, are presented in Figure 13 
using the strength equations in parametric form (see Appendix). 
Chord utilization factors greater than 0.5 could not be plotted 
on the same scale since ratios of 25 and above were obtained. In 
fact, for combinations of increasing A and y, the UEG 
formulae became invalid, followed closely by the API 
formulae. 

Ataconservative estimate there must be well over one million 
joints in offshore platforms worldwide designed to API criteria 
and, although there have been several member failures 
attributable to other causes,” there is little overall offshore 
service experience to substantiate the degree of down-rating 
recommended. 

In the southern North Sea fields individual waves have been 
measured with heights up to 75% of the maximum design value 
and it is more likely that platforms have actually experienced 
waves of greater height than this. 
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0.1<6<1.0, 10<y<40 
4. FATIGUE 


4.1 Background 


The sizing of members and joints for a single extreme event 
will provide some fatigue life. However it is necessary in design 
to ensure adequate life against fatigue failure. Initially the static 
and cyclic conditions can be narrowed by adopting the 
additional requirements of API for typical shallow-water 
structures. These impose a further limitation on peak nominal 
stress due to design environmental loadings. This approach can 


also be a useful first step for structures in deeper waters or 

frontier areas. 

Nevertheless it will be appreciated that the development of 
the design of a structure from the initial concept can be 
protracted and is governed by the knowledge and experience of 
the designer. An example which illustrates the problem facing 
the designer is the Shell Cognac platform in 300 m of water in 
the Gulf of Mexico. Simplified fatigue analyses and contingency 
provisions were made during the intial sizing of the members of 
this enormous and complex structure. It was anticipated that 
the final detailed fatigue analysis would not be completed 
before commencement of the fabrication of the structure.” 

The spectral fatigue analysis of a North Sea platform with 500 
primary members involves the evaluations of the endurances at 
some 16 000 locations requiring over 400 million calculations 
within the program.” The accuracy of any single calculation of 
fatigue life is dependent on a number of parameters including 
the description of the wave climate, the directional spectra, the 
complexity of the structural model, the selected drag and inertia 
force coefficients, the pile spring stiffness, the dynamic 
response, the hot-spot stress concentration factor (hot-spot 
SCF) and the relevant S-N curve. The published literature on 
each of these parameters is vast. It is proposed therefore to 
concentrate on the last two, ie, hot-spot SCF and appropriate 
S-N curve. 

Considering the allowable S-N curve, in some Codes 
reference is made to a factor of safety on the required life of a 
structure, e.g. a factor of two on service life. This factor is 
arbitrary because the true relationship between the calculated 
life of a joint and the actual fatigue endurance in service is 
controlled by probable variations in the estimation of each of 
the parameters governing the cyclic loadings on the members, 
the peak strain ranges at critical locations and the interpretation 
of resulting cumulative damage. 

For the first gas platforms installed in the southern sector of 
the North Sea in the 1960s, fatigue was not specifically 
considered and jackets were generally designed to API static 
strength criteria. However, some operators restricted maxi- 
mum stresses to operational levels and did not encroach on the 
additional one-third increase allowed in the code for storm 
conditions. Subsequently some fatigue cracking on conductor 
frame levels occured just below the mean water line and 
replacement conductor frames were fitted with local reinforce- 
ment. Gulf of Mexico experience is not readily available, 
although a recent publication” shows that this problem has not 
been confined to the North Sea “‘.. . at the — 7.3 m level, the 
entire conductor bay support structure had broken loose from 
the main legs of the platform and their horizontal bracing.”’ 
Fatigue analyses were carried out for the first northern North 
Sea platforms designed in the early 1970s. The following 
significant steps in evaluation of fatigue lives for fixed steel 
jackets were taken within the Society in 1971: 

(i) The wave height exceedence curve for this sector of the 
North Sea was based on data published by British 
Petroleum."” 

(ii) The procedure for assessing the life on the brace side of a 
tubular joint was based on early fatigue tests such as those 
performed on tubular joints at Sheffield University. Use 
was also made of British Standard 153 curve F and a 
geometrical stress concentration factor of 2.8-3.0. 

(iii) A table was drawn up of all factors affecting fatigue life at 
that time.” In addition a correlation study was made on 
known fatigue cracking on a semi-submersible. 

(iv) A careful engineering assessment was made of each factor 
to ensure that the design would include assumptions which 
were neither totally conservative nor unconservative. 

Computer programs were formulated so that the lives of all 
relevant joints in a platform structure were appraised. Soon 
after assessments had been made of a number of structures 
using the programs, the Society was criticized publicly for 


‘pessimistic’ reports on new designs of structures. It was alleged 
that the society estimated the fatigue lives of some joints as an 
order of magnitude below those of the designers. It was clear 
that the principal causes for the differences lay in the treatments 
of the hot-spot SCFs of tubular joints and the associated 
allowable S-N curves. Immediately afterwards the Society held 
meetings in London with Mr P. W. Marshall from Shell 
Houston. All available data on the fatigue of tubular and other 
types of welded joints were analysed to produce a hot-spot 
strain range against number of cycles allowable design curve. 
Marshall referred to this as the Lloyd’s allowable design curve 
and it formed the basis of the AWS and the Department of 
Energy requirements. It was also agreed at the meetings that 
when appropriate the ‘punching shear’ S-N curves developed 
by Marshall could be accepted as an alternative. Thus the first 
actions were taken to standardize the procedure for the 
calculation of the acceptable fatigue life of a joint in a real 
structure. Lloyd’s Register implemented forthwith the agree- 
ments and instituted a research project to quantify the hot-spot 
SCFs for ranges of different types of tubular joints. At the same 
time the Department of Energy was informed that fatigue tests 
should be made on the larger sizes of welded tubular joints, 
more representative of actual constructions, to establish fully 
the validity of the S-N curve. 

A hot-spot strain range against number of cycles allowable 
curve should be used in conjunction with specified hot-spot 
SCFs covering the different geometries of the tubular joints 
used in design. Unfortunately there are no agreed standard 
factors. Lloyd’s Register prefers those attributable to Words- 
worth and Smedley. The implications of this decision will now 
be considered. 


4.2 Stress Concentration Factors 


The stress concentration factor at any point ona tubular joint 
will be dependent not only on its loading and geometrical 
configuration but also the position of all bracings forming the 
joint, irrespective of whether they are loaded. The finite element 
model, Figure 14, was developed for a particular North Sea 
joint which had suffered fatigue damage. The mesh consisted of 
4500 elements and an equivalent number of nodes. Processing 
time on an IBM 3081 KX computer for this single analysis was 
over two and a half hours, so this approach cannot be 
realistically applied to every joint in a jacket. As with static 
strength, parametric formulae are therefore used to calculate 
stress concentration factors (SCF) for the range of geometrical 
parameters and joint types. 


Fig. 14 Complex joint, finite element model 


Even though the fatigue life varies inversely with the SCF to 
the power of at least 3, the Department of Energy Guidance 
Notes‘? do not specify the parametric equations to be used with 
their published joint S-N curve and so a study was conducted to 
quantify the fatigue lives calculated both from the Words- 
worth/Smedley"® and Kuang") formulae. The former are 
based on acrylic model tests while the latter are computed from 
finite element analysis and are the most widely used for 
platforms in the UK North Sea. 

The Kuang equations relating to the brace SCFs have been 
modified for outer surface stresses rather than mid-plane 
stresses." Both sets of formulae are valid over different ranges 
of geometric parameters so the blanket plots shown in Figures 
15, 16 and 17 have been restricted to the common range, Table 
2. The SCFs for both the chord and brace sides were computed 
and the maximum values for both compared to produce a 
fatigue life factor, ie, (Wordsworth/Smedley SCF)/(Kuang 
SCF) to the power 3. For axial loading Wordsworth/Smedley 
quote SCFs not only for chord and brace sides but also for 
crown and saddle points for each side. Therefore all four SCFs 
were calculated and the maximum value taken. 

Note that for the majority of configurations the Kuang 
formulae produce lower SCFs or higher calculated fatigue lives, 
the most significant difference being for multiple braces with 
out-of-plane bending moments, consistent with some of the 
fatigue failures reported in the North Sea.” It must be 
emphasized that Kuang does not give specific formulae for K 
and KT joints under out-of-plane bending. It is the use of Y 
formulae for this type of loading that is referred to here. In 
general for all types of loading the highest SCF occurs in the 
brace side when the chord is four times the brace thickness and 
in the chord sides as the brace thickness increases in relation to 
the chord. However, for T joints and Y joints subject to axial 
loading, Wordsworth/Smedley predict the highest SCF in the 
chord side even when the brace thicknesses are small. 

Of particular interest is out-of-plane bending. Both API and 
UEG strength formula and Kuang SCF treat Y and K joints''” as 
equal, yet for equal sign moments on both braces of a K joint the 
Wordsworth/Smedley SCF is increased and the fatigue life 
reduced, particularly for low gaps and KT joint braces, Figure 15. 
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Fig. 15 KT joint fatigue life factor 
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Wordsworth/ 
Parameter Smedley Common 


0.13<8<1.0 0.3<8<0.8 0.3<8<0.8 


12<y<32 8<y7<33 12<y7<32 
0.25<7< 1.0 0.2<7<0.8 0:25,,0.5,50.75 
30° <6< 90° 30° <6@< 90° 45° and 90° 

8<a<40 T<a<40 20 and 40 
O0<g/D<2 0.0l<g/D<1.0 | 0.01 and 1.0 


* for out-of plane bending, 0.75 is the maximum value for 8. Therefore, 0.3 <8<0.7 
was run for common range. 


It can be argued that a well designed joint with good strength 
characteristics will also have low stress concentration factors 
and that parameters effecting joint strength, such as the 
dot kene) Coed ing presence of chord stress, will also effect the fatigue life. Even 
though the trends are obviously present, Figure 18, these are 
distorted by the plastic yielding at the joint. It is evident that 
more attention must be paid to the influence of loadings on 
chord members on the hot-spot SCFs at brace connections. 
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Fig. 18 T joint strength and SCF, axial loads 


4.3 S—-N Curves 


The 1972 edition of the American Welding Society (AWS) 

appt aneyioad ita Code D1" was the first recognized standard to quote 
eens requirements incorporating allowable endurance curves (hot- 
spot strain range against N curves) for the design of tubular 
joints against fatigue failure. As shown in Figure 19, the later 
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Fig. 19 S-N curves, tubular joints. (——) Department of 
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allowable endurance XX curve of API for example was similar 
to the Q curve in the 1977 edition of the Guidance provided by 
UK Department of Energy. Application of the XX curve to the 
design of tubular joints necessitated the use of reliable hot-spot 
SCFs and a cumulative damage ratio” not exceeding 0.5 (ie, a 
factor of safety of 2 on the service life). These allowable curves 
(XX and Q) were derived from fatigue tests to failure on 
relatively small specimens and were lower bound values. 

The 1984 amendment to the UK Guidance contained the 
modified T(basic) allowable S-N relationship, Figure 19. The 
following changes had been effected: 

(i) Between 40 000 and 10 million cycles, the inverse slope (log 
N against log S) was reduced to 3.0. 


(ii) From the fatigue test data on small and large welded 
tubular joints, the failure condition was now acrack which 
penetrated the relevant member. 


(iii) The allowable endurance was the mean minus two 
standard deviations of the selected test results; the resulting 
allowable S-N curve was used in conjunction with a 
cumulative damage ratio equal to unity. 

(iv) A correction for thickness was quantified. 


(v) While the application of the T curve to the design of an 
actual tubular joint demanded the use of an appropriate 
hot-spot SCF, the Guidance Notes did not specify any 
preferred and consistent series of SCFs. As shown later in 
this paper, the omission is a serious weakness in the 
application of the Guidance. 

Figure 19 shows that the T curve crosses the earlier Q curve 
(the exact cross-over is dependent on the thickness of a member 
of the tubular joint). The effects of the change of slope are a 
relaxation in the allowable at lower endurances and an 
increasing penalty at higher endurances. Service experience 
indicates that fatigue fractures of structural members have had 
serious consequences to mobile offshore units. Peak fatigue 
damage in members (connections and attachments) of such 
units is in the lower cycle range. Preference therefore is for a 
specified factor of safety on endurance for the original Q curve. 
This alternative would have retained a higher factor on life for 
a member of a mobile unit and cover at the same time for the 
higher endurance appropriate to a fixed tubular structure of a 
platform that has in any case inherent redundancy. 

The T(basic) curve relates to a chord thickness of 32 mm. 
Neglecting the change of slope of the T curve above 10 million 
cycles, a reduction in chord thickness to 22 mm will increase the 
design life of a joint by 32%; an increase in thickness of 100 mm 
will reduce the life by 57%. 

The questions of importance are: 

(a) For tubular joints is there a true thickness effect on fatigue 
endurance? 

(b) Is the thickness effect governed solely by the thickness of 
the chord member? 


4.4 Thickness Effect in Fatigue 


Much of the test data relating to thick sections is of a 
confidential nature and therefore only published data can be 
referenced here. The most up-to-date document is the back- 
ground report by a specialist Drafting Panel appointed by the 
Department of Energy.°” The data base comprises only 64 
specimens with chord wall thicknesses varying from 16 to 75 
mm. Fifty four of these specimens were for 16 and 32 mm chord 
thicknesses. These data show a reduction in fatigue life with 
thickness, which is more significant if test results of earlier 6.3 
mm specimens are included, Figure 20. A marked feature of 
these curves is a clockwise rotation of the S-N curve as the 
thickness is increased, Table 3. It can be seen that the average 
slope for the 16 mm data is approximately 3.3. If analysed as a 
single block of 38 specimens a slope of 2.9 would be obtained. 
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Fig. 20 Tubular joint fatigue test results 


Table 3 Tubular joints, slopes of S-N curves 


Thick- 
ness 
(mm) Japanese UKOSRP Average 

— 


4.1 Axial| 4.5 4.1 
3.6 IPB 


3.2 Initiation | 4.89 Axial 


4.1 Failure 


4.1 initiation 
3.2 Failure 


On analysis of the data with specimens separated by loading 
conditions (axial, in-plane and out-of-plane), the three in- 
dividual slopes are all greater than 3.0. 

Tests have also been carried out in Japan®” on 59 T joints 
quoting fatigue lives for initial and final joint failure. The 
results have been presented for two sets of chord wall 
thicknesses: T7< 12.4 mm and 17.7<7 (mm) <25. Regression 
lines on these two sets of data do not show a decrease in fatigue 
life with increasing thickness. In fact the mean line for T7< 12.4 
mm lies below the mean line for thicker joints for endurances 
below 1x 10°. Again as in the European data there exists a 
distinctive slope change from m = 4.1 for 7<12.4mmtom = 
3.2 for 12.7< T(mm) < 25.0, which is consistent with the order 
of slope change found in the European data. Therefore, in 
trying to deduce a scale effect in the Japanese data this is highly 
dependent on the exact number of endurances sampled. 

This relative slope change and reduction in fatigue life found 
in the tubulars has also been seen in cruciform and T butt 
connections. Data has been presented showing how S-N curves 
can change with specimen geometry.” For example, a plane 
plate where the thickness is not specified shows quite obviously 
improved fatigue performance over that seen in welded joints. 
The plane plate generally exhibits a slope component well in 
excess of 3 depending on the method of surface preparation. 
When a weld or welded attachment is introduced the fatigue life 
will reduce in a manner dependent on the type of connection. 
For example, a transverse butt weld will exhibit appreciably 
improved fatigue performance over that of a longitudinally 
loaded fillet weld. The longitudinal fillet welded geometry will 
exhibit a slope of approximately 3 whereas the transverse weld, 


apart from showing improved fatigue performance, will exhibit 
a steeper slope. 

The factors likely to cause this reduction in fatigue life when 
moving from plane plates to welded connections are an increase 
in the specimen’s SCF accompanied by an increase in the tensile 
residual stress field at the weld toe. In effect they increase the 
rate of fatigue crack propagation. 

Once the residual stress field has reached the material yield 
stress the slope change might be expected to saturate itself and 
the subsequent reduction in life to be caused by an increase in 
the SCF. 

Similar trends have been experienced in T butt connections 
when a reduction in fatigue life occurs accompanied by a 
rotation of the S-N curve to a slope of 3.0, Table 4. 


Table 4 Flat plate, slopes of S-V curves 


Norwegian Average 


Thickness 
(mm) UKOSRP 


‘95(PWHT) 


If residual stresses are accentuating the observed size effects, 

then any process that can help reduce the level of these stresses 
will produce an improved fatigue life. The benefit obtained 
from post-weld heat treatment (PWHT) is dependent on the 
level of mean stress. In general, the change due to PWHT 
produces an apparent negative thickness effect. For fixed steel 
offshore platforms, the fatigue damage is more likely to take 
place at the high-cycle/low-stress regime. The stress range 
exceedence curve for a typical joint in a North Sea platform, 
Figure 21, shows that maximum damage for a 100 year 
spectrum occurs for wave heights between 1.5 and 3 m with peak 
damage, Figure 22, at 55 N/mm’ at 2 x 10’ cycles. Thus PWHT 
is likely to produce a significant improvement in life. 
The benefit is at least of the same order as that imposed by the 
thickness correction. An example of this is provided in Ref. 20, 
where results for 13 mm thick non-load-carrying fillet weld 
specimens are presented. Clearly PWHT can enhance the 
fatigue endurance as well as the resistance to brittle fracture. 

In the USA it has also been appreciated that a decrease in 
fatigue life will occur if a welded connection is simply scaled up. 
In order to offset any reduction in fatigue strength API have set 
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Fig. 21 Stress range exceedence, North Sea joint 
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Fig. 22 Fatigue damage distribution, North Sea joint 


standards for control of the weld profile. For instance the API 
X’X’ curve can be used on standard weld profiles and the XX 
curve applied to joints with improved profile, Figure 19. As the 
thickness of a joint increases so does the degree of weld 
profiling, ie, shaping the weld to blend gently into the chord and 
brace members will give increased fatigue life. 

It has also been shown by fracture mechanics™ that if a 
joint is scaled up with the weld angle remaining constant then a 
distinct reduction in fatigue life is observed, Figure 23. If, 
however, the weld toe angle is reduced with increasing plate 
thickness then this reduction in fatigue life can be halted, as 
indicated by the dashed line. 

Since fatigue cracks in welded structures tend to initiate at the 
weld toe it seems sensible to reduce the SCF at this location or to 
increase the leg length of the weld (ie, provide compensation). 
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Fig. 23 Fatigue life variation with weld profile and thickness fm) 


Recent tests on non-load-carrying plate connections have not 
produced significant increases. In the Department of Energy’s 
recent background document,” the fatigue lives of tubular 
joints having acceptable profiles are compared with those 
having unacceptable profiles. 

There do not appear to be any discernible trends. This is 
probably a result of the insufficient difference between the 
profiles of the welds for the two groups of joints. An important 
result is from the 76 mm joint tested by the French which has a 
distinctive steep weld profile. 


4.5 Ratio of Attachment Size to Main Plate Dimensions 


Investigations are being carried out into determining the 
effect of the brace attachment thickness on the ‘thickness 
effect’, but unfortunately some of the latest results remain 
confidential. However, fatigue strength test results for fillet 
welded cruciform specimens varying both main plate and 
attachment plate thickness were first published in 1978.°° The 
reduction in fatigue strength, Figure 24, fora 25 mm main plate 
witha 25 mm attachment to an 80 mm main plate with an 80mm 
attachment is between 12 and 14%, whereas if only the main 
plate is increased with a constant 25 mm attachment the fatigue 
strength varies between —4% and +3%, dependent on weld 
length. In fatigue terms there is no change. It can also be seen 
that as the ratio of attachment plate thickness (7) to main plate 
thickness increases, the fatigue strength decreases. Yet most 
researchers persist with fatigue tests on cruciform and other 
types of welded joints with member thickness ratios approach- 
ing unity. Figure 24 also shows that for a cruciform specimen 
the size of the weld has a significant influence on fatigue strength 
irrespective of the ratio. 
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Fig. 24 Fatigue strength variation with main plate and 
attachment thickness 


From the above it is desirable that fatigue test data and code 
requirements relate to the parameters of joints of actual 
structures. A survey of 19494 tubular brace/chord intersections 
in North Sea structures is summarized in Figure 25. The trend is 
for the brace-to-chord thickness ratio to decrease with 
increasing chord thickness. Since chord thickness alone does 
not control the ‘thickness effect’ in fatigue, the Guidance of the 
Department of Energy does not present a true picture for the 
designer. At present, Lloyd’s Register is investigating by finite 
element techniques, Figure 26, the effects of the thicknesses of 
members forming a welded joint, the size and angle of the weld, 
etc. Results will be checked by tests on steel models and by 
photoelastic determinations. The objective of the research is to 
rationalize the criteria for design against fatigue failure. 
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Fig.25 Brace thickness/chord thickness range, North Sea 
platforms 


Fig. 26 FE models of French joint tests. Upper, free 
ends; lower, fixed end. Left-hand side, axial tension; 
right-hand side, in-plane bending 


4.6 Other Considerations in the Fatigue of Tubular Joints 


The data base of fatigue tests on welded tubular joints is small 
and covers few of the configurations found in even a single 
structure in the North Sea. These limitations as well as the 
constraints imposed by the fatigue testing facilities demand that 
the result of each test must be rigorously investigated before 
reliable interpretations can be made. The following two cases 
are cited as examples. 


Example | 

For T joints with out-of-plane bending and 6 = 1.0, the data 
base for the Department of Energy drafting panel excludes 
specimens below 6.3 mm thick while these are included by VEG. 


Table5 T joint, 6 = 1 test results and calculated SCFs’ 


Measured 
SCF 


Chord 


, Wordsworth/Smedley 
Specimen SCF Failure 
number 


Brace Chord Brace 


7.8(10.5)  5.9(7.9) 
5.9(7.9) 
5.9(7.9) 
3.7(5.0) 
3.7(5.0) 
3.7(5.0) 


7.8(10.5) 
7.9(10.5) 
4.3(5.8) 
4.3(5.8) 
4.3(5.8) 


*Underlining denotes the maximum value and the values in parentheses are those 
recommended by UEG. 


The results for the six specimens with (chord diameter)/(brace 

diameter) = 1, together with the Wordsworth/Smedley SCF 

and the proposed modification by UEG, are shown in Table 5. 

Several points are worth noting: 

(i) The experimental nominal stress range is based on the 
measured nominal strain on the brace at points ex- 
trapolated to the chord upper surface (crown). The 
hot-spot stress is taken as 1.1 (Department of Energy) or 
1.2 (UEG) times the extrapolated measured hot-spot 
strain. From these two extrapolations the hot-spot stress 
concentration factor is derived. 


The Wordsworth/Smedley SCFs are critical for the chords 
on all specimens and for every case are higher than the 
experimentally measured chord SCFs. 

(iii) All specimens failed in the chord. 


(iv) In five out of the six specimens the maximum experiment- 
ally measured SCF was in the brace, which did not fail. 


The inclusion of the 6.3 mm thick specimens and the analysis 
of the 12 specimens prompted modifications to the Word- 
sworth/Smedley formula giving an increased SCF for 8= 1.0 
and a reduction in life of nearly eight compared with the test 
results. Note that all codes allow an increase in joint strength for 
out-of-plane bending at the higher values of 8. 


(ii) 


Example 2 

The axial and in-plane bending FE series’ contains the 
largest steel specimens with chord diameters of 1276 mm and 
chord thicknesses of 75 mm. In addition to poor weld profiles in 
the experimental set-up of the test models two 70 mm thick 
plates were welded to the chord ends and the ratio of chord 
length to chord diameter was only 1.567. Two boundary 
conditions were simulated in finite element models, Figure 27, 
one allowing the chord ends to ovalize and the other keeping 


Fig. 27 FE model of bending test specimen 


them circular, representing the constraint of the end plates. The 
results are presented in Table 6 and clearly demonstrate the 
effect of these end plates on the measured stress concentration 
factors and explain the large difference between the Words- 
worth/Smedley calculated SCFs and test results. 


Table 6 SCF finite element and test results, 75 mm chord 
specimen 


Fixed chord 
ends 


Free chord 


Chord Brace \Chord Brace 


Axial 
In-plane 


Axial 
Axial 


Finite element 


French FE 
test 


French FE 
test 


In-plane 
In-plane 


Axial 
Axial 
In-plane 
In-plane 


Parametric Wordsworth 

equations Kuang 
Wordsworth 
Kuang 


Je THE FUTURE 


It is emphasized that in appraising the design of an offshore 
platform structure, the fatigue life of each joint is calculated by 
Lloyd’s Register using the latest available data and techniques. 
In service neither these structures nor any other of similar type 
has been a total loss as a consequence of fatigue failures. 
However, a few fatigue cracks have been detected in the 
conductor frame areas of a number of the large production 
platforms. These fatigue failures were similar to those in the 
earlier platforms installed in the southern North Sea gas fields. 
The positions of the fatigue cracks in the conductor frame areas 
indicated failure by cyclic out-of-plane bending and axial loads 
arising from vertical and horizontal wave loadings. The cracks 
were in T and KT joints and joints with overlapping braces. 

Isolated fatigue cracks are now being found in other areas. 
During 1984 three local fatigue cracks in main structural 
locations were found on three platforms. It is significant that 
only one of these defects was at a brace/chord intersection. The 
other two were in butt welds in horizontal brace members, one 
of which was at a position where the brace was blended to a 
thicker end stub (about 52% change of thickness). However, it 
is probable that both cracks were associated with initial faults 
during the fabrication of the single-sided butt welds.” 

In all of the few fatigue cracks that have been found in 
structures, only one was in a thick chord member (50 mm), the 
remainder being in chords of lesser thicknesses. The only other 
damage, again in the upper third of the jacket, has been due to 
boat impact or dropped objects with no incident of static 
strength failure. The above must be viewed in the context of the 
many miles of welding at circumferential and longitudinal butt 
joints and brace/chord intersections. 

It is apparent that substantial advances have been made in the 
design of welded tubular structures. The problems which have 
to be tackled urgently are the unification of Code requirements, 
regulations and guidance, on a rational basis. Such action is 
vital not only to initial design but also to requirements for the 
periodic inspection of offshore structures. 

A further consequence of the new regulations concerns the 
in-service underwater inspection, which is expensive, hazar- 
dous and cannot be performed on all joints in every structure. 
For practical reasons, therefore, an order of priority is generally 
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established which includes those joints with minimum cal- 
culated fatigue lives. In a recent re-analysis of an existing North 
Sea platform for both the Q curve and the T curve with 
‘thickness effect’, the three most critical joints for the former 
were all under 50 mm thick while for the latter these were 
replaced by other joints thicker than 50mm."” significantly, for 
this platform, joints with chord thicknesses above 70 mm were 
not among the most critical 12 joints for either fatigue curve. Of 
the 19 494 brace/chord intersections on 36 North Sea platforms 
previously considered, 10 845 have chord thicknesses greater 
than 32 mm, Figure 28. Notwithstanding the above, the fatigue 
performance of North Sea platforms is continuously correlated 
against the current Guidance Notes within the Society, in 
conjunction with and supported by the Department of Energy. 
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Fig. 28 Chord thickness histogram for 19 494 joints 
on North Sea platforms 
6. CONCLUSIONS 


Since the early 1970s major advances have been made in 
techniques for the design of welded tubular structures. Yet to 
some extent the designer has been hampered in recent years by 
interpretations of research that have failed to provide answers 
to pertinent problems and in some cases have departed from 
reality. There is a need in engineering to bridge the gap between 
research and practice. The designer should not be placed in a 
position of having to choose between different requirements of 
Codes and different interpretations of the same research data. 
Inevitably the result will not be in the best interests of safety and 
reliability in service. 

Design codes evolve by industrial practice and are gradually 
modified by the success or otherwise of service experience. This 
applies equally well to offshore structures. Extrapolation of 
code requirements to account for different environmental or 
operational conditions requires careful engineering judgement 
otherwise the delicate balance between the provisions for static 
strength and those for valid fatigue life will be upset. The 
former determine the basic scantlings of the structure while the 
latter impose modifications of varying degrees. If the balance is 
upset, the preliminary fatigue assessment during initial design 
will become more critical and tax the ingenuity of the designer. 

Much recent research on tubular joints has been confined to 
fatigue tests of simple forms (eg, T, X and Y joints). Different 
interpretations of the results must be resolved by thorough and 
careful re-analysis of the data. More guidance must also be 
given to techniques and procedures which enhance the 
endurances of the joints. Such information must quantify the 
improvement in life. 

Although there is a need, based on service experience, to 
reassess the allowable static strength of some tubular joints, the 
main effort of future research must continue to concentrate on 
extending the requirements for the avoidance of fatigue failure 
to multi-brace configurations including load interactions 
between the different braces. 
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APPENDIX 


Strength Parametric Equations 


Allowable joint capacities in terms of nominal brace loads, 
according to Ref. 4, are: 


p a QQFT 
1.7 sin@ 


M,~ 22,7? 08d) 
1.7sin6 


where P. is the allowable capacity for brace axial load, M, is the 
allowable capacity for brace in-plane and out-of-plane bending 
moment, Q, is the ultimate strength factor which varies with the 
joint and the load type, Q, is a factor to account for the presence 
of nominal longitudinal stress in the chord and is equal to 
1.0 - \yA’, where \ = 0.030 for brace axial stress, 0.045 for 
brace in-plane bending stress and 0.021 for brace out-of-plane 
bending stress 


ac Caxton Fie! 
0.6F, 


(the denominator is increased by one-third for extreme storm 
conditions), 7, , f,,, and f,,, are the nominal axial, in-plane 
bending and out-of-plane bending stresses, respectively, in the 
chord, Q,= 1.0 when all extreme fibre stresses in the chord are 
tensile, 1 is the yield strength of the chord member at the joint 
(or 2/3 the tensile strength if less), Tis the chord thickness, d is 
the diameter of the brace member and @ is the angle between the 
brace and chord. 

Allowable joint capacities in terms of nominal brace stresses, 
based on the above equations of Ref. 4, are: 


0.6F. 
o, (axial stress) = oo 
o, (in-plane bending stress) Bt ON-; 
2aByrsind 
3.2 0.6F. 
o, (out-of-plane bending stress) = 3.20,0,0.6F, 
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where o, is the allowable capacity for brace stress, 8 = d/D, 
y = D/2T, + = t/T and D is the diameter of the chord. The 
meaning of other parameters is the same as above. Values of Q, 
are given in Table 7, where 

Q, = 1.0 for B<0.6 

Q, =0.3/8(1 - 0.8338) for 8>0.6 

Q, =1.8 — 0.1g/T for y<20 

Q, = 1.8 - 4g/D for y>20 

and Q, must be > 1.0 in all cases. 


Table 7 Values for Q, 


Type of loading 


In-plane 
bending 


Out-of-plane 


Type of joint bending 


(3.4 + 198)Q, 


3.44198 (3.4 + 78)Q, 


3.4 + 198 


Allowable joint capacities in terms of nominal brace loads, 
according to Ref. 6, using the API RP 2A notations shown 
above are: 
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where Q, is the coefficient for various joint design classifica- 
tions, Q, is a design factor for the presence of loads in the chord 
and is equal to 1-0.05yU*. For chord axial stress only U = 
P/\.9DTF, and is the equivalent of 0.992A (Ref. 4) and for 
chord bending stress only U = 4.8M/1.9D° TF. and is the 
equivalent of 1.19A (Ref. 4), where P and M are the nominal 
axial and bending loads in the chord. The value of F, is assumed 
to be the same as defined in Ref. 4. The meaning of other 
parameters is the same as given above. 

In order to derive the above equations in the format of Ref. 4, 
the characteristic strength formulae from Section A.5.4.1.2 of 
the UEG Report have been multiplied with the Q, factor (see 
Section A.5.4.1.5 of Ref. 6) and divided by a global safety 
factor of 1.78. 

Allowable joint capacities in terms of nominal brace stresses, 
based on the above equations of Ref. 6, are: 
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a, (in-plane bending stress) ~927 9,0/F, 
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Values of Q, are given in Table 8, where Q’, = 1.0 for 6 < 0.6, 
Q’, = [0.3/8(1 — 0.8336)] for 8 > 0.6, and the meaning of 
different parameters is the same as defined above. 


Table 8 Values for Q, 


Type of loading 


Axial 
tension 


| Axial 
compression 


(1.9-6g/D)Q’,,' 
?,,' 


1.6(1.9-6g/D)Q’,' 
1.6Q’,' 
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